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By L. 


The evaluation of structural materials for airframes is 
based on the strength/density ratio or, more precisely, the 
ultimate strength/density ratio, the compressive yield 
strength/density ratio, and the structural indexes for 
plates and columns. The structural indexes developed for 
plate elements have, in the past, been based on the formula 


1 


E,'/ 


The application of this relationship to complex sections 
depends on the weighted average of the various plate ele- 
ments that constitute the section and on the proper selec- 
tion of their end fixities. Past experience indicates that 
this method is often unreliable and does not predict the 
failing load of the section, since the formula predicts only 
the stress at which the first buckle occurs in each respec- 
tive element. A new method of predicting the failing load 
of a section in compression was suggested in 1954 by R. A. 
Needham. His method has been used to develop a new 
structural index for the evaluation of the strength/density 
ratio of materials in compression. In this report, this new 
structural index 


is compared with the results of compression tests on 
aluminum sections at room temperature, and similar 
tests on titanium-alloy angles and channels at room and 
elevated temperatures. The aluminum test data are from 
Needham’s report; the titanium-alloy test data were sup- 
plied by Convair (San Diego) and Boeing (Seattle). Ex- 
cellent agreement is obtained in all cases. It is believed 
that the new structural index will provide a reliable 
method of evaluating the elevated-temperature per- 
_ formance of materials such as titanium, in comparison 
with other materials, when only the compressive stress- 
strain curves are available at each temperature. m 


INTRODUCTION 


industry, it is necessary to go through a period in which the 
know-how acquired over years of experience with “familiar’’ 
_ materials is translated in terms of the new alloys being considered. 


LT the process of introducing any new alloy in the airframe 
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The translation is never complete until the behavior of actual 
structural components made from the new alloy is understood as 
fully as is that of components made from conventional alloys. 
At early stages in the introduction of a new alloy there is always 
a period during which there is neither enough of the “new” alloy 
available to make all of the structural components that eventually 


must be tested in order to integrate the material into the back- - 
ground of previous experience, nor is there sufficient time to make 
the tests as rapidly as is desired. 
During this period, before a background of actual experience is - 


available, it is necessary to try to bridge the gap by attempting 
to predict the behavior of possible structural components from 
the simple test-coupon data on the new alloy. 

In the integration of titanium alloys into the family of con- 
struction materials for airframes, an additional problem is 
present in that it is anticipated that titanium alloys will be of 
great usefulness in airframes built to withstand higher tempera- 
tures. For this use there is no background of experience, so it is 
necessary not only to find ways of predicting the performance of © 
titanium alloys in structures that will operate in environments _ 
within the range of previous experience, but also to predict the 
performance of structures that will operate in environments on 
which there is no background of experience for any material. 

to weld the behavior of components made from titanium alloys to ? 
the background of experience on conventional materials, but also ; 
to take the first steps toward the prediction of behavior that ~ 
might be expected at high temperatures. 


Recently, data obtained by Convair (San Diego) and Boeing 
(Seattle) on some simple structural elements made from titanium 
alloys have become available. 

In this paper it is shown that these data may not only be used 


CRITERIA FoR CoMPpARING BEHAVIOR OF TrTANIUM ALLoys WITH 


CONVENTIONAL MATERIALS 
Many of the criteria by which the behavior of structural com- _ " _ 
ponents are evaluated are difficult to apply because there is no 
general agreement among airframe designers on either the 
definition of the criterion or how it can be measured. Thus many 
possible comparisons are clouded by controversies that really 
are concerned with procedures and have nothing to do with the 
actual comparison of materials. 

There are a few important types of criteria, however, which do 
not suffer from these difficulties and which can be used to bring 
the relations between the behavior of titanium alloys (or any 
other new material for that matter) into sharp focus against the 
background of experience on conventional materials. 

In this paper the two basic criteria of this type that are dis- 
cussed are the ultimate tensile strength and the crippling (not 
buckling) strength of columns. The distinction between “buck- 
ling’ and “crippling’’ will be treated in more detail later. 

The Ultimate Tensile Strength. The ultimate tensile strength 
belongs in the category of foundation criteria for the comparison 
of materials, primarily for two reasons: (a) Because there are very 
few pitfalls involved in measuring ultimate tensile strength as a 
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material property, and (b) because one of the basic design princi- 
ples codified into most specifications for air worthiness is that 
maximum design tensile yield stresses should not exceed 


tf Ultimate tensile strength 


1.5 

With the exception of exceedingly pure metals (which are not of 
interest in airframe design anyway), no metallic material has yet 
been found in which the factor 1.5 does not insure that applied 
stresses will not produce permanent deformation at room tem- 
peratures. 

Thus, in integrating titanium alloys into the family of con- 
struction materials, once it is established that the factor 1.5 is 
adequate, then titanium alloys can be compared with other ma- 
terials by putting all materials on the basis of ra MI 


Ultimate tensile strength _F,, 


Density 


Fig. 1 compares some titanium alloys with more conventional 
materials on this basis. 


2024S-T Fry *64 ksi 
7075S-T Fy ksi 
301- =H Fry 
17-7-PH(TH-1075) Fy, #174 ksi 
4130, 4140, 4340 *188 ksi 
Ti-8Mn Fry 7120 ksi 
Fry ksi 
T:-100 


ZrO 


Temperature, F 


STRENGTH-WEIGHT COMPARISON ON THE Basis or ULTIMATE 
TENSILE STRENGTH /DENSITY 


Fia. 1 


It was mentioned that there are very few pitfalls in measuring 
the ultimate tensile strength of a ductile alloy. There are some, 
however, and the nature of these should be understood in order 
to avoid possible confusion. 

Most of these difficulties enter when measurements are made at 
elevated temperatures. However, one may be present at any 
temperature and arises from the following considerations: 

The measurement of ultimate tensile strength involves only 
having some means of measuring the load being applied to a test 
specimen. The usual course of events in the test is for the load to 
rise gradually, during the plastic extension of the test piece, to a 
broad maximum and then to fall off. The ultimate tensile strength 
is then defined as this maximum load divided by the original area 
of the test piece regardless of how much the area may have de- 
creased during the plastic flow. 

In so far as the material itself is concerned, the physical sig- 
nificance of the test can be described as follows: When a ductile 
metal is plastically deformed, it becomes stronger or “work- 
hardened.”’ At the same time this work-hardening process is go- 
ing on, the test piece is becoming smaller in diameter so that the 
actual stress on the test area is increasing faster than the load. 


TRANSACTIONS OF THE ASME 


In the normal course of events, whenever the increase in 
strength from work hardening is no longer great enough to com- 
pensate for the reduction in area, the maximum load is reached, 
and on further strain the load will decrease. 

When the metal being tested does not have sufficient ductility, 
it may fracture before its work-hardening capacity (in the sense 
just described) has been exhausted. Fracture also produces a de- 
crease in load so that in cases of this type a “false’’ ultimate 
tensile strength is reported. 

It often happens that in order to obtain other desired strength 
properties, it is impossible to provide enough ductility to realize 
all of the work-hardening capacity of an alloy. Nevertheless, it is 
the responsibility of the materials engineer to know whether the 
ultimate tensile strengths he reports are true ‘‘ultimate strengths’ 
or whether they represent premature fracture. The distinction 
between the two modes of behavior does not affect the usefulness 
of ultimate tensile strength as a design criterion. It does provide 
the materials engineer with a clue he may possibly use in improv- 
ing the alloy, in that he may find metallurgical means of realizing 
more of the potential strength of the alloy. Even if he cannot do 
so, however, the ultimate tensile strength he reports is still a valid 
design criterion. 

At elevated temperatures the difficulties that arise in measuring 
ultimate tensile strength arise from the fact that work hardening 
no longer has the simple significance it has at room temperature; 
and ultimate tensile strengths not only do not have a simple 
interpretation but become multivalued, depending not only on the 
testing speed, but also on the environment and test procedures. 

In Fig. 1, difficulties of this type at elevated temperatures have 
been evaded by comparing all materials at roughly the same test- 
ing speed and for exposure to temperature for roughly the same 
length of time (approximately 30 min). These procedures make 
the comparison in Fig. 1 reasonably valid; however, the designer 


‘ should bear in mind that long exposure of some alloys to the tem- 


peratures covered by Fig. 1 will not only result in lower ultimate 
strength at temperature but also may produce lower room-tem- 
perature strength (or room-temperature ductility). This remark 
applies particularly to the aluminum alloys above 250 F and, 
possibly, to titanium alloys above 800 F. 

One of the reasons that F,,,/d is an important design criterion 
is that up to 40 per cent of an airframe may be designed in tension. 
While the comparisons in Fig. 1 indicate the same titanium alloys 
have potential regions of superiority of all temperatures, it should 
be pointed out that the comparisons in Fig. 1 are only the first 
step toward determining where the tensile behavior of titanium 
alloys places them in the family of airframe materials. Before 
their position can be set with complete confidence, data on the 
strength of joints in titanium alloys must be compared with those 
for the conventional materials. This comparison is not attempted 
in this paper. 

Crippling Strength of Columns. Since from 60 to 90 per cent of 
an airframe is designed for compression, the crippling stress in 
compression is an exceedingly important design criterion. 

In order to compare the behavior of titanium alloys with respect 
to other materials in structures on the basis of buckling or crip- 
pling, two steps are involved: 


1 A method of analysis must be developed that will predict 
the behavior of conventional construction materials when built 
into structures from a knowledge of material properties that can 
be measured on simple test coupons. 

2 Having a method that applies to materials on which there 
is a background of experience, it is then necessary to determine 
whether titanium alloys fit into the same pattern. 


As will be developed later in this paper, both of these steps have 
been accomplished for stiffeners, which include not only the most 
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She 
important type of compression components in present aircraft, 
but which will become increasingly important in new designs. 
Experimental data now exist which indicate that within rather 
close limits the relative behavior of titanium alloys with respect 
to other materials can be predicted. 
Before presenting the method by which this agreement has been 
obtained, it is worth while to clarify concepts that will be used. 
When a stiffener or a stiffened panel is subjected to a compres- 
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buckling criteria. In a recent paper Needham‘ discusses the his-_ 
tory of this problem and makes an important suggestion that 
allows prediction of the performance of a wide variety of struc- 
tural shapes. Essentially, Needham suggests that any possible 
shape of stiffener that can be bent from sheet can be considered to 
be a series of angles, and that the characteristic width b of each 
angle is defined by the relation 


sion load (but not affected by column length), buckling will start 


in a free edge. The exact load at which buckling starts is difficult 
both to define and to measure, and depends on the sensitivity of 
the measuring device. As load is increased, however, the initial 
buckle will pass through one of the corners in a stiffener. 

As the testing on the stiffener proceeds, a point is finally 
reached at which the load it can carry reaches a maximum value 
and then begins to drop off as the stiffener collapses. 

This behavior bears a superficial resemblance to what happens 
in a tensile test and provides a way of defining the crippling load, 
P.... In the remainder of this paper P,, will be defined in this 
manner. 

To demonstrate how the crippling strength of stiffened-sheet 
components can be related to basic material properties, it is de-— 
sirable to discuss briefly the background of the problem. Early 
in the history of aircraft design, it was recognized that the total 
length of a stiffened panel 1, becomes greater than about three 


times its width 6. The buckle pattern that forms is effectively in- | 
dependent of the length but depends strongly on the width b.— 


From this point it seemed natural for investigators to attempt to 
find ways of predicting the relation between the load and width 
of a stiffened panel as a means of comparing the relative efficiency 
of several materials. 

Considerations of this type led to the concept of a “structural 
index”’ in the form 


The concept of an index in this form seems to have occurred 
to a number of investigators independently and almost simul- 
taneously. It does not seem worth while to attempt to determine 
the first appearance of such a concept. However, a well-written 
account of the development of this type of index related to elastic 
buckling of stiffeners is given by Heimer] and Barrett.? 

In this technical note’ the structural index is given by the rela- 


tion 


In Equation [2], it will be noted that all of the terms on the 
right-hand side of the equation (with the exception of K) are 
either independent variables such as the buckling stress F,,, or are 
constants of the material, such as E,, the elastic modulus (or re- 
duced modulus near the yield strength) and Poisson’s ratio yu. 
The constant K is a sort of geometric factor that takes into ac- 
count the shape of the stiffener. 

The definition of structural index given in Equation [2] is 
associated with buckling, and the establishment of the validity of 
this index is tied to the difficulty of defining and measuring P,,, or 
Through the years many investigators have recognized this 
difficulty and have proposed various ways of working with 
 erippling loads and stresses rather than the more ambiguous 


3 ‘Efficiency Evaluation of Ti at Elevated and Normal Tempera- 
_ tures,” by G. J. Heimer! and P. F. Barrett, NACA TN 2269, January, 
1951. 


of a; +. These values are measured from the center line of the 
sheet in each leg. 


Fig. 2) Svuppivision or Section ror CRIPPLING ANALYSIS 
Using this method of defining width, Needham shows that the | 

crippling strength of very complex shapes can be predicted by the _ 

equation 


t 


where F,,, is the crippling stress in each angle element, C, is a con- 
stant depending on whether the angle has a free edge or not, 6 is 
defined by Equation [3], ¢ is the sheet thickness, F., is the com- 
pression yield strength of the material (0.2 per cent offset), and E 
is the elastic modulus of the material. 

The crippling load of each angle is then given by the equation 


Pas = A(z) [5] 


where F’,.(z) is the crippling stress in angle zr. The area of each 


angle section is associated with b by the relation 


where F is the bend radius of the angle. 
The total crippling stress then is given by Needham from the 
equation 
_ X(crippling loads of angles) 
(area of angles) 


Pee 


On examination of the data presented by Needham and by | 


adapting a device used by Gallaher,* a further simplification ap- 
pears to be possible. That is to define the average characteristic 


length associated with each angle by the equation 


4The Ultimate Strength of Aluminum-Alloy Formed Structural 
Shapes in Compression,”’ by R. A. Needham, Journal of the Aeronauti- 
cal Sciences, vol. 21, April, 1954, pp. 217-229. 

&*Plate Compressive Strength of FS-1h Magnesium Alloy Sheet 
and a Maximum Strength Formula for Magnesium Alloy and Alumi- 
num Alloy Formed Sections,”’ by G. L. Gallaher, NACA TN 1714, 
October, 1948. 
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where A is the total area of the section (obtained by weight and 
length measurements), N is the total number of angles it contains, 
and ¢ is the thickness of the sheet from which the stiffener was 
made. 

It is found that all data in Table VI of Needham’s paper‘ as 
well as those in the references he cites (where such references give 
data on areas), including the data in Gallaher’s paper’ on Z-sec- 
tions made from FS-1h, 17S-T, and 24S-T, fall along a common 
curve. The deviation of any point representing any shape or 
material from this curve is no greater than the reproducibility be- 
tween duplicate tests. As will be shown later, data on titanium- 
alloy shapes also fit the curve. 

The curve has the general form 


= hv (F.,E) (;:) 


where it must be remembered that b’ is defined by Equation [8]. 
The best fit for all data is obtained by making n = 0.847 and 
k, = 0.45. It will be noted that Equation [9] is the same as 
Needham’s relation, Equation [4], except for the different method 
of defining b’ and a change in the values n and k. 
Equation [9] can be used to define a structural index of the 
same form as defined by Equation [1] and it can be shown that 


P iol n 


b’2 
where b’ 1s defined by Equation [8]; 7 = £,/E where £, is a 
“reduced modulus” that differs from the value 1 only when F,, 
approaches F,,. 
Inserting the constants found by the best fit for the curve ex- 
pressed by Equation [9], the definition of structural index becomes 


P, 256 


S, => 


Before showing how the structural index defined by Equation 
{11] can be used to reduce data on a wide variety of shapes and 
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materials to a common basis, several features of the equation 
should be discussed: 

1 The crippling stress F,, is defined as the crippling load P., 
(the maximum load it will bear) divided by the total area A of the 
section. Thus it should be realized that F,, is an average. The 
actual stress distribution between the corners of angles and the 
centers of “captive’’ flanges or those with “free’’ edges is quite 
complex. However (as will be shown by the use of Equation 
{11]) the average crippling stress F,, seems to be predictable 
within as great a precision as it can be measured on duplicate test 
stiffeners. 

2 Equation [11] really provides two definitions of structural 


index. The first 
S, 


is determined. by a crippling test on a short column. The second 


is obtained entirely from the stress-strain curve of the material. 

3 Jn the second definition, Se always contains the group 
(nF,,E). The significance of this grouping is that an increase or 
decrease in F., has exactly the same effect as the same percentage 
increase or decrease in elastic modulus £ for all values of F.., even 
where they are far below the yield strength. The reason for this, 
apparently, is that where crippling occurs, even though the 
average stress F,, may seem to be quite low, when the corners of 
the angles in the section collapse, the actual stress in the corners 
is probably at the yield strength. 

4 The definition of structural index in terms of the stress-strain 
curve can be used to study the relative behavior of materials 
without the necessity of deciding on specific shapes. However, 
where it is desired to obtain ‘“‘design’’ curves, the structural index 
can be simply related to the familiar design parameters in the 
following manner 


where, as in Equation [8], A is the total area of the stiffener under 
consideration and N is the total number of angles it contains. 
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Fig. Srructrurat-Inpex Curve ror 2024-T3 ALcLap 
(Fey = 45,000-psi room temperature. For com parison with data in Table 6 of Needham.*) 
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Use or SrrucruraL InpEx To Prepicr PERFORMANCE OF 
SriFFENERS oF VARIOUS SHAPES AND From Various MATERIALS 

A structural-index curve was constructed for 24S-T Alclad at a 
yield strength of F,, = 45,000 psi using a compression stress-strain 
curve for this material and Equation [11]. The value of 9 used 
for this curve was n = E sec/E. 

The structural indexes of all stiffeners tested by Needham and 
quoted in his Table VI were computed by means of Equation [12]. 

The nature of the agreement obtained is shown in Fig. 3. The 
points on Fig. 3 do not contain all of the values in Needham’s 
table because there was so much overlap; however, representative 
points are shown for every type of section. 

Test data for stiffeners made from RC-130A, RC-70, MST-3A1- 
5Cr, RC-130B, RC-55, C-110M, and C-130AM titanium alloys 
were made available through the courtesy of Convair (San Diego) 
and Boeing (Seattle). Some of the stiffeners were angles and some 
were channels. Some were bent from sheet, some were machined 
from bars or were extruded. In some cases tests were made at 
elevated temperatures. In all cases compression stress-strain 
curves were available on the same material tested under the same 
condition (temperature) as the stiffener was tested. 


TABLE 1 


Table 1 summarizes the pertinent test information from the — 
data obtained by Convair (San Diego), and Tables 2 and 3 sum- ; 
marize the data from Boeing (Seattle). 

Using the stress-strain data on the various alloys, structural. 
index curves were constructed for each alloy and condition, At 
the time this was done it was not known whether 7 should be de- — 
fined by Excc/E or by ~/(Etan E)/E or by some other definition. . 

Accordingly, both of these values as well as several other possi- 
bilities were computed for each stress on each curve. In order to 
reduce the labor of these computations this was done with a 
CPC digital-type computer. 

Fig. 4 shows the results on RC-130A, MST-3A1-5Cr and RC- 
130B channels obtained by Convair. The yield strengths and 


compression stress-strain curves on the different test pieces varied — 


slightly. The structural-index curve shown in Fig. 4 was for — 
F,,, = 140,000. The change in shape in going from E, = Esco 
to E, = ~/(Etsx E) is shown, as is also the “cutoff” at F,,. All 


points for which the structural index has a practical meaning fall 


either on the Esec curve or near F.,. Considering the slight varia-_ 
tion in stress-strain curves and thefact that bothsharpand rounded 
channels are represented, the agreement with prediction is good. 


SPECIMEN DATA AND TEST RESULTS ON CHANNELS FORMED Pre — -ALLOY SHEET OR MACHINED FROM 


BAR STOCK (CONVAIR, SAN DIE 


ala), 
Specimen L, in. in? 


Fee 


F.-{>) 
VFcyE 


Rc-130a'°! 


0.107 
0,091 
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063 
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045 
O32 


-1310 
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RC-70!*) 


2129 


c 
125 0.3172 
0.4530 
061 0.1509 
048 0.1170 
0.0958 
032 0, 0798 


MST 


O71 
063 
187 
160 


0,248 
0,220 
0.179 
0. 361 
0, 609 
0.524 


Rc-130B'!) 


131 
075 
064 
053 
189 
190 
159 
128 


260 
.224 
+ 182 
. 359 
604 
$29 
0.427 
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rc-5sie) 


063 
. 053 
045 098 
032 .071 
.25 


154 
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Area from length and weight 
Pec Pcc = ultimate load, lb. 


Pee 
Bent from sheet. 


(f) Machined from bar stock with sharp corners and sharp inside radii. a gee 
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lute 
16A 146 18. 68 0, 563 1.406 0. 085 4.6 30.4 
10 112 16.9 0. 625 1,375 5 0. 086 5.64 20.8 pipe Chee 
15 124 17. 02 0,625 1.406 5.25 8 0. 086 6.30 19.5 
120 16, 89 0. 625 1,313 5.25 0,078 9. 85 
137 17. 68 0, 625 1.375 5.375 0. 057 10.4 
12 138.9 17. 34 0. 625 1.313 5.375 .0 0. 046 13.0 5.5 
138.6 16.49 0. 625 1, 344 5.375 8 0. 035 19,2 2.75 
| 
6 78 78 0. 563 1, 188 4.50 s 0, 084 3.38 27.5 onl t + 
5 78 78 0.813 1.438 5.50 0, 086 5. 00 19,2 <O 
4 78 78 1, 063 2.125 8.50 8 0. 078 3.42 25.6 
3 82 13 0. 656 1.344 5.25 3 0. 066 10,2 7.48 
1 85 78 0. 656 1.219 5.25 9 0. 054 12.7 4.95 
4 77 48 0. 625 1,219 5.50 9 0. 048 13.4 3.87 
2 64 59 0. 625 1.281 5.50 8 0. 039 23.9 1.67 , 
| 
a 142.5 15.99 0.819 2.177 8.75 73.5 0. 049 12.4 5.95 
142.5 15.99 0.816 2.219 8.75 66.3 0.044 14,1 4.7 pass 
13 142.5 16. 72 0.814 2.221 8.75 56.6 0.038 17.2 3.3 
15 135.0 16. 72 0, 503 1.502 6. 00 126.3 0. 084 2.82 $0.0 
27 135.0 16. 72 0.817 2.190 8.75 136.9 0.091 4.22 32.4 
31 135 133 
19 138 84 whe fel 
33 141 134, 
52 56.1 16. 26 0.656 1.313 5.25 66 0. 069 9.65 
53 61.0 14. 96 0. 656 1,313 5.25 60.5 0. 063 11.0 $50 @ 
55 59.5 15.15 0. 625 1.25 5. 00 51.5 0. 054 12.2 
56 61.5 16.0 0. 625 1.25 5.00 41.5 0. 043 17.8 2.330 
SIA 57.8 17.25 0.58 1.34 5.53 69.4 0. 069 4.12 ‘ 
57.8 17.25 0.81 1.42 4.43 71.7 0. 072 4.45 16.0 
53a 57.3 17.25 1.08 2.12 8.42 68.1 0. 068 7.95 
= 


TABLE 2 
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SPECIMEN DATA AND TEST RESULTS ON ANGLES FORMED FROM SHEET C-110M TITANIUM OR EXTRUDED FROM 


C-130AM TITANIUM AND TESTED AT VARIOUS TEMPERATURES AT BOEING 


Test E 


Nominal 
Temp, 


Length, L, 
Leg B t in, 


Nominal Dimensions, in. 


Leg A t 


Specimen'@) 


Fee ( 
Area, A,‘>) Average, (>) alc) FectNe 


2nt2 A 


0.333 0.034 
0.034 
vu. 034 
0.034 


0.318 0.034 
0.034 
0.034 


0. 034 


1.49 
1.49 
1.49 
1.49 


0. 034 
0.034 
0.034 
0.034 


0.034 
0.034 
0.034 
0.034 


13,14,15 
16,17,18 
19,20,21 
22,23,24 


0.034 
0. 034 
0.034 
0. 034 


0. 034 
0. 034 
0. 034 
0. 034 


5.20 
5.20 
5.20 
5.20 


25, 26,27 


0.053 
0.053 
0, 053 
0.053 


0.053 
0.053 
0.053 
0.053 


3.80 
3.80 
3.80 
3.80 


GL30R 
GL3IR 
GL30R 
GL31R 


0.055 
0.055 
0. 055 
0.055 


0.055 
0.055 
0.055 
0.055 


11.0 
11.0 
11.0 
11.0 


GL30R 
GL3IR 9 

GL30R 10,11, 12 
GL31R 10,11,12 


8.25 
8.39 
8.42 
8.35 


18.0 
17.5 
17.1 
17.2 


27.1 


0, 209 
0,209 
0, 205 


Extruded Angles Made From C-130AM (Boeing) 


0.154 1,295 
0.118 1,304 
0.113 1,304 
0. 0816 1,103 
0. 0898 1.103 


0.154 
0.118 
0.114 
0. 082 
0. 838 


GLI103Al1 
GL103A2 
GL103A3 
GL103A4 
GLIO3A5 


0. 3798 
0. 2990 
0. 2997 
0.1750 
0. 1898 


Average of three specimens 


Furnace cooled to 900 F then air cooled 
See notes to Table } 


TABLE3 SPECIMEN DATA AND TEST RESULTS ON CHANNELS FORMED FROM SHEET C-110M TITANIUM ALLOY AND TESTED 
AT VARIOUS TEMPERATURES AT BOEING 


Test Nominal 
Temp, Fey» Ex10®, 


Specimen F kpsi psi 


Nominal Dimensions(®), in. 
Leg A Leg B LegC t in, 


Length, L, 


Average 
Area, 
A, in.2 


F.,(b) 


Wor 


ald) 
2nt2 


Fee, 


Foc 2nt2(b) 
kpsi 


0, 034 3.00 
3.00 
3.00 


3.00 


130 16.5 
90 14.9 
65 14.3 

12.3 


0.33 0.675 0.33 
0.33 0.675 0.33 0.034 
0.33 0.675 0.33 0.034 
0.33 0,675 0.034 


5.75 
5.75 
5.75 
5.75 


0.034 
0.034 
0.034 
0.034 


16.5 300 
18 14.9 
21 14.3 
24 12.3 


8.675 
8.675 
8.675 
8.675 


0.034 
0, 034 
0. 034 
0.034 


27 16,5 
30 14.9 
33 14.3 
, 36 12.2 


0.055 
0, 055 
0. 055 
0.055 


16.5 
15.0 
14.3 
11.9 


0.055 
0, 055 
0. 055 
0. 055 


16.5 
15.0 
14.3 
11.9 


0. 083 8.48 
8.60 


8.45 


0. 0393 
0. 0398 
0. 0391 
0. 0398 


121.5 
96.3 
80,3 
68.9 


64.6 
48.8 
39.4 
31.4 


0. 0830 
0, 0872 
0. 0800 
0. 0828 


46.8 
37.3 
29.3 
24.5 


0.1232 
0. 1255 
0.1248 
0, 1245 


0,152 

0. 1443 
0, 1523 
0. 1455 


0. 1403 
0. 398 
0. 391 
0.405 


34.8 


0,0227 36.0 


Average of three specimens 


All specimens formed at room temperature and stress relieved at 1050 F for 30 minutes. 


Furnace cooled to 900 F then air cooled 


Fig. 5 shows the data on channels made from RC-70; again the 
curve for E, = Exec provides reasonable agreement. 

Fig. 6 shows the data on channels made from RC-55. Here 
there are three points that lie above the curve. However, this 
might not be unexpected. The RC-55 material is relatively soft 
and easily work-hardened, and the channel sections were short and 
relatively thick. It would take less than 1 per cent cold work 
to raise the compression yield strength of the RC-55 alloy to 


70,000 psi, which would account for the three high points. It is 
possible that if compression stress-strain tests had been made on 
the material after testing as a channel, it would have been found 
that the three points actually belonged in the positions shown. 
In any case, they represented enough deformation to make chan- 
nels of such high structural index in RC-55 impractical. Fig. 7 
shows results of room-temperature tests on both channels and 
angles made by Boeing (note that a single curve agrees with both). 


F psi in, kpsi VF 
ve GL20R 1, 2,3 Room 130 16.5 0.019 102.2 0. 
4, 5,6 300 90 «14.9 0.0193 81.4 0. 
7, 8,9 500 65 14.3 0. 0194 64.3 4, 
— 0. 0192 56.8 v. 
GL om 130 16.5 0. 0413 54.1 0. 
0 90 «14.9 0. 0410 43.4 0. | 
0 0, 041 35.1 0. os R=4t 
0 55 12.3 ‘ 0. 042 30.8 0. 1.7 
GL | om 130 16.5 0. 0624 38.8 0. 7 1.43 | oe 
28,29,30 300 90 «14.9 0. 062 32.3 0.028 26.5 
31, 32,33 500 65 «14.3 0. 0625 27.2 
34, 35,36 800 55 12.2 0. 0610 22.6 Leg B 
1 
1,2, 3 Room 134 16.5 0. 0749 64.5 0.043 12.5 5.17 
0.073 54.9 0.041 13.2 4.98 
,6 500 77 (14.3 0. 0748 44.3 0.042 13.2 3.38 
4 ,6 800 wa 0. 074 40.5 0.048 13.7 2.96 
om 134 16.5 31.3 0.021 34.5 0.905 
¢ 45 27.2 0.020 36.2 0.750 
fi ) 76 11.9 21.0 0.022 35.4 0. 594 
: 
Room 155.1 18.0 0.089 7.95 18.6 eee 
Room 155.1 18.0 5.58 107.0 0.064 10.7 10.00 
Room 155.1 18.0 5.58 103.8 0.062 11.3 9.2 
Room 155.1 18.0 4.51 86. 8 0.052 23.2 66 = 
Room 155.1 18.0 4.51 96.4 0.057 12.6 7.65 
ee (b) om temperature and stress relieved at 1050 F for 30 minutes 
10, 11, 12 8 8.0 
16, 17.6 2.77 LegA LegC 
GL2R 25, 0.97 1.94 0 Leg 8 
2 28, 0.97 1.94 0 27.4 1.36 | ‘fe 
31, 0.97 1.94 0 26.4 
34, 0.97 1.94 0 27.1 0.905 
30R 1,2,3 Room 13 0.75 1.52 0 .1 0.053 12.7 6.24 
3IR 1, 2,3 300 0.75 1.52 0 0.049 13.3 4.84 
: 4,5, 6 500 7 0.75 1.52 0 .0 0.0575 12.7 4.33 
4, 5, 6 800 7 0.75 1.52 0 .6 0,051 13.5 
7, 8, 9 Room 1.98 3.96 1 0.0245 35.8 
31R 7, 8,9 300 11 1.98 3.96 1 .2 0.0277 35.6 
30R 10, 11, 12 500 ? 1.98 3.96 1 5 0.0244 0.734 
31R 10, 11, 12 800 1.98 3.96 1 0. 600 
4 
: 
6. 
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75- 
7075-T6 Aiciad sheet aged in 
lo 7075-T6 Alciad sheet (short time) 
6 Al-4 Vo-T alloy extrusion 
C-110M Ti alloy sheet, Heats 30 ond 3! 
RC- 1308 alloy extrusion 4 
17-7 (PH sheet) 
200 400 1000 


C-110M T) alloy sheet, Heat 20 
600 
Temperature, 


Fie. 12 Srrenots-Density Ratio or SEVERAL MaTERIALS aT Two 
SrructTuraL INDEXES 


TABLE 4 MEASURED CONSTANTS OF ALLOYS USED FOR 
CONSTRUCTION OF STRUCTURAL-INDEX CURVE 

Fey E 

x103, 
psi 


‘Fee 
max 
x103 


Source 
of Data 


Temp, 
Material 


16.5 
14.9 
14,3 
12,0. 


825 
575 
412 
353 


RC-130B Battelle 


7075-T6 short 


Producers 
Data 


6Al-4V-Ti Alloy Extrusion 
(Boeing) 


C-110M (Boeing) Ht20R 
Ht20R 
Ht20R 
Ht20R 


30R 
31R 
30R 


| 7075-T6 Alclad sheet aged 

lo 7075-T6 Alciod sheet (short time) 
2 6 Al-4Vo-T) alloy extrusion 
3 C-110M Ti alloy sheet, Heats 30 ond 3) 
4 C-110M Ti clioy sheet, Heat 20 

5 RC-I30B alloy extrusion 

6 I7-7 PH sheet 


Temperature °F 


13. CompaRIsOoN OF MaTERIALS aT Maximum Practica 
or Structrura 


Fia. 


Fig. 8 shows test results on both channels and angles tested at 
300 F. Here two heats of material with somewhat different high- 
temperature properties were involved. The complete curve for 
the lower-strength material is shown in full, while a portion of the 
curve for the higher-strength material is shown as a dash line. 
The difference between the curves is no greater than the scatter 
in the points. The same device was used for displaying the tests 
at 500 and 800 F, shown respectively, in Figs. 9 and 10. In both 
these latter curves there was one high point at a high structural 
index—again it may be possible that work hardening is involved. 

It is to be noted that at the temperatures at which this devia- 
tion from the curve seems marked, both the strength level and the 
shape of the stress-strain curve are not far from that for RC-55 at 
room temperature (see Fig. 6). While deformation and work 
hardening may be the reason for the apparent deviation, there 
may be another possibility. At higher temperatures the shape of 
the stress-strain curve is much more sensitive to rate of loading 
than it is at room temperature, particularly for stresses near Fey, 
so that if the loading rates in the stiffener tests were somewhat 
different from the compression stress-strain tests, some dis- 
crepancy in results could be expected. aS 
Fig. 11 shows test results on extruded angles made from C-130- ; 
AM alloy. 

In view of the excellent agreement between crippling strength of 
stiffeners and structural-index curves constructed from stress- 
strain data, it now seems possible to use such curves to explore 
the relative efficiencies of materials on a strength/weight basis 
by the use of structural-index curves. Such comparisons are made 
on two bases in Figs. 12 and 13. “ 

It will be noted that points are shown on all curves in Figs. 12 
and 13 because all points were obtained from structural-index — 
curves constructed from actual measured compression yield, — 
modulus, and stress-strain data (with the exception of the data — 
on the 17-7PH on which only tension data were available). | 
Furthermore, the test points for the C-110M alloy have been 
further validated by actual tests on shapes as shown in Figs. 
7-10. 

The pertinent basic data on the materials illustrated in Figs. 12 
and 13 are given in Table 4. 

In Fig. 12, the materials are compared at a rather low and a 
fairly high structural index. The high value was chosen to be 
within the practical range of all materials compared. Note that 
on both of these comparisons all of the titanium alloys il- 


+1000 
} 
—| 
= 
J 
80 140 
300 (98 
/ 500 70 
800 60 
300 60 10.0 600 
7075-T6 aged ANCS5 «75 10.5 750 
300 23.2 (10.0 230 
400 14.3 140 
17-75 80 180 29.0 640 
300 177 26.6 630 
500 170 605 
700 «152 22.3 540 
i 900 112 20.0 400 
sf) 
80 169 17.0 
500 110 14.2 645 
800 96 13.2 | 564 
80 130 16.5 765 
= g00 53 
300 116 15.0 682 
500 77 14,3 453 
800 76 11.9 446 


lustrated have areas of usefulness. Furthermore, if material hav- 
ing the properties illustrated by the particular heat of 6 Al-4V-Ti 
alloy becomes generally available, a definite superiority is indi- 
cated at both structural indexes. 

Fig. 13 shows the comparison at the highest practical value of 
structural index for each material. In this figure, the comparison 
is the same as for F.y/density. 

Note on this comparison that while the currently available 
titanium alloys do not have outstanding properties, the 6 Al-4V 
-alloy still has definite superiority. 

It must be emphasized, however, that before this superiority 


wit te 
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can be realized, at least two major hurdles must be overcome. 
First, it will be necessary to develop means of producing alloys 
having properties equivalent to those in this heat in sheet form as 
well as in extruded shapes, and these sheets or shapes must be 
capable of some fabrication. 

The next hurdle arises from the fact that it is not easy to design 
or build airframe components having such high structural indexes. 
It is entirely possible that to use the full capability of materials, 
some sort of sandwich construction will be involved. So far no 
practical method has been found to make large shapes of sand- 
wich construction of a type that can operate at high temperatures. 
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~ Optimum Stresses of Structural Elements 


Elevated atures 


A method is developed by which optimum-stress curves 
for a given material at any temperature may be calculated 
from the room-temperature optimum-stress curves for a 
different material. The only data required to perform this 
transformation are stress-strain curves of both materials. 
As examples, optimum-stress envelopes are obtained for 
wide columns and multiweb beams over a wide range of 
temperatures. Relations are developed between the prop- 
erties of optimized elements of different materials so that 
the detailed dimensions of any element may be calculated 
by considering a properly selected equivalent aluminum 
element. An approximate procedure is developed for the 
determination of maximum life when creep is significant. 
The method is then extended soas to permit comparison of 
unprotected structures with insulated and cooled struc- 
tures, on the basis of minimum weight-strength and as a 
function of temperature and exposure time. Thus these 
developments lead to a systematic procedure by which the 
optimum structural arrangement and material may be 
selected for a given loading and known thermal environ- 
ment. 


NOMENCLATURE 
The following nomenclature is used in the 


width of skin panel 

structural chord 

specific heat of structural material 
Young’s modulus 

tangent modulus 

secant modulus 

heat of vaporization of coolant 
shape factor for wide-column buckling ee ee 
thermal conductivity of insulation 
buckling coefficient for single-skin panel 
effective.column length gery 
bending moment 

loading per unit of chord length 

parameter defined in Equation [26] 
structural-skin thickness 

structural-web thickness 

average structural thickness for a wide column 
equilibrium or adiabatic wall temperature 
initial temperature of structure 


1The developments presented in this paper were obtained during 
the course of work sponsored by the Wright Air Development Center. 
Permission to publish this material is gratefully acknowledged. 

2 Chief Structures Engineer, Bell Aircraft Corporation. 

3 Head, Analytical Methods Group, Structures Section, Bell Air- 


craft Corporation. Assoc. Mem. ASME. 

4Structures Engineer, Bell Aircraft Corporation. 

Contributed by the Aviation Division and presented at the Avia- 
tion Division Conference, Los Angeles, Calif., March 14-16, 1956, of 
Tue American Society or MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, January 
18, 1956. Paper No. 56—AV-11. 
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= operating temperature specified for a given insulated 
o— 

Roe —T. 

weight per unit wetted-skin area of protective system 

weight per unit wetted-skin area of insulation supporting 
structure 

weight per unit wetted-skin area of coolant 

weight per unit wetted-skin area of pumping and valving 
equipment 

distance from neutral 

plasticity coefficient 

duration of flight | 

time of exposure to elevated temperature 

Poisson’s ratio 

weight density of structural material 

weight density of insulation 

stress 

solidity of multiweb beam 

heat flux 


de 
oval 


INTRODUCTION 


The principal objective of the aircraft structural designer is to 
produce a structure which will have minimum weight for a given 
strength. In order to facilitate the attainment of this goal, a 
considerable amount of experimental and theoretical research has 
been carried out over a period of years to obtain optimum design 
information. In particular, extensive experimental programs 
have been undertaken by the National Advisory Committee for 
Aeronautics (NACA) (1, 2, 3, 4) to determine optimum stresses 
in typical elements such as aluminum-alloy wide columns and 
multiweb beams. In additfon, analytical methods applicable to 
a variety of configurations have been developed by Shanley (5, 6), 
Gerard (7), Micks (8),and many others. This wealth of available 
information facilitates the selection of material and structural 
configuration for a given aircraft for room-temperature operation. 
It has been shown (5, 7) that for room-temperature operations the 
choice of structural configuration can be made purely on the basis 
of loading and size. For elevated-temperature operation, however, 
the additional factors of operating temperature and time of load- 
ing at temperature are introduced. It is clear that in general air- 
craft structures will not be subjected to the simplified condition of 
constant temperature and short or long-time loading. Recent 
results of materials research indicate, however, that it may be pos- 
sible in certain instances to account for the true load-tempera- 
ture-time history of an aircraft by the use of properly defined 
equivalent constant-temperature and constant-load conditions. 
In order to simplify the analysis, it is therefore assumed in the 
remainder of the paper that constant-load and constant-tempera- 
ture conditions constitute a valid approximation in structural de- 
sign. 

Even with this important simplification, the prospect of ele- 
vated-temperature operation introduces great complexity in the 
optimum design problem. Where, in the past, aluminum and 


5’ Numbers in parentheses refer to the Bibliography at the end of the 
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magnesium alloys were the only materials seriously considered for 
primary structures, it is now necessary to consider a large number 
of other materials over a wide range of temperatures and to in- 
clude the effects of material creep. 

Certain investigators have chosen to compare materials for 
elevated-temperature operation on the basis of the yield stress-to- 
density ratio. While this procedure is more adequate for ele- 
ments in simple tension, it is obviously inadequate for compreés- 
sion structures since it is well known (8) that, even for optimum 
compressive elements, the allowable stress may be far below the 
yield stress. 

Recently other investigators (3, 4) have refined this approach 
by considering parameters which include column and plate 
buckling. Although this type of comparison represents an im- 
provement over the yield strength-density criterion, it still does 
not account for all the factors which should be considered; 
namely, (a) type of structure (wide column, multiweb, etc.), (0) 
loading, (c) size and geometry, (d) operating temperature, (e) 
time of loading at temperature. A stress-density ratio is clearly 
an appropriate parameter by means of which materials may be 
compared since, for constant loading, a maximum value of this 
quantity corresponds to minimum weight-strength; but, in order 
to account for all the factors listed, the stress value used in this 
ratio should be the maximum attainable (i.e., optimum) working 
stress in a given type of structure. Thus we are led to the logical 
conclusion that a fair comparison between materials can be 
made only by considering optimized structures made of different 
materials but designed for the same ultimate load and identical 
environmental conditions. The information needed to make 
such comparisons is then a knowledge of the variation of optimum 
stress with loading and temperature, for typical materials and 
structural arrangements. Clearly, the experimental determina- 
tion of such optimum-stress curves would require a formidable 
amount of research, so that it would be desirable to develop a 
method which would make it possible to transform optimum- 
stress curves for a given material at room temperature into the 
corresponding optimum-stress curve for another material at a 
different temperature. With this procedure, the experimental 
results already available for aluminum structures at room tem- 
perature (1, 2) could be extended to other materials at different 
temperature. 

Younger (9) has recently proposed a graphical method of 
transformation for wide-column optimum-stress curves. Al- 
though this attempt represents a most important step in the right 
direction, the authors feel that some of the assumptions implied in 
this method invalidate the results. A different procedure, based 
on less restrictive assumptions is developed herein. Relations 
are derived between the sizes and proportions of optimum ele- 
ments of different materials so that the detailed geometry of any 
element may be determined from the characteristics of a suitably 
chosen aluminum-alloy element designed for room-temperature 
operation. 

Finally, the structural design of high-speed vehicles requires in- 
vestigating the possibility of using insulation or cooling to protect 
the structure. The decision to use such protective devices must be 
made on a weight-strength basis and the development of a suitable 
efficiency parameter for protected structures is presented. 


TRANSFORMATION Laws FoR OptimuM-Stress CURVES 


Zahorski (14) has proposed that a criterion for optimizing any 
compression structure is to require that all modes of failure occur 
simultaneously. This requirement implies that all elements of 
the structure will buckle at the same stress and insures that the 
structure will have no reserve strength when the design load is 
reached. Although this criterion will be used throughout the 
present paper, it is not always valid and we should therefore ex- 
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amine its limitations. In the analysis of stiffened panels and 
multiweb beams, it is usually assumed that the skin-stringer or 
skin-web junction act as simple supports; this means that the 
possibility of failure by forced crippling is neglected. This type 
of failure may occur when the webs or stringers are formed chan- 
nels, so that the attachments between the compression cover and 
the webs or stringers are eccentric with respect to the stringer or 
web; in such cases the stringer or web acts as an elastic, rather 
than rigid support, and the simple-support assumption is violated. 
It follows that the stringer or web will be less effective as a stiffen- 
ing member and that the attainable stresses will be somewhat 
lower than as predicted by the simple-support assumption. These 
observations have been confirmed by theoretical and experimental 
investigations carried out by Bijlaard and Johnston (13, 15) and 
at the NACA (2). 

Since the optimum curves developed in this paper are based on 
Zahorski’s criterion, they apply to structures in which the forced 
crippling-failure mode is not present; integral construction, which 
is currently in wide use, satisfies this requirement. It is most 
likely that the transformation laws which will be developed will 
not be greatly affected by the presence of the forced crippling 
mode so that, by using an experimentally determined curve as a 
starting point, these transformation laws may be applied to non- 
integral construction. 

By making use of the condition that the buckling stresses of all 
elements are equal, in general we will be able to obtain a number 
of relations between the various structural dimensions which will 
therefore be known in terms of a single reference dimension. It 
is then possible to obtain an equation relating stress and associated 
quantities (such as plasticity coefficient, tangent modulus, etc.) to 
the loading index; this type of expression is written in the gen- 
eral form 


= F(q)... [1] 


Since a relation such as Equation [1] does not involve the dimen- 
sions of the structure, it must be satisfied by all optimized 
structures of the type considered, regardless of material. This 
property of optimum structures allows the transformation of 
optimum-stress curves for a given material into corresponding 
curves for another material. This type of transformation will be 
illustrated for wide columns and multiweb beams. 

Wide Columns. The term wide column is meant to denote 
skin-stiffener combinations. The optimum design of such mem- 
bers has been considered by Shanley (6) and Micks (8), the latter 
having proved that minimum weight-strength is indeed attained 
when the buckling stress for each element of the panel is equal to 
the buckling stress of the wide column. Shanley (6) has shown 
that the buckling stress for wide columns is given by 


where k; is a shape factor defined as the ratio of the radius of 
gyration of the cross section to its equivalent average thickness. 
Micks (8) has further shown that for optimized wide columns, the 
shape factor k; may be expressed as a function of the quantity 
t,/b only, where t, is the skin thickness and 6 is the width of a skin 
panel. If we now make use of this fact, together with the re- 
quirement that all elements of the panel buckle simultaneously, we 
will be able to obtain a universal relation such as Equation [1]; 
thus the buckling stress of a single-skin panel is given by 


b 


where 7 = plasticity coefficient. Since ¢ = o; for an optimum 
structure, we may write Equation [3] as 


| 
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and Equation [4] shows that (¢,/b)* is a function of ¢/nE only. 
Since ks depends on (t,/b)? only, the implication of Equation [4] is 
that the shape factor ky of Equation [2] is a function of ¢/nE only 
and therefore depends only on stress. Now, we may write Equa- 
tion [2] in the form 


and since ky depends only on o/n2£, the left-hand side of Equation 
[5] is dependent only on material properties while the right-hand 
side is completely determined by loading. Thus Equation [5] 
implies that, for a given structural index q/Io, the optimum stress 
for wide columns of any material must be such that the quantity 
o/*/(E,'/*k;) has the same value for all materials. It is then 
clear that Equation [5] is a universal relation similar to Equation 
[1]. By using the expression for k; developed by Micks (8), it 
would be possible to obtain from Equation [5] an analytical ex- 
pression applicable to wide columns of any material. It is more 
convenient, however, to use Equation [5] as a means of trans- 
forming existing experimental optimum-stress curves rather than 
to obtain new analytical curves. We then proceed as follows: 

(a) Given an optimum-stress curve for some particular ma- 
terial we compute k; from 


(b) For the same values of stress as used in Equation [6] we 
calculate the quantity ¢/nE. Values of 7 as a function of stress 
for plates are available in the literature (10, 11). 

(c) With the values determined for ky and ¢/nEZ we may now 
plot a curve of ks versus ¢/7E which is applicable to any material. 

(d) To obtain an optimum-stress curve for material B, we now 
start from the stress-strain curve of material B and calculate 
values of o/n£ corresponding to the chosen values of stress. 

(e) With these values of ¢/nZ, the corresponding values of ky 
are read from the universal curve plotted under (c) and finally the 
loading index g/I corresponding to each selected value of stress 
is obtained from 


= 7, 
TE, “tk, 


With this procedure, it is then possible to obtain wide-column 
optimum-stress curves for any material at any temperature as 
long as the stress-strain curve for the material is known so that 
values of the tangent and secant moduli and the plasticity co- 
efficient may be determined. 

The method of transformation just developed is used to obtain 
optimum-stress curves for a number of materials at different tem- 
peratures. The materials considered are: 2024 T-4 aluminum 
alloy, 7075 T-6 aluminum alloy, FS1-H24 magnesium alloy, RC 
C-110M titanium alloy, 17-7 PH stainless steel, Inconel X nickel- 
base alloy. With the individual optimum-stress curves obtained 
in this manner it is then possible to obtain optimum-stress en- 
velopes which permit a rapid choice of material for a given loading 
and temperature. Such envelopes are presented in Fig. 1. 

Multiweb Beams. The development of a transformation law for 
the optimum-stress curves of multiweb beams follows closely from 
the work of Gerard (12) on optimum proportions for such struc- 
tures. In his paper Gerard optimizes the multiweb beam by as- 
suming that the web-to-skin junctions are simple supports and by 
requiring that the skin buckle in compression and the webs in 
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bending at the same stress. It is cautioned that this assumption 
may result in optimistic buckling stresses when the webs are 
formed channels and the mode of failure is by forced crippling of 


the webs. With these assumptions, the buckling stress for the 
compression cover is given by 


(‘:) 


while the web buc!:ling stress is given by 


120 — Vi 
where Ne» = plasticity coefficient for webs 


Optimum-Stress ENVELOPES Wipe 


If we assume that 7 = 7,, equating o, and o, gives 
Following Gerard, the optimum number of cells is found .by 
writing an expression for the solidity of the beam &, differentiating 
this expression with respect to the number of cells n, and setting 
the result equal to zero. Thus the solidity is found to be 


12(1 — v*)q -y,(¢ 


2 h 
pa) 


-q = 04, = loading in compression cover 


= number of cells 


Differentiating Equation [11] with respect to n and equating the 
result to zero yields, for the optimum number of cells, te oe 


Rites 


from which the optimum number of cells is found to be the eel 
closest to the quantity 


It follows that the optimum ratio of cell width to beam depth is 


4 


[13] 


b K \nE, 70 > 
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For optimum proportions, the value of R is found to be 


from which it is seen that in an optimum multiweb the eovers will 
carry approximately 92 per cent of the applied moment. It 
should be noted that in the foregoing expressions the nonlinearity 
of stress distribution due to plastic bending has been neglected. 
This would have relatively little effect in a multiweb beam because 
the flat compression cover carries most of the moment. 

The stress in the compression cover is given by 


16) 


For a beam of optimum proportions, R = Ry = '/;2. and this 


. . 
expression may be written 


(1+ RoR 
Substituting for ¢,/b from Equation [8], rearranging, and setting 
Ro.equal to gives 


nE 13 1 — yp? \ hte 

Equation [17] is a relation involving only the structural index 
on the right-hand side (Poisson’s ratio is taken as a constant for 
all materials) and a function of stress on the left-hand side. It is 
therefore a universal relation of the type of Equation [1] and it 
must be satisfied by all optimized multiweb beams. Equation 
[17] may then be used to determine particular optimum-stress 


curves for any material if a stress-strain curve is 
known so that o(a/nE)'/* may be determined as a 80 


. [17] 


TRANSACTIONS OF THE ASME 


ing structures which have the same proportions or the same size 
or both. By the term size as used here is meant the same ref- 
erence thickness, which implies that the cross-sectional areas are 
the same although the proportions are different. For wide col- 
umns, the reference thickness is the average thickness of the 
cross section 7, while for multiweb beams the reference thickness 
is taken to be the compression-cover thickness. For wide col- 
umns the stress is uniform and the average thickness 7 is given 
by 


[18] 


and, for multiweb beams, the compression-cover thickness is ob- 
tained from 


heo, [19] 
It is clear from Equations [18] and [19} that radial lines on the 
optimum-stress curves are lines of constant size (for a constant 
column length Lp or beam thickness h). It should be understood 
clearly, however, that these lines represent only constant cross- 
sectional area and not necessarily constant geometry (i.e., pro- 
portions). 

It is also possible to determine conditions that two structures 
must satisfy in order to have the same geometry. It has been 
shown previously that for both wide columns and multiweb 
beams, the proportions are determined by the quantity ¢,/b. From 
Equations [4] and [8] it is clear that for both types of structures 
constant ¢,/b corresponds to a constant value of o/nE; it is then 
apparent that constant geometry implies constant value of o/nE. 
These properties may be used to show that two identical panels 
(of similar size and geometry) but made of different materials are 
not in general both optimum panels. This procedure is indicated 
schematically in Fig. 3 where curves 1 and 2 are the optimum- 
stress curves for 75ST and 24ST, respectively, while curves 3 and 
4 are curves of o versus nE/o for 75ST and 24ST, respectively. 

We pick a point A on 24ST optimum curve and draw a radial 
line through this point; the radial line therefore represents all 
panels having the same average thickness as that of point A. The 
value of nE/o for this panel is determined by point B on curve 4. 
Therefore panels having the same geometry as the panel of point A 
must have values of nE/o lying on a vertical line through point 
B. The stress corresponding to a 75ST panel having the same 
geometry as panel A is therefore determined by point C or on curve 
3. Then, proceeding at constant stress, we determine point D 
which represents a panel having the same size and geometry as 
panel A. It is seen that point D does not lie on the optimum- 


function of ¢. We also may make use of Equation 70 


[17] to transform multiweb optimum-stress curves 


from one material to another. The use of an experi- 
mental curve as the starting point should help to 
minimize any errors due to the negleet of plastic 
bending or forced crippling. Optimum-stress en- 


ALLOY FSI-H24 


velopes for various materials are presented in Fig. 2. 
These curves were obtained by using Equation [17] 


as an analytical universal relation because the only 


experimental data available (2) were carried out for 
a low range of structural loading index which, un- 
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fortunately, lies below the values for which multi- 
web beams have high efficiencies. 


GEOMETRY AND S1zE ConsIDERATIONS 


In some cases we may be interested in compar- 
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stress curve for 75ST. It should be noted that, in Fig. 3, point 2 
represents an optimum 75ST panel which has the same geometry 
as panel A but a different size (i.e., different average thickness) 
while point F represents an optimum 75ST panel having the same 
size as panel A but a different geometry. 


(TOTS ALUMINUM ALLOY) 


A family of such curves is dealin in Fig. 4 for 24ST multiweb 
beams. 

Since, in general, the structural arrangement and material are 
chosen on the basis of the short-time and ultimate loading con- 
ditions, the problen?of determining the expected life is reduced to 


T+ TEMPER. 
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It is now clear that if points D, E, and F were merged together, 
they would correspond to a 75ST optimum panel having identical 
size and geometry to our original 24ST panel. It is easily seen 
that this condition cannot be satisfied in general unless the curves 
of o versus nE/¢ (i.e., stress-strain curves) for both materials are 
identical; this is obviously a trivial situation. If we recall that 
the method of transformation proposed by Younger (9) is almost 
identical with the procedure followed in going from point A to 
point D, the foregoing remarks will help to shed some light on the 
reasons for the rather severe restrictions inherent in Younger’s 
transformation procedure. 

Another and most important implication of these properties of 
optimum curves is that we are now able to determine the detail 
dimensions of any optimum panel in a very simple way. This is 
accomplished by making use of the fact that panels related as are 
panels A and E of Fig. 3 have identical proportions while their 
dimensions are in the ratio of (q¢/a), to (q/a)¢. 

In many cases, high-speed vehicles will be subjected to ex- 
tended exposure to load at elevated temperatures; in such cases 
we must consider the effect of creep and associated phenomena on 
the life of the airframe. As explained previously, it is reasonable 
to assume that the true conditions of load-time-temperature his- 
tory may be replaced by some equivalent constant-temperature 
conditions. It is likely that the choice of structural material and 
configuration for a given vehicle will be made at first on the basis 
of short-time exposure to ultimate loading at a constant tem- 
perature, so that we must now provide a means by which to check 
a given design for creep buckling by considering its allowable life 
under some specified condition of long-time exposure to a lower 
than ultimate loading. 

Since the methods developed in the foregoing provide a means 
of determining optimum-stress curves for any material, we may 
use these methods to develop optimum-stress curves accounting 
for creep by using the isochronous stress-strain curves as a basis for 
performing the transformations. In this manner we obtain for a 
given material a family of optimum-stress curves where the 
parameter, instead of being temperature, is now the Larson-Miller 
constant A, defined as 
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that of determining the maximum allowable value of A for a 
structure of given size and geometry. This procedure is il- 
lustrated schematically in Fig. 5, point A representing the panel 
chosen on the basis of the short-time ultimate loading conditions; 
in view of the properties proved in the foregoing for optimum 
design curves, a radial line through point A is then the locus of 
all panels having same cross-sectional areas as panel A. We now 
determine the intersection of the radial line with a vertical line 
corresponding to the given long-time loading conditions, as point 
B. Point B then represents a panel which has the same cross- 
sectional area as panel A although its proportions are in general 
different. If we now assume that the life of the panel depends 
only on the cross-sectional area, the maximum allowable value 
of X is determined from point B which lies on the optimum- 
stress curve for A = A,. 

The assumption that the life of the panel is not affected by 
geometry makes this procedure approximate so that only an 
estimate of the life of the structure is obtained. The method 
does have the advantage of being extremely simple so that rapid 
preliminary design estimates are possible. 


MeErTuHop oF CoMPARISON BETWEEN PROTECTED AND 
UNPROTECTED STRUCTURES 


In many cases of interest, the use of protective equipment such 
as insulation and cooling may result in a more efficient structure 
since in general it will allow the use of a less heat-resistant but 
lighter material. Since, by proper choice of protective equip- 
ment such materials could be made to operate near room tem- 
perature, their high strength-to-density ratios could be used to ad- 
vantage. It is apparent, however, that a fair comparison be- 
tween protected and unprotected structures can be made only if 
we define a structural-efficiency parameter which accounts for the 
added weight of the protective equipment. We therefore define 
the following quantities: 


(o/p), = effective structural efficiency for a protected struc- 


ture 
t, = effective structural thickness defined so that total 
structural weight per unit area (including protec- 
tive equipment) is p,t, 
p, = weight density of structural material 
= structural efficiency for material at temperature is: 


| 
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T = maximum structural temperature which protective 
equipment is designed to maintain 


For any structure, the stress-density ratio is related to the edge 
ation 


so that, for a structure designed to operate at the temperature 
Ta, we have 


where ¢, is the thickness of material necessary to produce the re- 
quired strength at the temperature T,. If the structure is in- 
sulated or cooled to maintain the temperature 7',, the weight per 
unit wetted area is now p,/, instead of p,t, and the effective stress- 
to-density ratio is given by 


Pate 


Making use of Equation [22] in the last expression gives 


(3). 


It is obvious from Equation [23] that the factor ¢,/t, represents 
the reduction of structural efficiency due to the weight of the pro- 
tective equipment. 

The total weight of the structure, including the protective 
equipment is 


= Pita Wp 


where w, is the weight per unit wetted area of the insulation or 
cooling system. From Equation [24] we may write 
By 
le a} 

(7/P)a 


Pla 
Finally, substituting Equation [25] in Equation [23] gives 


pPJal + Sw, 

We can see from Equation [27] that in order to determine the 
effective structural efficiency it is necessary to develop expressions 
for w, appropriate to different types of cooling and insulation 
systems. 

It should be noted that the weight of protective equipment re- 
quired to maintain the structure temperature below a given value 
Tq depends on the structural thickness ¢, since the heat capacity 
of the structure will determine the rate of its temperature rise. 

Expressions for w, will now be developed for two protection 
systems which are considered to show promise for aircraft appli- 
cations. These systems are (a) insulation system, and (5) insula- 
tion-cooling system. If, with the use of these systems the heat 
capacity of the insulation is neglected as small compared to that 
of the structure, the heat flux into the primary structure may be 
expressed as 


where 


[26] 


TRANSACTIONS OF THE ASME 
For simplicity, the equilibrium temperature 7) will hereafter be 
assumed constant with time. We now consider the particular 
systems listed previously. 

Insulation System. In this system the insulation is used to 
delay the temperature rise in the structural skin so that the 
transient heat flow must be considered. With the assumptions 
discussed previously, the heat-balance requirement for an ele- 


ment of the primary structure shows that the temperature must 
satisfy the equation 


dT 
PC ta 


the solution of which is 
T(0) = To{1 + 


where 


If the duration of one flight is 0¢ and the maximum allowable 
temperature in the primary structure is T,, the expression be- 
comes 
Ta = + 

which may be put in the form ~~ gee 

= In Tr 

where 


tens 


Ts T, 


= 


Substituting for € in this last expression, we obtain an equation 

which may be solved for the thickness of insulation ¢; required to 

maintain the structural temperature below 7’. The result is 


2 


The weight per unit wetted area of the system is 
= + pil; 


where w, is the weight per unit wetted area of the supporting 
structure for the insulation and is assumed constant. 
Substituting for ¢; in this last expression yields 


Wp 
Hence, for an insulated structure, the effective structural effi- 


ciency is obtained from Equation [23] with ¢,/t, calculated from 
Equations [25] and [31] as 


ab 
iv) 


Insulation and Cooling System. In this system the heat flux to 
the structure is absorbed by a coolant which is in contact with the 
supporting structure. Since the coolant is used to absorb the heat 
input continuously, we consider only the steady-state heat- 
balance equation, written as 


(T — T)0 = Hu, 


where H is the heat of vaporization of the coolant and w, is the 


Cc, In Tr 
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weight of coolant cunineed per unit wetted area. The total weight 
of the system is then given by 


w, = + + ws + pil 


where w, is the weight per unit wetted area of the pumping and 
valving equipment; this quantity is usually small compared to 
the other weight increments and will .hereafter be neglected. 
Substituting for w,. from Equation [33], we obtain 


, 
To, H 
The weight of the system is now minimized by differentiating w, 


with respect to ¢; and setting the result equal to zero. The opti- 
mum value of ¢; is found to be 


Substituting Equation [35] in Equation [34] gives the weight 
of the optimized system as 


w, = w+ 2 Tr 


It is interesting to note that the optimum is achieved when the 
weights of the insulation and the coolant are equal. From Equa- 
tions [25] and [36], we find ¢,/t, for an insulated and cooled struc- 
ture as 


1 


It is of interest to determine the value of the parameter S for 
which the weight of the insulation system will be equal to that of 
the insulation and cooling system. From Equations [31] and 
(37], we obtain 


where S* is the critical value of S for which the two systems have 
equal weight. We note that for S < S* the system with insula- 
tion only is the lightest while for S > S* the system with both 
insulation and cooling should be used. 

By using Equations [32], [37], and [38] we may now compare 
protected and unprotected structures on the basis of minimum 
weight-strength. The procedure to be used is as follows: 

(a) Given the loading index, and external temperature, we 
may use the optimum-stress envelopes to determine the most 
efficient material and the corresponding value of o/p for the best 
unprotected structure. 

(b) For protected structures, the most efficient arrangement is 
found to be a primary structure of aluminum or magnesium alloy 
maintained at a temperature of not more than 300 F. Thus for 
the given loading we may determine (a/p), and S = q/(a/p)q. 

(c) We now compute S* from Equation [38]; if S < S*, 
the system with insulation only is used and (a/p), is calculated 
from Equations [25] and [32]. The insulation thickness is then 
obtained from Equation [30]; if S > S*, the insulated and cooled 
system is adopted and (¢/p),and¢; are then calculated from Equa- 
tions [25], [37], and [35}. 

(d) The value of (o/p), for the protected structure should be 
compared to the value of a/p obtained in step (a) for the best 
unprotected structure. This will determine whether or not a 
protective device is advantageous for the case considered. 

It should be pointed out that the foregoing method makes no 


. [38] 


attempt to account for the reduction of structural depth h due to 
the insulation. This reduction in structural depth will cause an 
increase in the loading index so that in fact the unprotected struc- 
ture should be compared to a protected structure subjected to 
higher loading. It would be possible to account for this change 
in the loading by a process of successive approximation by simply 
repeating the foregoing procedure for a new structural depth re- 
duced by the proper insulation thickness. This more refined 
procedure is not felt to be necessary, however, because the effect 
of thermal stresses has been neglected. Thermal stresses in 
general will be fairly severe for the unprotected structure, while 
the protected structure will experience little or no thermal stresses. 
Thus it is probable that the increase in effective loading due to 
thermal stresses in the unprotected structure will be of the same 
order as that due to reduction of structural depth for the in- 
sulated or cooled structure. It seems logical, therefore, to com- 
pare the protected and unprotected structures at constant load- 
ing index. 

Calculations carried out for suitable insulation materials have 
shown that it is not advantageous to insulate (or cool) any ma- 
terial other than the lighter alloys such as aluminum and mag- 
nesium. This results from the fact that these materials have 
larger specific heats than the more heat-resistant alloys, so that a 
given insulation thickness would allow a smaller temperature rise 
in an aluminum or magnesium structure than in an equivalent 
titanium or steel structure. 

As a final point in the discussion of protected structures, it 
should be pointed out that since insulants are of low density, 
their use is limited in practice only by the maximum permissible 
insulation thickness which is in turn limited by the maximum 
allowable decrease in structural depth. When the required 
insulation thickness exceeds this practical limit, it is necessary 
to reduce it by cooling the structure even though the insulation- 
cooling arrangement is not the optimum. Calculations have 
shown that the weight penalty due to such deviations is small. _ 


CoNCLUSIONS 


It has been shown that optimum-stress curves for wide columns 
and multiweb beams of any material at any temperature may 
be obtained from the corresponding optimum-stress curves for 


any other material at room temperature. Since a great deal of 
experimental information is available for optimized alv-ninum 
structures at room temperature, these transformations extend 
the applicability of this information to all materials and tem- 
peratures. 

It also has been shown that there exists a relation between the 
geometry and size of optimized structures made of different ma- 
terials so that the detailed configuration of any element can be 
obtained from a geometrically equivalent element made of alumi- 
num alloy. Thus the entire design of optimized elements for 
any material and temperature can be accomplished with design 
data which are already available, and an estimate of the life 
limitation due to creep buckling can be made. 

In addition, methods have been developed by which to com- 
pare insulated and cooled structures with unprotected structures 
on the basis of minimum weight-strength. As an example Fig. 6 
presents a curve illustrating the variation of weight penalty 
resulting from elevated-temperature operation with Mach 
number for a particular optimized structure subjected to a given 
loading and exposure time. This curve illustrates the advan- 
tages which may be gained by the use of insulation and cooling. 

The methods presented herein should prove useful in narrowing 
down the scope of preliminary structural design investigations, 
since they provide rapid systematic means of selecting material, 
structural arrangement, and detail geometry. 

Finally, it should be clear that while the methods developed 


here apply to wide columns and multiweb beams, similar methods 
could be developed for other types of optimum structures. 
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K 
and Materials 


By GEORGE GERARD,' 


Minimum-weight equations for failure of solid and wide 
columns, plates and plate assemblies (crippling), and opti- 
mum stringer panels are presented in terms of suitable 
structural loading and material-efficiency parameters. 
From these equations the comparative structural effi- 
ciency of plates and stringer panels was investigated. 
Similarly, the comparative efficiency of various materials 
was studied for elevated-temperature, stringer-panel 
applications. By analytically determining the optimum 
spacing of ribs or webs in stringer panel-rib or multiweb 
construction, respectively, a composite structure of mini- 
mum weight is obtained. For such structures the struc- 
tural-loading and material-efficiency parameters are 
generally different from those obtained for the individual 
elements. Typical results are presented for composite 
structures and some general considerations are presented 
for selection of materials for thermal-flight aircraft. 


NOMENCLATURE 


The following nomenclature is used i int the paper: 
= 


area 


plate width 

end-fixity coefficient 

number of corners 
modulus of elasticity 
generalized plastic modulus 

secant modulus | 


= shape factor 
centroidal-height coeffici ient 
bending moment 
loading per inch 
supporting-structure ratio 
thickness 
volume 
structural chord 
weight 
generalized dimension 
panel-efficiency coefficient 
plate coefficient, also rib coefficient 
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crippling coefficient 
= plasticity factor for plates 
Poisson’s ratio 
radius of gyration 
solidity 
= stress 
= applied stress 
= buckling stress 
= compressive yield strength 
ao, = failing stress - 
Tt = plasticity factor for wide columns 
7 = plasticity factor for stringer panels earn ait oom, 


Subscripts 


o = optimum value 
r = rib 
- = effective value 


INTRODUCTION 

To determine the efficiencies of various compression — 
and materials in normal and elevated-temperature applications, — 
a considerable array of structural-efficiency criteria has “dal 
proposed. These range from a simple criterion such as density- 
compressive yield-strength ratio, to criteria based upon failure fe. 
of columns and plates and include those for composite-stringer i» 2 
panel-rib, or multiweb constructions. ea: 


Since buckling considerations govern the design of a major pro- 
portion of the airframe (it has been variously estimated that 
from 60 to 95 per cent of the structure is critical in compression), 
the importance of proper efficiency criteria should not be under- 
estimated. Solutions to the problems of suitable structural 
arrangements and materials for thermal-flight aircraft of mini- 
mum weight can thus be greatly aided by the selection of proper _ 
structural and material-efficiency criteria. 

It is the objective of this investigation to delineate the mini- 
mum-weight considerations involved in comparative struc- 
tural-efficiency studies as contrasted with comparative material- 
efficiency studies. The former aids the selection of proper struc- 
tural arrangements for minimum weight whereas the latter indi- 
cates the proper material which leads to minimum weight for a 
selected structure. 

The analysis considers structural and material efficiencies of 
the basic elements, i.e., solid and wide columns, and failure of 
plates and plate assemblies (crippling). All of these elements. 
are combined in a stringer panel, and for one of optimum design, 
efficiency criteria can be obtained readily. In all the foregoing 
cases it is assumed that the over-all length of columns and 
stringer panels, and the width for plates are prescribed. : = » 

In the design of an airframe, certain dimensions such as the a: 
wing span and chord are generally fixed by nonstructural ll / 
siderations. However, as the structure is divided into com- 
ponents, the rib or web spacing, and consequently the a 
panel length or plate width, often can be set by structural con- nS - 


h : 
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siderations. These spacings can be selected so as to achieve 
minimum weight for the composite structure and are therefore 
considered as open dimensions. 

In considering the minimum-weight analysis of composite 
structures such as stringer panel-rib construction or multiweb 
construction, it is possible to determine analytically the optimum 
spacing of the supporting structure (ribs or webs). Thus the 
open dimensions are determined analytically under the condi- 
tion that the weight of the composite structure be a minimum. 
In such cases, structural and material-efficiency criteria are ob- 
tained for optimum composite structures different from those 
obtained for the basic elements. 

The results presented herein are built up successively from 
basic compression elements to the optimum composite structure. 
In this manner it is possible to choose suitable efficiency criteria 
at the particular level of optimization desired. 


Basic ELEMENTS 


General Analysis. The basic relationships and assumptions 
required for the minimum-weight analysis or design of a com- 
pression element subject to buckling are as follows: 


(a) A relationship for the failure stress ¢, of theelement. In 
cases where the element may be subject to several buckling 
modes, it is an axiom of optimum design that the several modes 
occur simultaneously, thereby establishing relationships for the 
open dimensions, 

(b) The relation between the load P or loading N and the 
applied stress 


P/A=N/l 


The load terms may contain appropriate factors of safety. 
(c) The margin of safety is zero. Thus 


CO, = 0. 
(d) The weight is given simply by 
W = g AL = gibL... 


The essential difference among the various compression ele- 
ments lies in the relationship for the failing stress. Both the 
failing stress and resultant weight equations are summarized 
later for basic elements in which the leading dimensions are 
prescribed. 

Solid Columns. For columns of solid cross section as discussed 
in reference (1),? bending instability is the possible buckling mode 
and, therefore, buckling and failure are essentially coincident 


= Or = E,/(L/p)* 
The optimum stress in terms of the applied load 
o, = cfE,P/L*)'* 


where f = p?/A represents the shape of the cross section. 
w weight equation for this case 


Wide Columns. The buckling of wide columns is essentially 
coincident with failure. Thus, as given in reference (1) 


? Numbers in parentheses refer to the Bibliography at the end of the 
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= E,/4E +°3 E,/4E ca 


T 
The optimum stress in terms of the applied loading ta 
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The weight equation 


12(1 — v?) “( N 
TEL 
Plates. It is well known that for plates, the failure stress can 
exceed substantially the buckling stress when the latter occurs 


elastically. From test data at room and elevated temperatures, 
the following relationships have been ‘established 


By = for <3/4....... [10] 


“ t\? 
for > 3/4..... [11] 


In reference (2) the following weight equations are given based 
on Equations [10] and [11] 


Ww 12(1 — ( N 


for < 3/4 


Plate Assembly. The crippling strength of a plate assembly 
such as a formed section or monolithic panel with formed stringers 
(L'/p = 20) is given by the following semi-empirical relation in 


reference (3) 
1/27 
(2) ] 
Ocy 


where C is the number of corners in the cross section. The co- 
efficient 8, has a value of 1.30 for sections with three or more 
corners (lipped Z, channel, or hat sections, for example). The 
weight equation for this case is 


Ww ¢ 6.67 (2 3.83 
Le Et Oey 


Optimum Stringer Panel. For a stringer panel of optimum 
design, the various possible buckling modes occur simultane- 
ously as discussed in references (4) and (5). For such panels, 
the failing stress is given by 


a, = ac'/* (N7E/L)'* 


The coefficient @ is the panel efficiency factor. Results of both 
extensive experimental and theoretical studies summarized in 
reference (6) indicate that a = 1 approximately for Z and hat 
stiffened panels and a = 1.15 for Y stiffened panels, The plas- 
ticity reduction factor was found to be 


= (E/E) (E,/E,)”... 
The weight equation for the optimum panel 
Ww ¢ ( N 


Wel 
ComPaRATIVE EFFICIENCIES 


Structural Efficiencies. The various weight relations given 
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by Equations [6], [9], [12], [13], [15], and [18] all contain struc- 
tural coefficient terms which are constant for structures of the 
same geometry. In addition, structural-loading parameters of 
the form N/X, or P/X,? appear as well as terms representative of 
the structural material such as ¢/E* and ocy/E. 

To investigate the comparative structural efficiencies of vari- 
ous elements such as wide columns, plates, and stringer panels 
it is desirable for the moment to suppress the influence of the 
physical properties of the materials. This can be accomplished — 
by plotting the parameter W/gbL? as a function of N/EL = 
shown in Fig. 1. 
pression elements of the same material for various structural-— 
loading parameters to determine the regions in which each type 
may have efficient structural applications. 
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From Fig. 1 it is evident that the stringer panel has a wide 
range of application. At high values of N/EL, however, plate 
elements of sufficiently large L/b can be more efficient than the 
stringer panel. Since wide columns are essentially plates of 
small L/b, it is not unexpected that they should have the lowest 
efficiency of those considered. 

In Fig. 1 the 45-deg lines represent constant values of £/a,. 
This follows directly from 

N/EL 
‘Thus it is evident that for a prescribed value of N/EL, the 
stringer panel achieves superior efficiency by virtue of higher 
value of o,/F than other elements in a certain range of N/EL 
values. 

However, it is not evident from Fig. 1 in what ranges com- 
posite stringer panel-rib construction is more efficient than 
multiweb construction and the converse. This requires a knowl- 
edge of the rib spacing L and web spacing b which can be deter- 
mined analytically so as to achieve minimum weight for the 
composite structure. Before considering the composite struc- 
ture, however, it is pertinent to return to consideration of mate- 
rial efficiency to complete the picture for the basic compression: 
elements. 

Material Efficiencies. In conducting comparative material- 
efficiency studies, a considerable simplification can be effected 
by use of idealized stress-strain curves such as shown in Fig, 2. 


oJ/EL 


This simplification is achieved at the expense of little, if any, 


error in results. By use of the idealized representation, stress- 
strain characteristics for a particular material of density ¢ are 
characterized only by values of E and ¢cy at a given temperature 


In this manner it is possible to compare com- _ 
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T. This has the obvious advantage that E and ocy values 
are generally given as a function of temperature, whereas the 
pertinent stress-strain data are often not available. In addition, 
the stress-strain data beyond gy are generally not used in design 
and therefore the use of a cutoff at o-y is in accord with design — 
procedures. 

For a particular compression element such as a stringer panel, 
a material-efficiency investigation at a particular temperature’ 
can be conducted. This is readily accomplished by choosing 
W/bL? and N/L as the variables in plotting the weight relation, 
Equation [18], for various materials. Thus, for the stringer panel 
constructed of a material with the idealized stress-strain char- — 
acteristics 


Ww 1 (N 
bL? ac'/* E”A\L 


/s 
) for < Oey... 


= 22 for 


= Gey... 
Ca 


It can be observed from Equation [20] that the physical prop- 
erties of the material influence the weight according to ¢/E’/* in 
this case whereas for o, = Ocy the material efficiency depends 
upon 
To illustrate the use of the material-efficiency chart, Fig. 3 om 
been prepared for stringer panels of various materials at room — 
temperature. The physical properties used in this evaluation — 
are representative room-temperature values. In each case the — 
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TABLE 1 PROPERTIES OF ALLOYS 


T ROOM TEMPERAT 
psi pei pei/ (psi)! /2 
x 10-5 


¢/ acy, 
pei/psi 
28x10-* 
1.26 


1.21 


From Fig. 3 it is apparent that of those materials considered 
the magnesium alloy FS1-H24 is the most efficient up to N/L = 
190 psi. Beyond this, the aluminum alloy 7178-T6 is the most 
efficient in stringer-panel applications although beyond N/L = 
1200 psi the titanium alloy RC-130A is slightly more efficient. 
Actually, however, there is no significant difference among the 
aluminum and titanium alloys and stainless W steel in this region 
by virtue of almost identical values of ¢/o.y. Note that the 
45-deg lines represent constant values of ¢/¢,. 

Fig. 3 is typical of the type of results obtained in material- 
efficiency studies. Consequently, it is convenient to elucidate 
certain basic rules which are of considerable utility in elevated- 
temperature investigations. It is quite obvious from the results 
for RC-130A as compared to stainless W that if 

(¢/E") > (¢/E")s 
and 
then miacatel 1 is always more efficient than material 2. 

Because of the fact that the lower-density materials have lower 
E and particularly lower o.y values, a typical situation illustrated 
by the FS1-H24 and 7178-T6 materials in Fig. 3 is often obtained. 
Here 


(¢/E") < (¢/E*)s 


however 
| 


Ban 
> 


In this case an intersection occurs for the two materials and a 
transition from material 1 to material 2 is indicated in the in- 
terests of efficiency. For the stringer panel, for example, the 
value of (N/L)tr at the transition can be obtained by equating 
Equation [21] for material 1 and Equation [20] for material 2. 
For the idealized stress-strain relation 


(2) N ( ( 
1 L ac’/* 2 
(*) 


The use of the (N/L)t term is of considerable value in sum- 
marizing the results of material-efficiency investigations at ele- 


vated temperatures. Reference to a chart of temperature as a 
function of (N/L) for various materials facilitates the selection 
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of the most efficient material for prescribed loading and tempera- 
ture conditions, 

Such a chart can be constructed from a series of charts such as 
Fig. 3 for various temperatures. Values of (N/L)r can also be 
established directly by use of Equations [22] and [23]. For the 
short-time elevated-temperature physical properties listed in 
Table 2, Fig. 4 has been constructed for optimum stringer panels. 
It can be observed that the aluminum alloys have no range of 
efficient application beyond approximately 650 F and that the 
titanium alloy RC-130A has no range of efficiency beyond 1000 F, 
approximately, 
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It is to be noted that if actual stress-strain curves are used in 
place of the idealized ones, the procedure is the same although 
somewhat more complicated since it is. necessary to introduce 
the proper values of £ into Equation [18]. For the basic com- 
pression elements; solid and wide columns, and plates and plate 
assemblies, charts such as Fig. 4 can be constructed using the 
foregoing procedures. 


ComposITE CoMPRESSION STRUCTURES 


A higher level of optimization can be achieved by considering 
the rib spacing or plate width as an open dimension. In this 
manner minimum-weight designs can be obtained for the com- 
posite compression structures involved in stringer panel-rib and 
multiweb construction. Instead of specifying the rib spacing L 
or plate width b at the start as done in the previous sections, these 
spacings are now considered as open dimensions subject to opti- 
mization. 

The subject of minimum-weight analysis of composite struc- 
tures has been treated at length (6). It is the purpose here to 
summarize some of the pertinent results for stringer panel-rib 
and multiweb construction in order to round out the comparative 
efficiency study. 


TABLE2 SHORT-TIME PHYSICAL PROPERTIES OF 7 ERING ALLOYS AT ELEVATED 
TEMPERATURES (7, 


Sheet material 400 F 


600 F 


800 F 


Compressive yield strength, ksi 


Elastic modulus, 106 psi 
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The results of reference (6) can be summarized in terms of the 
parameters given in the following. The volume of structural 
material of a composite structure is 


V =(1+ S8)ilw 


where S is the ratio of the weighted effective thickness of the 
supporting structure relative to the effective cover thickness 
7. The solidity is defined as lat 


=- = (1 S) i/h. 
Lwh 


Note that the solidity is analogous to the parameter W/¢X,* ob- 
tained for the basic compression elements. Therefore the 
weight of a composite structure is 


The applied axial loading acting on the covers of the wing or 
tail surface is prescribed by the bending moment M, the over-all 
height of the structural box h, and the width w 


N = M/k,hw 
The coefficient k, relates the centroidal height to the over-all 


height h for the various types of construction. Finally, the 
applied stress is equal to the allowable stress 


Stringer Panel-Rib Construction. To evaluate the solidity ac- 
cording to Equation [27], it is necessary to determine analytically 
the supporting structure ratio S and the effective thickness ratio 
(i/h), of the optimum structure. For stringer panel-rib con- 
struction the optimum relationships were established in reference 
(6) as follows 


S=1/4 

(7 (‘Be (2) 
h/,. Nateg p, h) 
The various terms in Equation [31] have the following definitions 
and values as used in the analysis 

¢ = 1.15 for optimum Y-stringer panel “7 
B = 4/r‘ for effectively rigid pin-ended ribs 


h/p, for ideal full-depth ribs with concentrated flanges 
h/w structural-thickness ratio 


c for pin-ended stringer panel 


It is further assumed that the stringer panel and ribs are con- 
structed of the same material. Thus 


= 


Under these conditions the optimum rib spacing for minimum 
weight of the composite structure is found to be 


(4 o.oo (2 

h Eh 

The sole function of the ribs as used here is to just stabilize the 
compression cover against general instability. Equation [32] is 


plotted in Fig. 5 for various structural-thickness ratios. 
By use of Equation [30] and the foregoing assumptions, Equa- 


tion [31] reduces to 


ih” 


Fic. 5 Optimum Rip Spactnc ror Riss Wits Hincep Enps 
By use of Equation [27], S = 1/4 and Equation [33] the weight 
equation is obtained 


()" 1 

In comparing Equation [34] for the composite construction 
with Equation [18] for the stringer panel alone, it can be ob- 
served that the two types depend somewhat differently upon the 
physical properties of the materials. The stringer-panel weight 
is proportional to ¢/(7E)'/* whereas for the stringer panel-rib 
construction the weight is proportional to g/7*:* E°-*. 

Multiweb Construction. With the assumptions that the cover 
and hinged web are of the same material and buckle simultane- 
ously, the following results were established for multiweb con- 
struction in reference (6) 


S = 1/2 


h 
The optimum web spacing b is given by 
(h/b), = (5/4)? 
The weight equation 


= = 0.905 (N/nEh)'/? 


In this case the cover of the multiweb depends upon the physi- 
cal properties of the materials in the same manner as plates 
which fail at &;/o-y > 3/4. Both in Equations [13] and [37], 
the weight is proportional to ¢/(nE)'/*. 

Comparative Efficiencies. In comparing two forms of com- 
posite construction in order to establish the ranges of efficient 
structural application of each, it is essential that they be com- 
pared on a common basis. In Equation [29], which defines the 
loading N, the centroidal-height coefficient k, appears. Since 
k, varies both with the loading and the type of construction, it 
is desirable to compare the structures on the basis of M/h*w 
rather than in terms of N/h which appears in Equations [34] 
and [37]. 

To demonstrate the significant influence of the centroidal- 
height effects on the ranges of efficient application of stringer 
panel-rib and multiweb construction, Figs. 6 and 7 have been 
prepared. Fig. 6 is essentially of the same form as Fig. 1 and 
does not contain centroidal-height corrections. It can be ob- 
served that as the structural-thickness ratio h/w decreases, the 
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solidity of stringer panel-rib construction approaches that of 
multiweb construction at larger values of N/EA. 

By contrast, the abscissa of Fig. 7 is the parameter M/h*w in- 
stead of N/h and thus the centroidal-height effects are reflected 
directly in the curves for the two forms of construction. Further, 
the results pertain to the aluminum alloy 7075-T6 at room tem- 
perature with o-.y = 69,000 psi. Actual rather than idealized 
stress-strain data have been used in preparing Fig. 7. 

Of particular significance here is the fact that stringer panel- 
rib construction has an upper limit of efficient application of 
M/h*w = 2000 psi, approximately. By comparison with Fig. 6 
which did not indicate an upper limit, it can be observed that 
this limit is primarily due to centroidal-height effects of the 
7075-T6 stringer panels. 

To conduct material-efficiency studies, charts such as Fig. 4 
can be prepared for the composite forms of construction. Since 
each type of construction is being evaluated individually from 
the material-efficiency standpoint, it is generally not necessary 
to include centroidal effects in such investigations. 


EFFICIENT MATERIAL AND CONFIGURATION SELECTION 


With the considerable array of material and structural- 
efficiency criteria available one may legitimately inquire as to 
how the results are to be applied in design, and what are some 
of the other considerations which have not been included in the 
analysis, 

In the preliminary design stages where first approximations 
may be sufficient, efficiency charts for the composite structure 


can be of considerable aid in selecting materials and structural 
arrangements of minimum weight. As the structural design 
progresses beyond the preliminary stages, there is more difficulty 
in designing the over-all structure purely from optimum con- 
siderations and therefore the results of efficiency studies for the 
individual compression elements become of greater importance. 

Within certain limitations, minimum-weight studies appear to 
offer a rational approach to the selection of structural arrange- 
ments and materials in the design of aircraft. Because of the 
assumptions made in the analysis and the negiect of many con- 
siderations involved in the design of a wing such as fuel storage, 
for example, the results of minimum-weight analyses can only 
be considered as first approximations. These results must be 
modified by other structural requirements such as those of 
torsional rigidity, and by practical considerations such as mini- 
mum skin gages in the refinement of the approximation. 

Thermal-Flight Considerations. With the advent of thermal 
flight, those concerned with the design of the airframe have been 
faced with three basic problems in the quest for structural effi- 
ciency; namely, structural arrangement, material selection, and 
insulation and cooling techniques. These problems are all inter- 
related so that it is not possible with our current state of knowl- 
edge to arrive at general minimum-weight design principles 
which automatically could specify structural configuration, 
structural material, insulation material, and cooling techniques 
for various flight paths. In fact, the fairly large number of 
material-efficiency criteria which have appeared in the literature 
can be confusing to those concerned with the problem of material 
selection until protection techniques have been explored suffi- 
ciently. 

In all cases, however, it is necessary in the design of a wing to 
consider the spanwise weight variation of the compression, shear, 
and tension structures whether protected or not. As an illus- 
trative example, Fig. 8 indicates the spanwise weight variation of 
the composite compression structure of a wing of two different 
materials at some elevated temperature. The weight variation 
is not necessarily that of the optimum structure but can include 
torsional as well as bending requirements, secondary-load con- 
siderations for the primary structure, the weight of the secondary 
structure, and insulation and cooling-equipment weight. 


TITANIUM ALLOY 


Fic. § Scnematic SpanwisE-WeIGHT VaRIATION OF Two MaTE- 
RIALS AT ELEVATED TEMPERATURE 


For the example shown, because of the high loading intensity 
in the root region, titanium alloy is considerably more 
efficient than aluminum alloy. However in the outboard 
regions, the reverse is true since the load intensity has decreased. 
Thus, as a consequence of the fact that the comparative efficiency 
of structural arrangements and materials may vary spanwise for 
the compression structure as well as for the shear and tension 
structures, it is necessary to consider the total wing weight in 
selecting the most efficient material and arrangement. 

In addition, the use of aluminum alloy generally leads to 
greater rigidity than titanium alloy since larger skin gages are 
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Thin- Wing Construction 


By R. A. ANDERSON,! LANGLEY FIELD, VA. 


Information on the weight efficiency of multiweb thin- 
wing construction is reviewed and presented in a form 
suitable for preliminary design purposes. The effects of 
corrugated-web systems and steel-sandwich cover skins 
on weight efficiency are analyzed, and simple criteria are 
given for estimating the effect on weight of changes in the 

material properties of the structure. Pare 
INTRODUCTION 


A number of studies have been made in the past of the weight 
efficiency of structures for thin wings. See, for example, ref- 
erences (1 and 2).? In general these studies have led to diagrams 
which define the minimum weight of various structural con- 
figurations for a range of bending moments. More recently, this 
same type of analysis has been extended to give the weight of the 
optimum structure when both over-all stiffness and strength re- 
quirements must be met (3). Essentially, this has meant con- 
sidering the skin thickness as a primary design variable and there- 
fore defining the optimum structure for a range of bending 
moments for various values of the wing depth-to-skin thickness 
ratio. This is necessary inasmuch as the optimum structural 
arrangement for a given wing is as likely to be a function of the 
desired skin thickness as of the loading intensity. 

The information necessary for the latter type of analysis is re- 
viewed in the present paper and comparisons given of the weight 
efficiency of various forms of multiweb wing construction. Both 
corrugated-web systems and steel-sandwich skins are analyzed. 
Simple criteria are given for estimating the effect on weight of a 
change in the material properties of the structure. 


NOMENCLATURE 


The following nomenclature is used in the paper: 


= area of compression structure per chordwi ise inch © 
= spacing of web supports 
= Young’s modulus of elasticity 

secant modulus of elasticity 


equivalent flat-plate thickness of corrugated web on a 
weight basis 

average compressive stress in a plate at failure 

compressive yield stress for a material (taken as 0.2 per 
cent offset yield stress in this presentation) 

density of a solid material 

effective density of sandwich core material 


Cover SKIN CoMPRESSIVE EFFICIENCY 


For many thin wings the desired structure is of the multiweb 
type in which the major portion of the material can be allocated to 
the cover skin where its contribution to local as well as over-all 
stiffness is the greatest. Structural weight in this case depends to 
a great extent upon the efficiency of plate elements of the cover 
skin in transmitting edge compressive loading. The first part of 
this paper, therefore, summarizes information on the compressive 
strength and weight of cover skins for support conditions en- 
countered in multiweb construction. Both solid cover skins of 
various materials and steel-sandwich cover skins are treated. 

Solid Cover Skin. A weight-efficiency study of multiweb con- 
struction is based upon the strength analysis of a structural ele- 
ment such as that shown in Fig. 1. Attention is directed to that 


effective offset of rivet line from plane of web 

thickness of a sandwich plate 

over-all depth of beam 

bending moment per chordwise inch 

compressive loading per chordwise inch 

thickness of solid plate (sum of face thicknesses in sand- 
wich plate) 

thickness of channel web 

equivalent flat-plate thickness of sandwich plate on a 
weight basis 


Fic. 1 Cross Section or MuttTiweB-WING STRUCTURE 
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portion designed by compressive loading; that is, the compres- 
sion skin and supporting webs. The allowable stress in the 
compression skin is determined by the width-thickness ratio of 
the skin between web lines, and by the support stiffness offered the 
skin by the web construction. The design details for the webs 
have been the object of much research (3, 4, 5), and tests show 
that flexibility of the web-skin attachment is the primary cause 
for reduction in allowable stresses from those achievable with 
webs which are integral with the skin. Even with the simple 
channel-web design illustrated in Fig. 1, however, near integral 


1 Langley Aeronautical Laboratory, National Advisory Committee 
for Aeronautics. 

2 Numbers in parentheses refer to the Bibliography at the end of 
the paper. 


Contributed by the Aviation Division and presented at the Avia- 
tion Division Conference, Los Angeles, Calif., March 14-16, 1956, 
of THe AMBRICAN SocieTY OF MECHANICAL ENGINEERS. 

Note: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, Jan- 

uary 18, 1956. Paper No. 56—: AV-13. 


beam behavior is obtainable with proper rivet pitch, diameter, 
and offset from the web plane. Combinations of these three 
quantities define an effective rivet offset f. Values of f required 
for near integral behavior are defined in reference (5). 

Average skin stresses at failure that have been achieved in ade- 
one riveted multiweb beams of 7075-T6 aluminum alloy are 
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Cover-SkIn Stresses ACHIEVED IN Tests OF MULTIWEB 
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given in Fig. 2. The lower curve gives the stresses in beams with 
channel webs which offer a stiff deflectional restraint to the skin 
but a negligible rotational restraint. These stresses were found to 
be relatively independent of web thickness so long as the web 
thickness is greater than that required to prevent crushing failure 
of the beam. The upper curve gives the stresses obtained in 
beams with a corrugated-web system. In the latter construction 
a high degree of rotational restraint of the skin is obtained with 
some loss in structural simplicity. However, the corrugated-web 
construction aids in reducing stresses arising from differential 
thermal expansion under rapid heating conditions and is at the 
same time very efficient in carrying shear. The area of the 
attachment angles is minimized by scalloping the leg which at- 
taches to the crests of the vertically corrugated web. 

In order that materials other than 7075-T6 may be included in 
an efficiency analysis a relationship must be established between 
failure stresses and material properties. One such relationship is 
shown in Fig. 3. The plotted points correspond to the maximum 
compressive stresses achieved in plates of various b/t and material 
properties when tested in edge compression in a V-groove edge 
fixture and when tested as covers of beams with channel webs. 
Correlation of these stresses with material properties is obtained 
by dividing failure stress by a quantity (E,o,,)'”*. This quantity 
is analogous in purpose to the buckling modulus used to correlate 
buckling stresses and therefore has been called a plate-strength 
modulus (6). The value of the secant modulus £, is obtained 
from the compressive stress-strain curve for the material at the 
failure stress of the plate. 

A significant conclusion drawn from Fig. 3 is that the failure 


_ a stresses of plates in a V-groove edge-supported compression test 


are in close agreement with the stresses achieved by the cover skins 
of 7075-T6 aluminum-alloy beams having channel webs. Similar 
agreement can be expected for channel web-beam tests of plates 
of other materials. Except in the plastic-stress region such 
stresses are appreciably higher than the simply supported buck- 


a ling stresses for plates. 


Allowable stress data such as those previously presented can be 
used to calculate the weight of cover skin required to transmit an 


edge compression loading P; at a given web-support spacing b. 


The curves of Fig. 4 giving this weight have been drawn for a 
number of materials and support conditions. The value of tp/b is 
a measure of the weight of a plate required for various values of 
the plate structural index P,/b. 

A comparison of the weight of aluminum-alloy cover skins sup- 
ported by corrugated webs and by channel webs is provided by 
two of the curves in Fig. 4. The reduction in cover-skin weight 
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for the corrugated web-supported plates is due to rotational re- 
straint provided by this web system. The reduction is the great- 
est in the low-index range where the average stress in the plates 
at failure is in the elastic range of the material and diminishes at 
the larger index values where failure stresses approach the ma- 
terial yield stress. 

A comparison of the weight of solid plates having the equivalent 
of channel-web support and made of 7075-T6 aluminum alloy, 
RC-130A titanium alloy, and 17-7 PH (cond. TH 1050) stainless — 
steel is also given in Fig. 4. The properties assigned to these ma- 
terials in calculating the curves are given in Table 1. Where 
plate-failure stresses are in the elastic range of the materials (low 
and intermediate structural-index range) the weight required is 
found to be approximately inversely proportional to the factor 
( Eo.,)'/*/p evaluated for each material. In this range, 7075-T6 — 


MATERIAL PROPERTIES USED IN CALCULATIONS 
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TABLE 1 
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Material ksi (in.4/Ib)*/2 
Malloy. aluminum 


9250 


titanium 
6! 
17- 7? 
Cond. TH 


17-7 PH steel 
(Cong. = 1050), 
600 F 


04+ 
a 
| 
| ihe) 20 60 80 100 10 80 
| 
‘ 
} 
ey: 
CHANNEL 
j 
2 3 4 5 | 
= 
7 
| 
700000 
824000 
85 13000 6040 500000 
.. 0.28 180 30000 5440 644000 
.. 0.28 150 27500 5090 


Fie. 5 Weieutr Erriciency or 17-7 PH Sree.-Sanpwicu Piates 
or Various Proportions Unper Epce Compressive LoapiIne 


7075-T6 ALUMINUM ALLOY 


——RGCI30A TITANIUM ALLOY 
—--~|7-7PH STEEL SANDWICH 
(COND TH 1050) 


O10 r 
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Puates AND Sotip PLatres oF Various MATERIALS at Room AND 
ELEVATED TEMPERATURES 


of the index, RC-130. \ titanium alloy, whieh has the highest value 
of a,,/p, will be the most efficient. 

Despite a high modulus and yield stress, plates of stainless steel 
are seen to be not competitive on a compression-efficiency basis 
with plates of the lower-density materials. By fabrication into a 
sandwich, however, the density disadvantage of steel can be over- 
come as is shown in the next section. 

Steel-Sandwich Cover Skin. The plate compressive efficiency of 
steel in the form of sandwich plates is presented in Fig. 5 (from 
reference 7). Each of the curves in this figure represents a dif- 
ferent sandwich proportion as shown by the ratio of over-all sand- 
wich thickness h to total face-sheet thickness ¢. The sandwich 
plates are assumed to have face sheets of 17-7 PH stainless steel 
which are either brazed or welded to a steel honeycomb core hav- 
ing a density of 9.7 pef. The calculations were made assuming 
that the simple-support buckling load is the failure load and that 
the buckling stress does not exceed the yield stress. The failing 
stress along any curve therefore varies from zero at the origin to a 
value equal to the material compressive yield stress. 

Material plasticity and the shearing stiffness of the steel honey- 
comb-core material are accounted for in computing the buckling 
load for the plates as explained in reference (7). Results are pre- 
sented for only one core density inasmuch as the calculations of 
reference (7) indicate that a core lighter than that assumed in 
preparing Fig. 5 can lead to “ve small increases in owes pate 
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compressive efficiency. This results from the increasing effect of 
core shear flexibility on buckling. 

The lower envelope curve in Fig. 5 defines the optimum propor- 
tions of the sandwich. It is significant that over a large range of 
structural-index values the most efficient sandwiches are obtained 
with small values of h/t; that is, sandwiches that have a high 
percentage of face-plate material. The weight of such sandwiches 
differs by only a small amount from the weight of the sandwich 
of ideal efficiency given by the line labeled ¢,,/p. This line gives 
the minimum possible weight assuming that the yield stress is the 
maximum stress that can be developed in the faces and that the 
core is of zero weight. 

A comparison of the envelope curve of optimum steel-sandwich 
proportions with the weight-efficiency curves for solid plates of 
aluminum and titanium is given in Fig. 6. The comparison is 
made for temperatures of 70 and 600 F. The figure shows that at 
70 F a plate compressive efficiency is obtained with steel sandwich 
which compares favorably with solid plates of the lower-density 
materials. 

At 600 F, steel-sandwich plates are shown to have a large weight 
advantage over solid plates of titanium. Over a substantial 
range of the structural index they are more efficient than solid 
plates of aluminum alloy at 70 F. The weight change between 
optimum steel-sandwich plates at 70 and 600 F is very close to the 


change in the ratio p/a,, for the face plate material. a ee 


Erriciency oF CONSTRUCTION 


The minimum-weight proportions of web structure required to 
achieve the cover-skin efficiency previously presented have been 


investigated in a number of multiweb-beam tests. In particular, 
the behavior of beams with channel webs has been rather thor- 
oughly investigated (3, 8) and a limited number of tests have 
been made on beams with corrugated webs. Because of extensive 
experimental verification, the weight efficiency of 7075-T6 
aluminum-alloy beams with channel webs will be used in the 
presentation that follows as a standard for comparison of the 
efficiency of other methods and materials of construction. Beams 
made of solid plates are treated first and the probable efficiency of 
beams of stainless-steel sandwich construction is reserved for a 
separate section. 


Beams Made of Solid Plates 

The weight efficiency of beams of 7075-T6 aluminum alloy hav- 
ing channel webs is presented in Fig. 7 (from reference 3). In this 
diagram a parameter A,p/H which is a measure of the weight of 
both the compression skin and its supporting webs per unit of 
chord is plotted as a function of the structural index for a beam 
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under a bending moment M,/H*. The weight variation is given 
for a number of values of the beam depth-to-skin thickness ratio 
H/t. Small values of this ratio correspond to the thinnest wings 
and/or the thickest skins. 

A feature of Fig. 7 is that the compression-structure weight 
required to meet a given strength requirement can be determined 
when the skin thickness is fixed by some other design condition 
such as torsional stiffness. For any H/t curve, the value of the 
ordinate at M/,/H? equal to zero is to/H, a measure of the weight 
of the compression skin alone. The increase in weight along the 
curve is that arising from the weight of webs required to stabilize 
the skin for the higher compressive-loading intensities. At the 
right-hand end of each curve, where allowable stresses approach 
the yield stress of the material, web weight increases rapidly for 
small changes in loading intensity. 

When skin thickness is an arbitrary variable in the design, the 
minimum-weight structure lies on the familiar strength-envelope 
curve. This curve approaches an ideal efficiency curve (no webs, 
allowable stress equal to compressive yield stress) at very high 
values of the structural index. 

Over most of the diagram it is evident that a weight increase is 
incurred if a desired skin thickness is greater than that which is 
optimum for strength. The curves also show that structures de- 
signed for values of /,/H* and H/t which lie to the right of the 
intersection of an H/t curve with the strength envelope not only 
weigh more but are less stiff than the most efficient structure. 

The strength envelope for 7075-T6 aluminum-alloy channel-web 
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———RC 130-A TITANIUM ALLOY 


CHANNEL WEBS 
~ CORRUGATED WEBS 


2 3 
Mi KS! 


Fic. 8 Errecr or a CHANGE IN MATERIAL AND OF A CHANGE IN 
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construction is used in Fig. 8 as the basis for evaluating the effects 
on weight of a change in the method of construction and of a 
change in material. In one case channel webs are replaced by 
corrugated webs and in the other case channel webs are retained 
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stances where a minimum skin thickness greater than the opti- 
mum is required for stiffness or other reasons, some of the ap- 
parent weight advantage of the corrugated-web design cannot be 
realized. On the other hand, if buckling from thermal stresses 
would dictate a channel-weh spacing that is less than optimum, 
the use of corrugated webs at a larger spacing may be ad- 
vantageous, 

The strength-envelope curve in Fig. 8 for channel-web beams 
of RC-130A titanium alloy is based on the strength analysis 
found applicable to beams of high-strength aluminum alloy (3). 
The titanium-alloy compression structure is found to vary from a 
maximum of 125 per cent of the weight of the aluminum-alloy | 
structure at a low index value to a minimum of about 85 per cent — 
at index values greater than 10. These percentage weight changes. 
are approximately proportional to the changes that occur, respec- — 
tively, in the compressive-efficiency parameters 


(Ec.,)'/*/p and 


for cover skins of these two materials. It is evident from this _ 
comparison that the weight efficiency of multiweb construction is 
heavily dependent upon the plate compressive efficiency of the 
cover-skin material and therefore that the efficiency parameters 
for the cover skins can be used to predict the maximum effects on 
beam weight of a change to any other material (or of an elevated 
temperature). 

Beams of Steel-Sandwich Construction. At present little ex- 
perience exists with multiweb construction employing steel- 
sandwich material and it is therefore necessary to base an 
efficiency analysis on a number of assumptions. The most im- 
portant of these is the weight of sandwich plate required for 
various loading intensities. The curves presented in Fig. 5 giving 
this weight variation are believed to be representative of current 
production capabilities and are used in the analysis. The detailed 
assumptions regarding a conservatively designed web system 
capable of providing at least simple support to the sandwich plate 
are given in the derivation of the weight-efficiency equations in 
the Appendix. 

In contrast to beams with solid skins, the core weight of sand- 
wich plates must be considered along with the web members as 
stabilization material. It follows therefore that the lightest 
structure for a given loading intensity and wing depth-to-skin 
thickness ratio will have the optimum distribution of stabilization 
material between sandwich core and full-depth webs. 

To illustrate the variation in total weight that can occur with 
arbitrary distributions of stabilization material, Fig. 9 has been 


and the material of construction is changed to RC-130A titanium ¥ "nf 
alloy. 

The corrugated web-beam envelope shown in Fig. 8 is based on ; ca 
a conservative analysis of the existing test data and indicates that _ oT 
the weight efficiency of this construction is substantially better 
than that for channei-web construction over a large range of the | havior am 
structural index. This is a reflection of the increased allowable __ wy 0 r ; 
skin stresses shown in Fig. 2. There is reason to believe that ad- __ ware M:/H2, KSI 
ditional tests will reveal the more optimum web proportions and ru i aie 
attachment design that will lower the weight of this construction 
at the higher values of structural index. 

A characteristic of corrugated-web construction not revealed by 
a presentation of the strength envelope alone is that a skin thinner 
than that associated with channel-web design is obtained at com- 
parable values of the structural index. Therefore, in circum- 
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prepared. In this figure the beam depth, the face-plate thickness, 
and the core density are held constant. Each curve therefore 
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given curve, the variation in weight is due to the changes in web 
spacing required for a variation in the beam bending strength. 

_ The lower envelope to these curves defines the optimum method 
of stabilizing the face-plate material for various values of loading 
intensity. Along the envelope the sandwich height to face-plate 
thickness ratio h/t varies from unity (at M,/H? equal to zero) to 
a maximum of 10. The maximum value of h/t decreases for values 
of H/t smaller than that used in this example. 

A family of envelope curves for various values of wing depth-to- 
skin thickness ratio is presented in Fig. 10. These curves are 
equivalent to, and may be compared with, those in Fig. 7 for chan- 
nel-web beams having solid-plate cover skins of aluminum alloy. 
Despite the much lower plate-compression efficiency of steel (Fig. 
4), an efficient use of stabilization material to increase the mo- 
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ment of inertia of the skin itself (as in a sandwich) as well as to 
reduce the unsupported width of the skin panels leads to weight 
curves which have about the same slope as those for beams of 
aluminum alloy. When steel is stabilized in this manner, a 
strength envelope is obtained for steel beams which compares 
favorably at room temperature with the best conventional 
aluminum-alloy construction even though the yield-to-density 
ratio of the sandwich face-plate material is considerably less than 
that of 7075-T6 aluminum alloy. This comparison is shown in 
Fig. 11. In this figure the calculated envelope curve for the steel- 
sandwich construction is shown dashed to differentiate it from 
the solid curves that have been verified by test data. 

The family of parallel dotted lines in Fig. 11 gives the weight of 
another type of sandwich-beam construction which is of current 
interest. In this construction a full-depth honeycomb core is 
used between steel outer-surface skins. The minimum weight of 
such beams was calculated with the assumption that full-depth 
cores of the densities shown are all capable of producing an al- 
lowable stress for the outer-surface skins equal to the material 
compressive yield stress. Even with this optimistic assumption it 
is clearly evident that an extremely light full-depth core is required 
to compete on a weight basis with other methods of cover-skin 
stabilization. 

To give an indication of the actual weights corresponding to 
the curves in Fig. 11, the weight of compression material per 
square foot of wing surface at a structural index value of 2 ksi 
and a wing depth of 6 in. is given in Table 2 


To the weights in Table 2 must be added the weight of the — 


tension skin, any necessary ribs, and any additional web material 
that might be necessary for shear. 
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TABLE 2 COMPRESSION STRUCTURE WEIGHT 
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Fig. 12. Errect or Etevatep TEMPERATURE ON WEIGHT 
oF MULTIWEB CONSTRUCTION 


In Fig. 12 a comparison is made of room-temperature weight- 
efficiency curves with the calculated envelope curve for steel- 
sandwich construction operating at 600 F. The weight change of 
the steel-sandwich structure is very nearly proportional to the 
change in the ratio p/¢,, for the material with temperature. Over 
the lower end of the index range the indicated weight at 600 F of 
those parts of the structure designed by compression loading is 
comparable to solid-plate aluminum-alloy beams at room tem- 
peratures. At the higher values of the structural index, however, 
the weight required is more closely related to the yield stress- 
density ratio for materials, and substantial increases in weight 
are indicated as temperature is increased. The development of 
temperature-resistant sandwich-plate materials with yield stresses 
higher than those assumed in the present calculations “og alle- 
viate this situation somewhat. 


ConcLuDING REMARKS 


Some of the factors that determine the weight of pone 
thin-wing construction have been reviewed with the intention of 
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directing attention toward developments that will lead to further 
improvements in weight efficiency. One of these is the use of a 
corrugated-web system which can provide not only a stiff deflec- 
tional support to the cover skins but also a high degree of rota- 
tional fixity to the skin panels. An associated problem is the pro- 
vision of simple attachment members which are light in weight and 
capable of utilizing the web stiffness to support the cover skins. 

For structures requiring temperature-resistant materials, the 
use of sandwich-plate construction will greatly reduce the buck- 
ling instability problems inherent with the high density of these 
materials. The total sandwich thickness need not be greater than 
10 times the total face-plate thickness for this to be accomplished 
efficiently. The calculations presented for stainless-steel sand- 
wich of current manufacturing capability indicate that even at 
room temperature multiweb-wing construction of such material is 
competitive in weight with conventional aluminum-alloy struc- 


ture. Because sandwich construction permits efficient utilization b 
of the strength of presently available temperature-resistant ma- H 
terials, further improvement in weight efficiency largely depends 


upon any improvement that can be made in the yield strength-to- 
density ratio of such materials. 
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Appendix 
CaLcuLatepD Weicut Erricrency oF A STEEL-SANDWIcH BEAM 


The bending moment per chordwise inch carried by a multiweb 
beam having two sandwich cover skins and vertically corrugated 
webs may be written 


2 


where A, is the attachment area on the compression side of the 
beam, and /y is the equivalent flat-sheet thickness of a corrugated 
web. 


Equations [1] and [2] may be rewritten 
_ Pb ( h 
«4 

i 


bH 


The value of ?/H can be given as 


i t 
H H p H 

and the value of b/H as 


p t 
An assumption for the attachment and reinforcement area at. 
a web joint in a sandwich panel that appears conservative is that 


this area is equal to the square of the thickness of the sandwich 
panel. Therefore 


Similarly, available test data on beams with corrugated webs 
indicate that the following expression for web thickness should be 
conservative 


The load carried by the attachment area at failure is determined — 


may be written 


Pa _ Pe t 

bH bH t bH 

Substitution of Equations [5] to [9] into Equations [3] and [4] _ 

yields 
M; 
H? 


M, = P(H —h)+ (H — 2h) 


where P, is the compressive load carried by the attachment and 
reinforcement area at a web-cover skin joint, and the other sym- 
bols are as defined in the nomenclature. The assumption is made 
that the centroid of the attachment area lies at the inner face of 
the sandwich cover skin. The area of compression structure per 


chordwise inch is Equations [10] and [11] have been solved simultaneously using 


the curves of P;/b versus ?/b for the sandwich panels given in Fig. 
5. The results are presented in Figs. 9 and 10. 
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craft Structures 


By ROBERT GOLDIN,’ BUFFALO, N. Y. 


Engineering considerations which constitute structural 
criteria are briefly reviewed, and the use of “safety factor’ 
in the “working-stress” approach is compared with its use 
in the “limit-load” design concept. It is recalled that in 
current aircraft-design practice, primary “limit condi- 
tions” are arbitrarily formulated on the basis of not com- 
bining two or more maximum severity conditions. Aero- 
dynamic heating superimposes: (a) Maximum tempera- 
ture, (6) temperature gradients, and (c) creep life as addi- 
tional parameters which severely influence design. The 
design-criteria problem is to define realistic combinations 
of these with each of the previous key parameters used 
in aircraft design. The possible design combinations are 
vastly increased, and it is contended that only a criteria 
framework and basic philosophy can be generally ap- 
plicable to all heated aircraft. Proposals relative to safety 
factors, creation of limit load-and-temperature condition 
combinations, and how to introduce creep life are pre- 
sented, together with illustrative examples of criteria for 
two types of aircraft. 


INTRODUCTION 
\ THE demands upon the structural engineer to provide 


airframes capable of sustaining aerodynamic heating in- 

crease, the urgency of establishing basic criteria as- 
sumptions has become paramount. Perhaps not since the very 
beginnings of the formulation of airplane structural criteria has 
the task been so formidable and solutions so obscure. By de- 
fining the problems and mustering present knowledge and past 
experience, the solution of these problems may be approached 
if not fully realized. 

We will first examine the question: What are “structural 
criteria,’”’ and also the present procedures used in establishing 
structural integrity. Most of the time the engineer turns to 
specifications and codes, and uses them with little or no thought 
of how they were evolved and what philosophies they represent. 
Now that we must revise or add to them drastically, it is appro- 
priate to take some time to reflect on what we have been doing 
before advancing farther. 

We will then review the influence of thermal aspects upon struc- 
tural criteria and categorize the new parameters which must be 
established. Because of the vast variety of aircraft and per- 
formance missions possible, it is the author’s firm belief that 
specification tables of design load factors, speeds, gross weights, 
and associated specific design conditions are not practicable to 
define “hot’’ design conditions completely. In lieu of such 
specific criteria, rules for formulating basic design values for any 
heated aircraft are proposed. The issues affecting safety factor 
are examined and a proposal is advanced for use in heated- 
structure design. 


1 Head, Criteria and Loads Group, Bell Aircraft Corporation. 

Contributed by the Aviation Division and presented at the Avia- 
tion Division Conference, Los Angeles, Calif., March 14-16, 1956, 
of Tae American Society oF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, 
January 18, 1956. Paper No. 5— AV-14. 
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Our objective, therefore, is to assemble a practical structural 
design philosophy. We believe that a criteria framework is the 
fundamental thing we can provide to help solve the heated air- 
craft-criteria problem, and that future specifications should be 
concerned with this to supplement the specific numbers and 
detailed conditions applicable to ‘‘normal temperature’’ aircraft. 
With such a framework the designer can’ proceed, and with the 
aid of his customer establish realistic particular strength-level 
numbers applicable to a new aircraft design. 


Wauat Are CRITERIA? 


When we think of structural criteria it is necessary for us to 
consider: Safety factors, limit operating conditions, aircraft 
life, design material allowables (or working stresses), stress 
analysis, qualification tests (laboratory and flight), and in- 
spection tests (see Fig. 1). Taken all together these items are 
the things we consider prior to establishing “strength level’ 
for a particular application. Variation in the magnitude or 
scope of any of these can affect materially the strength level 
that might be considered adequate for a job; or conversely, 
doubt about one of the foregoing elements will stimulate addition 
of conservatism to one of the others. So, for example, compre- 
hensive structural testing permits de-emphasis of stress analysis; 
reduction of analytical or test investigations stimulates use of 
increased safety factor; or, if conservative limit loads are used, 
less conservative stress analysis is permissible. In selecting 
criteria for a given task, the engineer’s objective is to achieve 
a desired degree of safety and at the same time keep the ratio of 
performance versus over-all costs as high as possible. 

It is therefore impossible when speaking of structural criteria— 
or any of its elements— to consider one part exclusive of the 
whole. If, however, a general criteria framework such as MIL- 
8-5700 (1)* is defined and accepted, and a new load parameter 
appears (like Mach number did some years back), the new item 
can be interjected without appreciable re-evaluation of the whole. 
But this is not true for aerodynamic heating, for it has drastic 
and interrelated effect on: (a) Limit-condition combinations; 
(b) aircraft life; (c) reliability of stress analysis; (d) material 
allowables; and (e) capability to qualification test realistically. 
It therefore is necessary at this point to re-evaluate the entire 
criteria framework. 

There are two fundamental approaches to the general problem 
of formulating structural criteria, both of which use safety 
factors. We can name them by their key features as follows: 
(a) The working-stress design concept (used in mechanical and 
civil engineering); and (b) the limit-load design concept (used 
in aeronautical engineering). In order better to understand 
structural criteria and how safety factors are variously used, a 
brief review of the two methods follows. 

Working-Stress Approach. This type of strength criteria 
usually emphasizes endurance (essentially unlimited life) and 
conservatism. Safety factors are used to assure adequate cov- 
erage of all conceivable transient loads, fabrication uncertainties, 
and even misuse of the final product. The strength allowables 
are based primarily upon endurance-limit strength of materials. 


2? Numbers in parentheses refer to the Bibliography at the end of 
the paper. 
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A classic paper which delineates this criteria approach was pre- 
pared by Soderberg in 1929 (2). In it he defines the relationship 
of working stresses and safety or “ignorance’’ factors required to 
assure adequate strength. 

Limit-Load Approach. In this type of criteria a great deal of 
credence is placed upon relatively exact knowledge of maximum 
static and dynamic loading conditions to be experienced, material 
allowables for both yield and ultimate, and degree of uniformity 
of fabrication practices. The importance of safety factor is far 
less in this approach than in the working-stress system. This 
‘method is used universally in aircraft design, where weight is of 
‘paramount importance and fatigue life has been a somewhat 
secondary consideration. A large family of maximum (or 
‘imk) operating-condition combinations is selected and struc- 
tural elements are designed for yield at precisely these limit 
loads, or failure at an arbitrary 1.5 times limit loads.* Every 
effort is exerted to rationalize and calculate precisely the limit 
loads, and likewise the material allowables are closely deter- 
mined by inspection and test to obtain ‘“‘guaranteed’’ values. 
Stress analysis is performed carefully and static.and dynamic 
laboratory tests are performed to corroborate the analyses. 
Furthermore, the limit operating conditions are usually simu- 
lated in closely controlled flight and ground tests to verify loads 
analysis as well as stress analysis. The arbitrary 1.5 ultimate 


factor of safety serves to some extent both as a safety or ig- 
-norance factor; it also helps make often-repeated loads fall be- 


low the endurance limit of the “materials. In modern high- 
performance aircraft, the occurrence of small amounts of yield 
can sometimes cause catastrophic failure; furthermore, with 
improved rational analysis and test for structural fatigue, it has 
been seriously questioned that the 1.5 ultimate factor of safety 
serves a useful purpose even relative to fatigue. This, as well as 
associated items in the limit-load design approach, is thoroughly 
covered in Mangurian’s paper on this subject (3). 

It cannot be overemphasized that the selection of design operat- 
ing conditions by either method is, to an appreciable extent, 


quite arbitrary and based only upon general experience and 
- opinion, Even after a maneuver load factor is selected ‘‘on the 
basis of past needs’’ for design of an airplane, our criteria in- 


variably assumes: (a4) Maximum design gusts do not occur at 
the same time as maximum maneuvers; (b) maximum un- 
symmetrical loads do not occur with maximum maneuvers; (c) 
maximum design-gust velocity does not occur at maximum dive 
speed; (d) maximum landing sinking speed does not occur at 
overload-landing gross weights; and many others. The possi- 
bility that some or nearly all of these occur in combination none- 
theless exists, but an uncalculated risk is taken in view of the 
very low probabilities involved. There is a tacit understanding 
among criteria engineers which amounts to a corollary: 

Sustained operating conditions may have superimposed upon 
them maximum-erpected severity conditions, but two or more dis- 
tinct types of maximum severity conditions are not considered to be 
combined except in unusual design situations where such occur- 
rences are reasonably probable. 

Also, in aircraft systems wherein malfunctions of various types 
are known to occur, we often design for essentially normal opera- 
tion to occur after such a malfunction occurs. But here again, 
in the interests of achieving less penalty to performance, the 
following is accepted practice: 

In general, design for satisfactory operation after a double mal- 


3 Design for yield strength at limit load is specified by the U.S. Air 
Force and the CAA, with design for ultimate strength at 1.5 times 
limit. The U.S. Navy specifies design for yield at 1.15 times limit 
and the same value, 1.5 times limit, for design for ultimate strength. 
In all cases both the yield and the ultimate must be investigated, and 
the critical one is used to design each structural element. 


function occurs is not required; however, in major systems or com- 
ponents, design features to prevent catastrophic failure as a result 
of double malfunctions are desirable. 

Fortunately for us at this time, the precedents and assumptions 
which have proved satisfactory in actual airplane operations are 
summarized, tabulated, and delineated in specifications such as 
MIL-S-5700 (1), MIL-A-8629 (4), and CAR-04 (5) for conven- 
tional aircraft. Deviations from these, for variations which are 
desirable in particular designs, are the subject of considerable 
criteria discussions between interested parties—but these devia- 
tions still are usually embodied in the basic framework of the 
afore-mentioned specifications. 


INFLUENCE OF THERMAL ASPECTS ON STRUCTURAL CRITERIA 


Most of the criteria presently used in design of present normal- 
temperature (up to 250 F) aircraft is quite applicable in design 
of aircraft subjected to aerodynamic heating. There must be 
superimposed upon these the assumptions and ground rules for 
introducing the new parameters associated with the heating. 
The material allowable, stress analysis, and hardware-design 
problems are defined in other studies, such as that performed at 
Bell Aircraft and published as WADC TR-55-305 (6), and will 
not be repeated here. However, the nature and severity of these 
problems do affect the design criteria, and therefore these, along 
with the other significant characteristics of flight involving ele- 
vated temperatures, are now reviewed briefly from a criteria 
standpoint. 

In the flight plans for any particular aircraft, the severity of the 
thermal condition is primarily defined by maximum temperature 
experienced, time-rate-of-change of temperature of structures, 
and time duration at temperature. If the maximum tempera- 
ture does not exceed about 150 to 250 F, most structural ma- 
terials can be treated as if there were no thermal condition in so far 
as material allowables are concerned; furthermore, if the rate of 
heating is gradual, no major thermal-stress problem exists. 
On the other hand, if the maximum temperature and/or the 
thermal gradient becomes excessive, we must consider the design 
of such heated structures in a different light from a normal tem- 
perature structure. Also, while repeated loads at room tempera- 
ture are of somewhat secondary concern, both repeated and 
steady loads at elevated temperatures directly affect usable life 
because of the aggravated aspects of creep. Careful examination 
of each of the many characteristics affected by elevated tem- 
peratures indicates that the criteria required prior to attempting 
their analysis are those needed to define the three items just 
described. 

As soon as it is evident that the new parameters of temperature, 
thermal gradient, and time duration at temperature enter into 
the design picture, a reorientation of thinking immediately takes 
place. Heretofore in preliminary design, structural weight was 
kept to a minimum by obtaining a realistic balance between (a) 
maneuvering requirements, (b) limit speeds, and (c) maneuver- 
condition combinations. We must now add (d) maximum 
temperatures, (e) maximum temperature gradients and (f) creep 
life (see Fig. 2). Whereas before we could consider the effects 
on weight of variations of the three elements simply by standard 
stress calculations (P/A, Mc/I, etc.), now the additional three 
elements require calculations for load and thermal stress, heat 
flow, insulation and/or cooling, and estimation of the effects of 
creep. The new elements may require design of systems for 
cooling to be balanced against structural and insulation weight. 
In extending the criteria to embrace the elevated-temperature 
operations the following items now must be defined: 

(a) Load and Temperature Combinations. To obtain efficient 
design, it is usually too costly in weight to assume arbitrarily 
that maximum loads and temperatures occur simultaneously. 
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Accordingly, a desirable balance between design maneuver. 
gust, and elevated-temperature conditions must be achieved 
based on flight-plan or operating restriction. 

(b) Thermal Gradient and Load Combinations. Since stresses 
arising from thermal gradients are of the same order of severity 
as stresses from load conditions, the load combinations used 
during transient temperature conditions should be evaluated in 
the same manner as is discussed in item (a). 

(c) Time at Elevated Temperature and Loads. Design life of 
a heated aircraft structure appears to be a governing design 
parameter. Accordingly, the definition of time duration of tem- 
perature-and-load combinations and number of repetitions re- 
quired is an essential part of the basic structural criteria. 

A fundamental consideration affecting criteria, but not related 
directly to the purely technical aspects of the aerodynamic heat- 
ing problem, is the pilot’s knowledge of the instantaneous ther- 
mal-strength condition during flight. We use accelerometers, 
airspeed and Mach meters, and fuel-quantity gages to assist the 
pilot in maintaining operations within the design limits. Con- 
versely, the criteria engineer utilizes these instruments as the 
cornerstones upon which to base definition of design conditions. 
When this is done, deficiencies in strength level can be trans- 
lated directly into operating restrictions of load factor, speed, 
and/or gross weight. Definition of heated-structure design 
criteria in terms of some instrument which the pilot can observe 
during flight would likewise make design parameters better 
understood and easily usable in setting forth operating instruc- 
tions. 

With the addition of the thermal parameters into the structural 
design job, large quantities of physical-characteristic and material 
allowable data must be determined and assembled into a giant- 
sized extension of ANC-5 (7). New methods of analysis need 
to be developed immediately. Methods of substantiating struc- 
tural airworthiness in laboratory and flight tests likewise must 
be explored, and new precedents in quality-control procedures 
must be evolved. While all these items enter into the establish- 
ment of strength level, this paper is concerned only with the 
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basic design criteria; i.e., the relationship of limit-condition 
combinations, aircraft life, safety factors, and material allowables 
(see Fig. 1). 


ELEVATED-TEMPERATURE DEsIGN CRITERIA 


(a) General. In the preceding discussions the nature of struc- 
tural criteria and the influences of superposition of thermal pa- 
rameters upon “normal’’ temperature criteria have been reviewed. 
We will now discuss the specific items which must be defined 
during the initial phase of design of heated aircraft structure, 
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factors; and (b) the values and relationship of the design- 
condition parameters shown in Fig. 2. It may be possible to 
establish safety factors which are generally applicable to all 
heated aircraft, but unfortunately, too great a variety of condi- 
tion-combination possibilities exist relative to item (b) to hope 
to establish specific criteria for all types. Eventually, however, 
our structural-design specifications should provide a framework 
and general rules for formulating criteria for two broad classes 
of aircraft; namely (a) those aircraft with a broad operating 
regime similar to present-day aircraft; and (b) vehicles with a 
closely restricted preprogrammed trajectory, in which the pilot 
(if one is aboard) has virtually no control during the critical re- 
gions of flight operations. 

(b) Factor-of-Safety Considerations. As indicated previously, 
the limit-load concept is the most rational method of proceeding 
with a structural design where weight is a vital parameter. 
With the vast increase in design-condition combinations associ- 
ated with heated aircraft structures, this fact becomes further 
emphasized. Unless careful rational analysis is made of each of 
the key elements of the thermal environment, the weight cost to 
achieve safe structures could easily become prohibitive, and even 
the proper placing of such weight to achieve a higher strength 
level would be uncertain. This is true to such an extent that 
even the use of our well-established—but arbitrary—ultimate 
factor of safety of 1.5 is questionable both in how to apply it, 
and in achieving an appreciable increase in safety. It is there- 
fore considered logical to design heated aircraft exclusively for 
satisfactory operation at limit thermal-and-load combination 
conditions established with essentially the same degree of con- 
servatism used presently in formulating limit-load conditions. 
On the other hand, thermal characteristics display large changes 
with small variations of conditions, and therefore it is particularly 
necessary to use conservatism in thermal calculations, associated 
assumptions, and in material allowables at elevated tempera- 
tures. So numerous are the possible variations in the assump- 
tions (because of the very nature of the physical properties in- 
volved), that the use of any one arbitrary factor of safety becomes 
essentially meaningless and might only serve to reduce the care 
exercised in conservatively choosing basic physical characteristics. 

In this connection it should be remembered that over and 
above the ultimate factor of safety a number of other factors 
are in current use for design of conventional aircraft. A margin 
is normally required between the limit design speed and the 
speed at which flutter or divergence occurs (usually taken as 1.15). 
Bearing, fitting, and casting factors are often employed by the 
designer in analysis of those structural elements. Stress-con- 
centration factors are also in common use. All of these are like- 
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wise important in designing elements for heated structures. 
In addition, however, other factors concerned with thermal 
phenomena will probably evolve for use in providing local design 
conservatisms in the affected structural elements. These may 
_ be used as individual parameter safety factors to cover inaccura- 
cies in boundary-layer temperature analyses, heat-transfer co- 
efficient, stress allowables at elevated temperatures, creep- 
allowable data, and thermal-stress analyses. If the 1.5 ultimate 
factor of safety is discarded as recommended, a new “buckling fac- 
tor’ of 1.25 times limit load is recommended as a safety factor 
for structural components designed for instability rather than 
yield failures. 

Should it be considered desirable to impose a general ignorance 
factor on heated aircraft design—with the attendant loss-of- 
performance penalty—it is considered more rational to provide 
this at the design yield level. The 1.15 yield factor of safety of 
MIL-A-8629 (4), by which all limit loads are increased to obtain 
the design yield load, might accordingly be desirable and not 
impose an unrealistically high penalty. Such a factor would 
have the rational design purpose of providing a theoretically 
true and usable buffer or safety region between an intended 
maximum operating condition and the design strength level. 
It would likewise provide a region wherein experimental flight 

testing to fully demonstrate placarded operating limits could 
trespass with at least analytical assurance of accomplishing safe 
flight. 

The foregoing discussion of safety factor is concerned only with 
the broad general aspects of this important element of structural 
criteria. Detailed, numerical-value consideration of safety 
factors to cover the individual parameters or analyses is beyond 
the scope of this paper. 

(c) Maximum Load-and-Temperature Combinations. The 
selection of combinations of load-and-temperature conditions 

must be based upon examination of one or more mission profiles 
or flight trajectories for the particular aircraft. It can perhaps 
be shown that the most severe temperature conditions occur 
relatively infrequently, and for such conditions a very moderate 
load factor can be assumed to be required. Just as with aircraft 
gust loads, which are assumed imposed only on 1 g level-flight 
conditions, it might be reasonable to require design for maximum 
_ temperatures at, say, only a 2 g “sustained’’ maneuver for a 7 g 
fighter. Since exposed surfaces experience elevated temperatures 
as a function of angle of attack as well as Mach number and 
other parameters, we might therefore calculate maximum tem- 
_ peratures at angles of attack corresponding to maneuvers of 
At these calculated maxi- 
-Inum temperatures we might impose the maximum limit air- 
_ loads, assuming this to be applied for an insignificant time as far 


as temperature is concerned (representing, for example, a short 


period gust-load application). 


for some specific permissible time. 
. 
 temperature-and-load combinations are defined, and at the same 


. A typical Mach number-altitude operating diagram might then 
_ as shown in Fig. 3. Here is presented a hypothetical 


design altitude and speed envelope for a 5 g airplane, and super- 
_ imposed upon it are analytically determined permissible g-lines 
based on a single maximum temperature developed at a critical 
area on the airplane as a result of the indicated h, M, and @ held 
By this means the design 


time the pilot is given an indication of sustained-maneuver 
operating limits induced by the elevated temperatures. 

In the case of vehicles which are operated over specific flight 
_ trajectories, a precise determination of critical load-and-tem- 
_ perature condition combinations is in order. For such aircraft 
the conventional V-g and M-h diagrams—which provide enve- 


Associated with these there must be 


= of operating regimes—must give way to time versus load 


factor (t-n) diagrams. 
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time histories of Mach number, altitude, GW, q, design gust 
load, programmed load factor, transient-correction load factor, 
and prime-structure temperatures. Such a diagram for a 
programmed hypothetical rocket is illustrated in Fig. 4. Here 
again we would assume the maximum gust load to be imposed 
in combination only with the programmed-trajectory maneuver; 
and likewise, the transient-correction load factor is imposed on 
ty 
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the programmed-trajectory maneuver with no gust acting. 
Both the gust and the transient-correction maneuver have 
negligible effect upon structural temperatures, and hence design 
temperatures are calculated for the programmed trajectory. To 
provide for further conservatism, two or more design tn and 
associated diagrams could be established, thereby again defining 
an envelope of operating regimes within which the flight tra- 
jectories for the vehicle might be established. 

(d) Thermal-Gradient and Load Combinations. To a great 
extent, the combinations of externally applied loads and thermal 
gradients in the structure are determined by the criteria defined 
in the preceding section. Type of structure, insulation, and/or 
cooling may partially or totally eliminate thermal gradients, 
and hence this parameter cannot be defined realistically until a 
proposed design is determined. On the other hand, it should be 
well understood that the precise maximum temperature condi- 
tions may not be the most critical particularly from a permissible- 
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deformation standpoint. Furthermore, arbitrary assumption of 
superposition of maximum thermal gradient upon maximum tem- 
perature in design of any element would almost always be an 
unduly severe conservatism, from a peak stress and minimum al- 
lowable standpoint. It therefore remains for the initial stages 
of a design analysis to determine appropriate thermal-gradient 
and load combinations, based upon temperature-time histories of 
representative flight plans. 
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In Fig. 5 is shown a typical design temperature-time history at 
one station on an aircraft. It is seen that the dashed line repre- 
sents the temperatures experienced in a representative flight tra- 
jectory, while the solid line represents the temperatures expected 
as a result of a 2 g maneuver held for some selected time, say, 10 
sec. By comparison of curves such as these, for adjacent struc- 
tural elements, the time of occurrence of maximum thermal 
gradients and the concurrent design load condition may be de- 
termined. If such a loading-and-thermal gradient condition 
becomes unrealistically severe, either from a load or deformation 
standpoint, permissible maneuvering load and/or speed criteria 
would then be scrutinized carefully during preliminary design 
phases for possible downward revision. These conditions not 
only affect thermal-stress analysis but also provide basic data for 
insulation and/or cooling analyses. 
(e) Elevated-Temperature Operating Life. Apart from the 
transient changes in temperature gradients and associated ther- 
mal stresses resulting from time at various temperature levels, 
the totals of such times have a direct effect upon material allowa- 
bles due to creep. If we consider a simple case, where a struc- 
tural element is loaded in the same manner every time elevated 
temperatures occur, it is evident that after some point the struc- 
ture is no longer serviceable because of the permanent sets ac- 
cumulated which disturb aerodynamic characteristics. For 
such a structure, therefore, we can establish (a) a temperature 
versus time-duration spectrum representing a typical flight; 
(b) average load experienced at each of the temperature and 
time values; (c) required number of such flights; and (d) per- 
missible total deformation which may occur in that structure. 
When all of the foregoing are known the element cross-section 
area can then be determined either for the limit load in the cold 
condition, or for the permissible accumulated creep deformation. 
Such a task as is outlined in the foregoing, when multiplied by 
the vast number of structural elements involved and complicated 
by stress concentrations and redundancies, becomes a virtually 
impossible task. Furthermore, most elements are not just sub- 
jected to one-direction loadings—load reversals enter into the 
picture. For example, the rudder-and-fin loads can be expected 
to occur equally to the — and “ the left. It accordingly 
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becomes evident that if possible some large—but conservative— 
simplification is mandatory at least for preliminary and initial- 
design-stage analyses. One such an approach is defined by the 
following criteria: 


1 The design life of the aircraft shall be X number of flights, 
during which Y number of total hours at maximum temperature 
and limit load at that temperature are experienced (the Y can 
be broken into two parts; namely, a sr:all number at maximum 
temperature, and a large number at a lower, sustained elevated 
temperature). 

2 For the maximum-severity temperature-and-load condi- 
tions, the design allowable shall be that which corresponds with 
Z per cent permanent set for the applicable load(s) and tem- 
perature(s) held for the time specified in item 1. 

3 Aeroelastic and deflection analyses, performed to demon- 
strate adequate rigidity, shall include both deformations due to 
thermal stresses and permanent creep deformations equivalent 
to those calculated to exist at the end of the design life specified 
in item 1 based on the criteria in item 2. 


It can be seen from the foregoing that varying degrees of con- 
servatism can be introduced in the selection of Y and Z. If Z is 
made 0.2 per cent, the creep criterion is as conservative as our 
present room-temperature yield criterion, and can be considered 
in a similar way. On the other hand it might be possible to 
show that Z can be 0.5 per cent for most designs without causing 
severe hardship; if so, the penalty introduced by “‘life’’ and 
“creep’’ is appreciably reduced. 

Qualifications to the foregoing rough-and-ready criteria can 
be made by “rational analysis’ where it is noted that the con- 
servatism and cost of such simplified criteria are too severe. 
On the other hand the obvious advantages of permitting a struc- 
tural design to proceed without total dependence upon a complex 
rigidity and deflection analysis are too great to be dismissed 
for the majority of cases. With the suggested criterion a stress 
analysis and structural design may proceed, as soon as the cri- 
teria have been assumed and the temperature levels calculated. 

It should be noted here that if the arbitrary ultimate factor 
of safety is not discarded, an appreciable obstacle to design exists 
owing to lack of allowable data. In order to follow conventional 


“practice in the application of the ultimate factor of safety, it 


would be necessary to obtain a new group of creep data. By 
rights, we would have to measure creep at various temperatures, 
per cent elongations, and times as before, but in addition at each 
of the combinations shown we would require a short-time load 
determination of ultimate strength. To eliminate this we might 
use directly the failing-load versus time curve, but this might be a 
very severe governing criterion. 


CoNCLUSIONS 


A structural design ‘‘philosophy”’ for heated aircraft structures 
has been outlined. It is our belief, however, that the greatest 
progress in this direction will be achieved concurrently with de- 
velopment of actual hardware designs, when contractual criteria 
requirements are crystallized into model specifications. Our 
conclusions at this time are summarized as follows: 


1 Structural criteria for aircraft consist of an interrelated 
framework of safety factors, limit-design conditions, aircraft-life 
assumptions, design-material allowables, qualification tests, and 
quality-inspection procedures. The assumptions utilized in the 
past for the first three of these are considerably affected by 
thermal conditions; for the last three, data and techniques 
change, but the criteria philosophy remains essentially the same. 
The present criteria problem, therefore, is to define new de- 
sign assumptions and relationships for entety factors, limit condi- 
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tions, and aircraft life which are necessary as a result of aerody- 


namic heating effects. 

2 The limit-condition basis for formulating structural criteria 
presently used in aircraft design is considered to be especially 
realistic and usable in elevated-temperature design. Limit 
conditions presently in use must be extended and altered to in- 
clude consideration of temperature and time parameters. The 
following axiom (which has been tacitly accepted for many years) 
must be applied in establishing detailed limit conditions for each 
new design: 

Sustained operating conditions may have superimposed upon 
them maximum-expected severity conditions, but two or more dis- 
tinct types of maximum-severity conditions are not considered to be 
combined except in unusual design situations where such occur- 
rences are reasonably probable. 

Representative limit-condition combinations are described in 
‘items (c) and (d) of the preceding section. 

_ 3 The “normal-temperature” structure ultimate factor of 
safety of 1.5 should be discarded, because the way to apply it 
and the additional safety it provides are both exceedingly dubi- 
ous. Conservatisms in each of the physical characteristics and 
design calculations must, on the other hand, be introduced in a 
complementary manner in the analyses, and substantiated in 
tests. This may be accomplished by use of individual parameter 
safety factors. If an over-all safety factor is desired, it is recom- 
mended that it be introduced at the yield level by making design 
yield load equal to 1.15 times the limit load (with all other param- 
eters held constant); such a factor provides a measurable and 
comprehensible safety margin above a limit operating condition. 

4 Thermal gradients dictate that transient variations must be 
considered in establishment of limit conditions of load and tem- 
perature; creep phenomena dictate that the specifying of a total 
aircraft life becomes mandatory, and that in turn is a governing 
parameter in determining elevated-temperature material allowa- 
bles used in calculating cross-sectional areas. Accordingly, 
normal-temperature load conditions are analyzed with normal- 
temperature yield allowables; elevated-temperature load con- 
ditions are analyzed with creep allowables based on a selected 
aircraft life at those loads and temperatures using an arbitrary 
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permissible creep-set. The conservatism of the selected creep- 
set must be verified analytically by a deflection-combined-with- 
deformation aeroelastic analysis. A sample creep criterion is 
presented in (e) of the preceding section. 

5 Limit-condition combinations for heated aircraft structural 
designs are many times more numerous than for normal-tem- 
perature structures. It is considered impractical to define 
specific condition combinations now that temperature and time 
parameters are superimposed upon the conventional load param- 
eters. Load-factor and associated criteria used presently in 
normal-temperature aircraft design continue to be applicable, 
however, and provide the basic source of loading conditions for 
synthesis of heated aircraft criteria. It is recommended that for 
heated aircraft a general criteria framework and fundamental 
principles such as are discussed in this paper be emphasized in 
future criteria specifications, rather than attempt to define 
specific load-and-temperature values, and condition combina- 
tions. 
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This paper deals with the safety-factor aspects of design 
rather than any discussion of design-criteria conditions. 


factor aspects, new problems caused by the advent of 
heated aircraft structures, and the ideas of Air Force engi- 
neers as to the procedure necessary to provide adequate 
safety reserves in the design of new high-speed aircraft. 
S aspects of structural design is necessary before we attempt 
to resolve special problems associated with heated aircraft 
structures, the author will discuss briefly the requirement aspects 
of our present-type aircraft as they influence the choice of factor 
of safety. 

This subject was ably discussed by Mr. Mangurian of Northrop, 
in a paper presented before the Institute of the Aeronautical 
Sciences in June, 1954, and by other members of the industry. 
Mr. Mangurian has presented a good historical account of the 
factor-of-safety concept and of its design implications. Since 
the Air Force is the purchaser of the equipment and naturally has 
ideas which differ from those of the producer, there are areas of 
disagreement. Let us briefly run through the major items of 
the factor-of-safety concept as we know them today. 

Table 1 presents in tabular form the points established by 


Mr. Mangurian in his discussion together with the author’s opinion 
of their present status. These points are chosen because they 


DIscussION OF PROBLEMS 


INCE a thorough understanding of certain fundamental 


TABLE 1 GENERAL DESIGN PROBLEMS 


Item 

for no yielding at limit load 
for defects in 
for variations in material. . 
for design uncertainties 

Aeroelastic 

Fatigue 

Flutter 

Dynamic effects 

Complexity 

Loading spectra 
Allowance for exceeding design maneuver limit 


Validity 


adequately cover the field and are not being discussed in any 
sense as a form of rebuttal. 

Yield to Ultimate Stress Ratio. In general, whatever influence 
the ratio of yield to ultimate stress had upon the original choice 
of factor of safety no longer should be considered. While there 
are definite indications that the usage of aluminum alloys will 
continue, and that a portion of this will be in the 248-T (user), die- 
forging, and casting materials, the trend is toward material with a 
higher yield to ultimate ratio. 


1This paper was prepared while the author was Chief, Design 
Criteria Section, Structures Branch, Aircraft Laboratory, WADC, 
Wright-Patterson Air Force Base, Ohio. 

2 Head, Operations Analysis Section, Advanced Development Divi- 
sion, AVCO Manufacturing Corporation. 

Contributed by the Aviation Division and presented at the Aviation 
Division Conference, Los Angeles, Calif., March 14-16, 1956, of Tue 
AMERICAN Society OF MECHANICAL ENGINEERS. 

Note: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, 
January 20, 1956. Paper No. 56—AV-18. 
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siderable trouble on one airplane recently, is an excellent example 


Factor Requirements 


By G. M. GOLDMAN,? STRATFORD, CONN. 


Workmanship. There has been considerable improvement over 
the years in the workmanship of production aircraft. While there 
still remain some occasional cases of bad workmanship, the 
probability of such faultsisratherlow. Yet, this can be truly said 
only in connection with the aluminum alloys and current aircraft 
steels. Can we safely assume that we will not have a repetition 
of this item as we go to new fabrication methods, new super- 
tough alloys, new bonded honeycomb material, or such new 
materials as titanium carbide or Inconel? It seems rather illogi- 
cal to think that we will never again have poor workmanship 
during periods of introduction of new materials or new fabrica- 
tion techniques. It is logical, however, to expect a smaller de- 
gree of trouble as our over-all production knowledge increases. 

Quality of Materials. Again, there has been a marked improve- 
ment in the quality of materials. However, new production re- 
quirements, extensive use of subcontractors, and use of new 
materials have created as many new problems as have been 
solved. We do not hesitate to use the B-values for material 
allowables from the ANC-5 Bulletin because of this improvement 
in materials. Yet, not so long ago, West Coast prime contractors 
were receiving 24S-T (user) parts from local heat-treating sources 
that were found to have portions below minimum. In certain 
cases, only 65 per cent of the parts checked met the minimum 
guaranteed strength values. The figure on B-values would have 
been even lower; however, this happens to be an area where B- 
values are not used. This condition eventually resulted in a 
reduction of the allowable strength values for the material be- 
cause of the inability to obtain proper processing equipment. 

As we broaden our production base, we find more areas wherein 
the present high aircraft standards are not met. The introduc- 
tion of new materials with coincident new processes of manufac- 

_ ture or fabrication also introduces areas for variation. Parts cut 
cross grain from extrusions were used on one airplane with no 
apparent reluctance; yet later on, when fatigue failures occurred, 
this procedure was discarded as being too dangerous. The 
titanium-hydrogen contamination problem, which caused con- 


_ of the problems with new materials. The condition was not due 
to any particular failure other than use of a new and relatively 
untried material. The existence of the 1.5 safety factor played a 
large part in the decision by Air Force structures personnel to 
allow the continued flight of the airplane in question with parts 
of doubtful strength. It is not believed to be at all safe or wise 
to assume that we do not need a factor to allow for variation in 
usable material properties. In fact, we may need an allowance 
greater than the present increment to permit the desired rapid 
excursions into flight regimes which will require new and untried 
materials. 

Design Requirements. There have been consistent efforts 
within the WADC in recent years to decrease the number of design 
requirements and to rationalize their severity. Perhaps the 
most important lesson derived therefrom is the realization of how 
little we really know of the design requirements for the future. 
We have learned that as we cut down on one requirement we must 
very carefully examine and perhaps even increase others. The 
over-all requirement of the past apparently worked well as long 
as it was wrapped up in one package, but as we single out one 
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particular area for refinement, we find that we have introduced 
new difficulties into other areas. Thus we must be very wary of 
saying that we have overcome certain design uncertainties and 
have the situation in hand. Actually, we have; but it is certain 
we will be faced with others just as important in the future. 

The author recalls one item several years ago when prominent 
industry engineers stated that the old 5-deg yaw condition at dive 
‘speed was much too severe, and would never be realized in the 
future. The author agreed with them but now finds we were all 
wrong for we have had cases of yaw far beyond the 5-deg value 
at speeds well above the old dive speeds. It is important to 
realize that it did happen, but even more so to acknowledge that 
it happened in spite of our decision that it never would. The fact 
that it was caused by some unforeseen stability phenomenon does 
not excuse us but rather should make us be more careful in the 
future. 

While we have conquered some of the problem areas listed, 
others have not been solved, and it is certain that still others 
will be added to the list in the future. Since the design of the 
airframe cannot wait until all of these design problems are re- 
solved, certain safety allowances must be made. 

Design-Limit Load Factor. The last item is important or not, 
depending on one’s field of endeavor. It is safe to say that there 
have been very few cases where transport or very heavy-type- 
bomber classes have consistently exceeded their design limits. 
It is likewise an established fact that trainers and fighters exceed 
the design limits quite frequently. Therefore either an allow- 
ance must be provided for this overshoot or the design-limit load 
factors must be established sufficiently high to prevent it. The 
author will limit further discussion on this lengthy subject to only 
a few brief remarks. 

Allowance. It is reasonable under the present design system 


that the amount of allowance should vary for different types of 


airplanes. Whether it should be a fixed load-factor increment or 
a percentage value is the point that must be determined. 

Limit-Design Concept. Under the present regime of training 
and operation of certain types of aircraft, any load-factor value 
picked as a design limit could be exceeded. It is conceivable, 
however, that with the proper training or with g limiting devices, 
a pilot could be taught to stay within a set value and thus the 
factor-of-safety increment could be reduced or eliminated. This 
chosen value would, of course, have to provide a fair margin 
above the mission requirements in order to allow for unexpected 
cases. The author has been working on such a concept which he 
calls the “‘limit-design concept.’’ To date, he finds the limit 
load-factor values required are so high that very few would accept 
them if they were ever published. This is, however, a fruitful 
area for further study. 

Design Maneuver Limit. The choice of design maneuver limit 
is a difficult one. It can be one value for a combat mission 
of one type; it must be a different value for a secondary mis- 
sion and must be still another for use in training activities. 
Until such time as conditions permit the use of an aircraft for 
only that case for which it was designed, there must be a 
margin for this variety of use. While we may not always agree 
with some of the uses assigned to a particular aircraft, the condi- 
tion does occur. As long as it occurs, regardless of the reasons, it 
must be considered. We, as the purchaser’s engineering staff, can- 
not hide our heads in the sand and say we will not design for it, 
for such attitude leads only to a high repair rate. Therefore 
certain types will require a sizable allowance for conductance of 
flight regimes which are often more severe than those for the 
primary design purpose. 

Allowance for Future Requirements. It is unfortunate that the 
tactics and armament people cannot predict in advance the 
way they will fight the next war and just exactly how their pro- 
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posed equipment will function. As a result, it is quite possible 
that certain special fighters may be overdesigned for the primary 
mission. While this is regrettable and may cause a design 
penalty, it certainly is not logical to expect the structural designer 
to reduce his strength to be equivalent to a fire-control system 
not yet in existence, and it would be of little value in the end, 
for our tactical people will find some configuration that will use 
up all the available strength in the airframe. Therefore it 
appears dangerous to set an arbitrary maneuver-limit value or 
to reduce a factor of safety when it goes against the grain of all 
accumulated statistics. 

Thus at present, an allowance for exceeding design maneuver 
limit must be provided. 


PROBLEMS OF THE Hor PLANE 


The foregoing items have been mentioned because they are of 
importance to the airplane design, whether it be a “‘cold’’ or “hot’’ 
airplane. To these must be added the specific problems which are 
engendered from the aerodynamic heating associated with high- 
speed flight. As they are introduced, the physical area in which 
they fall, and therefore the area requiring design allowance, will 
be outlined. After summation, an attempt will be made to 
derive one rational procedure which will provide adequately for 
all items. 

Under present cold conditions, it appears necessary to go to a 
load-time spectrum concept in order to cover both st«tic and re- 
peated load problems. For the future airplane, it appears neces- 
sary to stipulate a design criterion in terms of a three-dimensional 
concept, namely, the load-time-temperature spectrum. This 
immediately introduces at least three areas for design allowances; 
load factor for the operational aspect of loads, time for the dura- 
tion of load at temperature, and temperature itself for errors in 
speed or trajectory calculations. No one chosen allowance will 
cover all these phases adequately. There must be a strength 
reserve, time reserve, and heat reserve. 

This is an appropriate place to introduce a rather important 
matter for our next generation of airplanes. The answer to the 
item should logically come from the Air Force itself. Yet, to 
date, the matter has not been resolved satisfactorily. The point 
put simply is—do we use an insulated type of structure, an 
artificially cooled type, or a mass-heat-sink type? Undoubtedly, 
there is a good bit to be said for either type from the design 
standpoint. At the same time, the user’s practical standpoint 
must be considered. 

The insulated type of structure is intended to protect specifi- 
cally the load-carrying members from the heat. As such it 
restricts the structure to essentially one load level for a given 
weight. It may vary slightly with speed, but the capability re- 
mains essentially constant. The artificially cooled type, either 
evaporation cooling or mechanical refrigeration system, likewise 
is essentially a constant-strength-level airplane. 

On the other hand, the mass-sink-type structure represents a 
very flexible aircraft from a tactical standpoint, with an almost 
unlimited usage. It can become a low-factored bomber defense 
airplane at very high speeds, an air-superiority weapon at mod- 
erate speeds, or a high-factored fighter bomber at relatively low 
speeds. All this flexibility is achieved by the control of speed, 
hence control of temperature and hence control of load capability 
at a given constant weight. While the choice of design is quite 
important to the tactical user, it is doubly important to the 
structural designer, for it defines the problem areas facing him. 
The tolerances or design reserves would be considerably different 
in the three cases. Thus the choice of a particular type of 
structure will influence a portion of the “margin of safety’’ de- 
signed into the airplane. 

Structural Temperatures. Next on the list is the question of 
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the structural temperatures themselves. As usual, each designer 
has his particularly favorite way of calculating adiabatic wall 
temperature from the speed and boundary-layer conditions. Use 
of various recovery and heat-transfer factors influences the 
value of skin temperature. Further, much is to be learned about 
the effect of structural cold or hot spots on the boundary layer, 
molecular dissociation, and other similar items required for 
determining the heat transfer. Here again, the choice of an 
insulated or heat-sink-type structure affects the heat-transfer 
characteristics. So much is yet unknown about this general 
temperature problem that an allowance for mistakes or unknowns 
is a must. 

Heat conductance through continuous members, transfer to 
other members across joints or gaps, or radiation to internal mem- 
bers are the primary ways in which the heat corresponding to the 
structural temperature can be carried away from the skin contact 
surface. Predictions of conductance and radiation are probably 
quite well in line, although certain refinements undoubtedly will 
be required. We cannot say as much for heat transfer through 
joints where surface finish of the faying surface, anodizing, paint 
primer, trapped air, tank sealant, and even faying-surface pres- 
sures due to rivets or bolt installation can affect the results mate- 
rially. Therefore a finite allowance must be made for errors in 
heat transfer and thus temperature and temperature gradients 
within the members. 

The thermal stresses occurring in the structural members as 
a result of the temperature gradient in the member or the differ- 
ential expansions caused by the various heat levels of adjacent 
members cannot be calculated with the required accuracy at this 
time owing to the many unknowns facing resolution. The prime 
variable in this case is again the temperature since stress calcula- 
tions are probably more precise than the heat calculation. Some 
allowance must be made in this area until such time as our 
capability in the field of thermal analysis improves. 

Thermal and Flight Load Stresses. The combination of thermal 
stresses with flight load stresses presents a rather involved, al- 
though not necessarily difficult, problem. Phasing of the loads 
with the temperature will depend on the thermal lag of the 
system and the operational use of the aircraft. This will require 


a rather lengthy analysis of the potential flight profiles in order’ 


to determine all possible critical combinations. It is entirely 
possible that a particular member could be under a tension 
stress from flight conditions, while at the same time under a 
compression stress from thermal effects. Of course it would be 
unsound to apply a factor to a resultant stress. In fact, any 
value so derived conceivably could be less than the flight load 
stress at a speed where temperature effects were virtually non- 
existent. This indicates need for application of any required 
factor prior to combination of stresses and a knowledge of the 
conditions of combination. Again, the structure—be it heat, 
sink, or insulated type—will influence any factors chosen. 

Properties of Materials. The behavior of material properties 
as a function of exposure to temperature is a subject that has 
been and is being studied at great length. Although there is con- 
siderable knowledge on the subject, difficulty in its use can be 
foreseen. The data now published concern values for continuous 
heating and loading but also are considered applicable to inter- 
mittent heating when total time at temperature is the same. 
Actual aircraft use does not fit this classical case. The exposure 
of materials will consist of a total integration of many short-time 
exposures of various time, temperature, and load levels. There- 
fore considerable judgment must be used in deriving a finite value 
from combination of these variable conditions in order to enter 
the presently known property curves and select an allowable stress 
level. Since this judgment is made by a human, some toler- 
ance must be allowed. 
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Likewise, then, we become concerned over the prediction of 
creep effects of a composite structure, fatigue of materials at ele- 
vated temperatures, and such questions as: Does creep outmode 
fatigue and make it no longer of any concern in a heated design, or, 
does metal fatigue increase the creep rate? Any of the questions 
of this nature are dependent on variations in time, temperature, 
and stress. 

There are additional problems such as thermal buckling of 
plates and skin areas between supports. This is of considerable 
concern, for an acceptable level of thermal buckling must be 
determined. This is necessary from a consideration of the 
allowable stress and the aerodynamic performance loss due to 
drag increases. Some tolerance must be provided in this area. 


APPROACH TO SAFETY ALLOWANCE 


Up to this point we have discussed most, if not all, of the im- 
portant points of concern in the structural analysis. Table 2 
gives a summary of the items considered, and the design param- 
eters or variables involved in each case. The next step then is 
to determine a sound method of providing for the required safety 
allowance. It is not necessarily true that all of the items listed 


TABLE 2 DESIGN PROBLEMS INCLUDING TEMPERATURE 
EFFECTS 


Item Area for allowance 


No yielding at fimit load. . 


Defects in workmanship... .. 
Variation in material 
Design uncertainties: 


Fatigue 


Dynamic effects.......... 


Loadin, 
Exe esign maneuver limit 


Elevated-temperature aspects of.... 


oading spectra 


Defiections introducing loads 

Number of cycles or variation of 
load level 

Stiffness 

Deflections introducing 

Stress 

Load factor 

Load factor 

Time at temperature 

Temperature (errors in speed or 


trajectory) 
Type of heat sink or insulated 
Not definable—variable effects 
Structural heating calculations........ Temperature 
Heat conductance or transfer 
Temperature 
stresses from temperature 
gradients or thermal expansions.... . 
Combination of flight and thermal 
stresses 


Temperature 


Load factor 

Stress 
Time-stress-temperature 
Time-stress-tem perature 


will require an allowance contained in a safety factor as such. 
It is quite possible that certain of these areas can be covered by 
conservatism and design procedures in routine stress analysis. 
Since it is only logical to avoid use of an arbitrary safety factor 
wherever possible, considerable efforts must be made to filter out 
those items which can be covered adequately in analysis. 

This, in essence, brings us up to date. A procedure for pro- 
viding the necessary safety allowance has not yet been derived. 
However, advances have been made and considerable resolution 
of thoughts has occurred. A summary of the items in Table 2 
will show the following: 


Deflections (introducing loads) 
Stiffness (flutter) 
Load factor 


Regarding item 3 of the tabulation, there is already in existence 
in flutter and divergence requirements a safe margin of 1.15 on 
maximum speed. Therefore this item has not and will not in 
the future be contained in any values generated in structural 


criteria alate If other items are found to be covered by 
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other existing or planned requirements, they likewise will not 
be duplicated. 

It will be agreed that no one arbitrary selected value will cover 
properly the remaining cases and their possible critical combina- 
tions. Thus it can be said that the present system of factor-of- 
safety stipulation is inadequate for future aircraft. It appears 
then, that the only acceptable procedure is a return to the older 
method of applying margins to the individual items, with this 
margin carried through the calculations. The easiest way would 
be to choose an arbitrary value, say, X per cent, and apply it at 
the initial level of occurrence of the proper parameters. However 
this is not a step which can be taken without considerably more 
study since it is quite possible that these margins would compound 
to unrealistically high values. It is likewise necessary to deter- 
mine that the resulting design level is one which is within the 
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limit of usage of the aircraft that is physically possible, and not — 
one which represents an impossible flight condition or un- po 
achievable stress, flight duration, or deformation condition. 
Thus it will be necessary to determine the set of trial margins, 
follow them through a design problem and determine the degree 
to which they compound or conflict. This involves appreciable 
work not possible prior to the date of this presentation. 

At present we can decide only the type of safety procedure be- 
lieved necessary, but cannot yet assign values to its individual 
components. The Air Force earnestly solicits suggestions on this 
proposed procedure or on any others which may appear more 
appropriate. Until such procedure can be finally derived, how- 
ever, we must rely on our present procedure with whatever actual 
safety it provides. 
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In designing aircraft for high-speed flight, the structural 
designer is confronted by many factors which tend to in- 
crease the weight. As Prof. R. L. Bisplinghoff* points out, 
the static strength of the structure still appears to be 
the most important design requirement for high-speed, 
manned, fighter-type aircraft of the foreseeable future. In 
subsonic aircraft, the margin of static strength is meas- 
ured by comparing the stresses caused by maneuvering 
with the permissible stresses which the material can carry. 
In high-speed supersonic aircraft, the static strength 
must take into account not only the thermal stresses but 
also the degradation in the mechanical properties of the 
material which accompany elevated temperatures. This 
paper investigates the short-time static strength of the 
structure as it is subjected to the combined action of ma- 
neuvering loads and internal heat flow. 


NOMENCLATURE 


The following nomenclature is used in the paper: 


C, = specific-heat capacity, Btu/lb deg R 
h = heat-transfer coefficient, boundary layer to skin, 
Btu/sq ft-sec-deg R 
ho = initial value of heat-transfer coefficient, boundary 
layer to skin, Btu/sq ft-sec-deg R 
h, = contact joint heat-transfer coefficient, Btu/sq ft-sec- 
deg R 
k, = reduction in E at elevated temperature +a 
ke = reduction in Fy at elevated temperature pi E 
ks = reduction in Fy at elevated temperature 
ky = reduction in F., at elevated temperature > 
l, = effective joint-contact length, ft 
21, = length of skin, ft 
l, = length of web, ft 
t = time, sec 
= —* ¢ = nondimensional time 
i, be 
@}, We, @; = per cent increases in skin material ; 
4, Ws, We = per cent increases in web material on 
x = co-ordinate location along skin, ft 
g= Ss nondimensional co-ordinate location along skin 


1 Assistant Professor, Department of Aeronautical Engineering, 
Massachusetts Institute of Technology. Assoc. Mem. ASME. 

2 Research Engineer, Aeroelastic and Structures Research Labora- 
tory, Department of Aeronautical Ergineering, Massachusetts In- 
stitute of Technology. 

3 ‘Some Structural and Aeroelastic Considerations of High-Speed 
Flight,” by R. L. Bisplinghoff, the Nineteenth Wright Brothers 
Lecture, Journal of the Aeronautical Sciences, vol. 23, April, 1956, 
pp. 289-321. 
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tion Conference, Los Angeles, Calif., March 14-16, 1956, of Tux 
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co-ordinate location along web, ft 


MASS. 


= nondimensional co-ordinate location along 
web 


modulus of elasticity, psi 
compressive yield stress, psi 
ultimate shear stress, psi 
ultimate tensile stress, psi 
thermal conductivity, Btu/ft-sec-deg R 
)l, 
26,K, 
ambient or undisturbed free-stream temperature, 
deg R 
uniform initial temperature, deg R 
adiabatic wall temperature, deg R 
extreme value of 7.» during flight history, deg R 
skin temperature, deg R 
(7, — 7s) 
[( Taw )e — To) 
web temperature, deg R 
— 70) 


= a nondimensional parameter 


= nondimensional skin temperature 


T = (Tow) 1) = nondimensional web temperature 
aw), — fo 
wie T. w 
Q = a = complementary nondimensional 
aw/e~— 40 
adiabatic wall temperature 
h 
= = nondimensional heat-transfer coefficient 
ho 
a = coefficient of thermal expansion, in/in-deg F —_ 7 
A = increment 
6, = skin thickness, ft_ 
5, = web thickness, ft < 
hl) 
0 = (hdr = a nondimensional parameter 
= a nondimensional parameter 
K 
p = weight density, pef 
o = stress, psi 
ocr = buckling stress, psi 
o? = thermal stress, psi 
?, = eer — = complementary nondimensional 
aw), 40 
skin temperature 
= complementary nondimensional 
aw)e 40 
web temperature 
Subscript 7 
amb = ambient ‘ 
aw = temperature in flow at the adiabatic wall 
0 = initially, that is att = 0 


of the skin or skin material 
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of the web or web material 


= Some Structural Penalties Associated 
Thermal Flight 
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INTRODUCTION 


The structural design of aircraft takes on an added dimension 
when thermal flight is encountered. For the conventional (circa 
(1950-1955) aircraft, the strength of the structure is governed by 
‘the familiar V-n diagram. This diagram which has the benefit 
of many years of gradual evolution concisely defines the maneu- 
-vering loads which the aircraft will experience. The factors of 
‘safety which are now in usage are also closely related to the V-n 
diagram. With the advent of high-speed flight, the aircraft 
structure in addition to carrying the flight loads must also ab- 
sorb great quantities of thermal energy. 

It is apparent, therefore, that there need ta be formulated ad- 
ditional design conditions which will augment the present V-n 
diagram. Two questions which must be answered are: 


1 What types of flight missions will impose the most severe 
aerodynamic heating effects on the structure? 

2 How are these effects to be superimposed with the familiar 
maneuvering loads? 


From the customer’s point of view, it would appear that re- 
-strictions on the use of the aircraft for structural reasons would 
be difficult to accept. On the other hand, there is the problem 
of the additional weight required to sustain the thermal loads. 
The formulation of thermal-structural-design criteria, the use of 
the aircraft, and the choice of a safety factor all hinge on the 
weight of the airframe. 

The effects of the resulting increases in temperature encompass 
a field ranging from the well-known deterioration of the mechani- 
cal properties of the material to the less known phenomenon of 
‘creep. New modes of structural behavior can be expected. 

Thermal stresses are induced by temperature gradients as the 
heat energy generated in the boundary layer is transferred to the 
interior of the structure. The magnitude of the thermal stresses 

depends upon the severity of the temperature gradients. If the 
aircraft changes its speed and altitude so that changes in the 
‘boundary layer occur in a relatively gradual manner, then small 
thermal stresses can be expected. If the converse is true, then 
- large thermal stresses can be expected. Consequently, it is the 
transient nature of any given flight mission which accentuates 
the thermal effects on the static strength. The structural de- 
signer must therefore investigate those flight missions which are 
the most highly transient. Whether or not these are used as the 
basis for design depends upon the weight penalties which must 
be paid as measured against the decrease in flight-mission capa- 
bilities. 

Various flight missions of an extremely transient character 
have been formulated. The aircraft structure is represented by 
various box beams, and these have been flown, figuratively speak- 
ing, through the various missions. Approximations have been 
made to simplify the heat- -transfer equations. Aluminum 2024 


8-T, titanium Ti-150A, and Inconel X are the materials which 
are considered. Transient temperature and stress distributions 
have been obtained. With these data, the structural penalties 
which accompany thermal flight have been assessed. 

The additional problem in the design of an airplane which en- 
tails a tremendous amount of computation is the calculation of 
the temperature distribution. Even the simplest temperature- 
distribution problem results in equations which cannot generally 
be solved in closed form. Under such circumstances the use of 
numerical procedures is dictated. Without the aid of a high-speed 
digital computer, the solutions would require an almost prohibi- 
tive number of man-hours. The M.I.T. Whirlwind I digital 
computer has been used for the calculations in this paper. 


Tue Fiicut Mission 


The two main parameters which define the convective heat 
transfer to an airplane are the adiabatic wall temperature, 7's~, 
and the heat-transfer coefficient h. These are dependent upon 
the Mach number M, and altitude A, of the aircraft once certain 
assumptions are made.*® For a given Mach number, the adia- 
batic wall temperature and the heat-transfer coefficient increase 
with decreasing altitude. An airplane which is initially cruising 
at high altitudes will experience the most severe combination of 
adiabatic wall temperature and heat-transfer coefficient as it 
descends rapidly while at the same time it is increasing its Mach 
number. By trading altitude for speed the airplane is able to 
increase its forward speed at substantially higher acceleration 
than is possible in level flight. 

The dive from altitude will raise the surface temperature of 
the airplane very rapidly, relative to the internal structure. 
Thus, the skin will be subjected to thermal compression while 
the webs will be under thermal tension. A converse situation 
can exist. If an airplane has been cruising for a long period of 
time at a high Mach number and then very rapidly decelerates, 
the surface of the airplane will experience cooling. This induces 
tension stresses in the skin and compressive stresses in the webs. 
Decelerations in level flight, which are larger in magnitude than 
the forward accelerations, are possible with airplanes of the near 
future. 

Table 1 gives pertinent data for the flight missions which are 
considered. There are three dive missions and two level-flight 
deceleration missions. Mission C is a dive from 60,000 to 30,000 
ft in 30 sec with a change in Mach number from 1 to 3. Mission 
D is the same as Mission C except that the changes in altitude 
and acceleration occur in a period of 60 sec. Missions E and F 


‘ “Introduction to the Transfer of Heat and Mass,"’ by E. R. G. 
Eckert, McGraw-Hill Book Company, Inc., New York, N. Y., 1950. 

& “Convective Heat Transfer to Structures in Supersonic Flight,” 
by J. A. Quinville and J. D. Revell, Northrop Aircraft, Inc., Haw- 
thorne, Calif., 1954. 


TABULATION OF FLIGHT-HISTORY DATA 


A, altitude 


Flight variation, 
i ft 


mission 
60000-1000¢ 
30000 
60000-—500¢ 
30000 
30000 
30000 
30000 
30000 
60000—500¢ 


M, Mach number 


h, 
heat-transfer 
coefficient 
Btu per hr- 


Te, 
deg R-ft? deg F 


Ti, 
deg F 


variation 


are the deceleration cases which occur at 30,000 ft with the Mach 
number changing from 3 to 1 in 30 and 60 sec, respectively. 
Mission G is the same as D except that the final Mach number ea 2 
is 3.5. All of the flight missions are assumed to continue at the wilt i 7 
final Mach number and altitude for an indefinite period of time. ; ‘plfostans 
The airplane is also assumed to be initially at a uniform tempera- CONTACT JOINT 
ture corresponding to the initial adiabatic wall temperature. ae 
This means the airplane structure is initially in a thermally 
stress-free condition. 

The specification of the time history of adiabatic wall tempera- 
ture is given by the relation*® 
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MIDCHORD LINE 
ASSUMED AXIS OF SYMMETRY 


T 4 
Fie. 2 Typicat Wine Cross Section 
To =|1+r 
2 SKIN 8 
where \ 


r = recovery factor = 0.88 (assumed) 


= ratio of specific-heat capacities of air = = - 


(assumed constant) 
Tam) = ambient temperature corresponding to altitude A 


As can be seen in Table 1, the time-history of the heat-trans- ve. 2 Gece Soe 


fer coefficient is approximated by a straight line. The heat- 

transfer coefficient is a complicated function of many parameters. 

Once certain assumptions** have been made, charts such as those Aluminum I 
in reference 5 can be made. These reduce the heat-transfer co- 
efficient to a function of the altitude, the Mach number, and the 9 uminum [I.......... 
location of the transition point. In these studies, the transition Inconel IT 

point is assumed fixed, and the chordwise variation of the heat- —~ Nore: See Fig. 3. 
transfer coefficient has been neglected. Also it has been as- at 

sumed that the boundary layer is turbulent. With these assump- 


tions Fig. 1 shows the difference between the assumed linear varia- 
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Fic. 1 APPROXIMATION OF Time History or Heat-TRANSFER- 
COEFFICIENT VARIATION 


tion and the variation for Missions F and G based on reference 5. 
In view of the present state of knowledge, these assumptions ap- 
pear reasonable. However, further investigations probably will 
need to be conducted. 


Tue AIRPLANE STRUCTURE ae 


The wing structure of a high-speed aircraft will in general con- 
sist of many cells (Fig. 2). There will be both a structural and 
a thermal interaction between the cells. It will be necessary for 
the purposes of this study to neglect both types of interaction. J 
As far as the stress analyses are concerned, the structure can be By 
represented by a simple box, Fig. 3. The temperature calcula- ONE DIMENSIONAL THERMALLY 
tions are based on a T-section (see Fig. 4), which is composed of EQUIVALENT SYSTEM 
a piece of skin for the flange and a web for the stem. A contact Fic. 4 Scnematic REPRESENTATION OF THE SysTEM 


@ 


= 4 TRANSACTIONS OF THE ASME 
r 
» 
[RAL BOX 
: 3, in. b, in. és, in. dw, in. 
a 3.6 7.6 0.4 0.4 
2-75 5.75 0.25 0.25 
2.33 4.83 0.17 0.17 
3.6 7.8 0.40 0.2 
2.75 5.875 0.25 0.125 
, 2.33 4.915 0.17 0.085 
| 
v2 


section and each is assumed to be a known function of time. 


~ ents along the lengths of both skin and web are considered. 
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TABLE 3 T-SECTION MODEL DIMENSIONS, MATERIAL THERMAL 


P 


OF 
4 


Aluminum Alloy 
(2024- T3)Model ! 


| | 
130 


73 


Aluminum Alloy 
Model 


73 


| 


Titanium Alloy 
150A) Model I 


73 


Titanium Alloy 
(Ti - 150A) Mode! T 


73 


Inconel 


Mode! 


14 
73 


inconel X 
Mode! IL 


2.289 | 1.640 


14 
73 


* For typical values refer to ‘‘Thermal Resistance of Aircraft Structure Joints," by C. D. Coulbert and C. Liu, WADC TN 53-50, University of Cali- 


fornia, Berkeley, Calif., June, 1953. 


Ke = Kw = K; we = ww = «3 Coe = Cow = Cp 


resistance which has no heat capacity joins the web and skin. 
Thus, by neglecting the interaction, a cell can be isolated from 
the wing for purposes of stress analysis and a T can be isolated 
for temperature calculations. It should be noted that symmetry 
of the structure and of the heat input is assumed about both ver- 
tical and horizontal axes. In addition, the adiabatic wall tem- 
perature and the heat-transfer coefficient are assumed uniform 
~ over the flange of the T, i. e., over the skin area. 

Table 2 summarizes the pertinent dimensions which are re- 
quired for the stress calculations. Table 3 summarizes the per- 
tinent dimensions which are required for the temperature calcu- 

lations. 


Tue TRANSIENT-TEMPERATURE DISTRIBUTION 


Statement of the Problem. Heat enters the system shown in 
Fig. 4 by forced convection through the boundary layer along 
the surface of the skin exposed to the external flow. The heat- 


- transfer coefficient h and the adiabatic wall temperature T's. 


are both considered uniform over the exposed surface of the T- 
In- 
ternal heat transfer is assumed to occur solely by conduction 
through the structural material. The contact joint connecting 
_ the skin and web presents an impedance to the flow of heat. This 
. impedance is approximately accounted for by the use of a joint 

heat-transfer coefficient h,, valid over an effective joint contact 


length, |. The skin and web are both assumed thin in the 
_ thermal sense and hence the conductive heat flow is essentially 
one-dimensional. 


; In other words, the temperature gradients in 
the thickness direction are neglected while the temperature gradi- 
The 


_ initial temperature distribution in the T-section is assumed uni- 


form, and the variation in thermal properties with temperature 


of the skin, web, and contact joint are neglected. 


The foregoing assumptions permit the following mathematical 


formulation for the system shown in Fig. 4. The heat-balance 
- equation for any point along the skin is 


The initial condition is 


T, = T, = To whent = 0 vikwaeneieee 


The boundary conditions at the insulated ends can be'expressed 
as follows: 


When z = I, 


When y = l, 


The boundary conditions at the contact joint, based on the as- 
sumption that the heat capacity of the joint can be neglected 


are as follows. 


Whenz = y = 0 


25K, 


When z =y=0 
oT, 


—6K,— = hl(T, — T.) 
oy 


Note that the foregoing formu- 
lation of the transient-tempera- 
ture-distribution problem for a 
T-section, which is one half of a 
doubly symmetric I-section, is 
applicable to an angle section 
which is one half of a symmet- 
rical channel section (see Fig. 5), 
or to an angle section which is 
one quarter of a doubly sym- 
metric rectangular box section 
(see Fig. 6), provided Equation 
[7] is replaced by Equation [7a]. 

When z = y = 0 


an 


Fic. 5 CHANNEL SECTION 


ee PROPERTIES, AND NONDIMENSIONAL PARAMETERS 
etu | ft? | atu BTU af 
i | 
| 7 | 1.08 | 0.40 1-628 | 129.3 | 4. 
73 | 2.06 jo20s| | 3.7 | 1.08 | 0. | 
9 |o243 oe 2.0 | 0.28 2.25 | 130 21.70 80 | 
io 5 
oT oT 
q 
or 
oT, 
dy 
¥ 
| 
Ms 
or 
— T —~ = —......-. [2 
= he heat-balance equation for any point along the web is a | 


i ns 


Fie. 6 RecTancuLar-Box Section 


Nondimensional Formulation. It is advantageous to nondi- 
mensionalize the formulation of the problem so as to reduce the 
number of parameters to a minimum. This will increase the 
usefulness of the numerical results obtained. 


Let (Taw), = extreme value of 7'.~ during the flight history 
(Taw). = (Taw)max for accelerations 
(Taw). = (Taw)min for decelerations 


= 


(Taw). — To] 


Sens the variation of 7'4¥ with time and the initially uniform tem- 
perature 7 are given, it is evident that for any particular case 


Q(2) is known. 

Let Ao = heat-transfer coefficient at 7 = oa 
Similarly it is evident that for any particular case Y(7) is known 
and is the nondimensional heat-transfer coefficient. 

The problem defined by Equations [2] through [8] can be ex- 
pressed in nondimensional form by introducing the nondimen- 
sional variables @¢,, ,,, , and 2; the nondimensional parameters 


8, P, 0, and A; and the nondimensionalized flight-history data 
represented by Q(2) and y(2) 


and 
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When 7 = 1 


When = 7 = 0 


When 


The formulation given by Equations [11] through [17] is ap- 
plicable to a T-section. For an angle section which is either one 
half of a symmetrical channel section or one quarter of a doubly 
symmetrical rectangular box section, the formulation given by 
Equations [11] through [17] is applicable provided Equation 
{16] is replaced by Equation [16a] (see Figs. 5 and 6). 

When ¢ = 7 = 0 


PG, — 


‘ 
where P' = — 


hdd, 
6,K 


Geometric Scaling Conditions. Assuming a solution of the non- 
dimensional system has been obtained for a specific structure 
with skin material A and web material B subjected to a pre- 
scribed flight history, it is of interest to consider under what con- 
ditions this same nondimensional solution of the thermal problem 
would be valid for a structure with skin material C and web ma- 
terial D subjected to the same prescribed flight history. Since 
(7) and ¥(#) are to remain unchanged, it is required that 


where the superscript A refers to the skin material A of struc- 
ture I and the superscript C refers to the skin material C of 
structure II (see Fig. 7). Now if the diffusivities of materials A 


x, 


. [17a] 


SKIN OF MATERIAL A SKIN OF MATERIAL C 


SrrRvucTURES OF DirrERENT MATERIALS 


STRUCTURE I STRUCTURE 2 


Fic. 7 


and C are related by a constant C; 


then Equation [17a] yields the following geometric condition 
LO = VC, 


Similarly, since the parameters 8, P, \, and @ are to remain un- 
changed it is required that 
holt, 
25,K, (a) 


K,©6,© 


ho[l,© }? 


(hl, 
~ 1K,© 


j 
| = 5 = 0 
6,K,— =Ah,(T, 7 
oz 
he Let 
= 
an 
| 


[ly 


JULY, 1957 


x,” (B) 


(Al, OL, (B) _ (hd, (D) 


6K K MK, (D) 


where the superscript A refers to the skin material A of structure 
I, the superscript B refers to the web material B of structure I, 
the superscript C refers to the skin material C of structure II, the 
superscript D refers to the web material D of structure II, 
the superscript I refers to structure I, and the superscript IT refers 
to structure IT (see Fig. 7). 

Assuming the following relations between the material proper- 
ties of structures I and IT 


Equations [20] through [23] yield the geometric conditiohs stated 
by Equations [25] through [28] 


= Cx“ 

| 
K© 
K® =C,K® | 


6.© —— § (A) 
s C, 


3 
= VC, 
LO = SC... 


For the special case where the skin and web of structure I are 
both of material A, and the skin and web of structure IT are both 
of material C the geometric conditions given by Equations [19], 
[25], [26], [27], and [28] still apply if C, is replaced by C,, C, is 
replaced by C;, B is replaced by A, and D is replaced by C. 

Structures of different materials subjected to the same flight 
history which satisfy the geometric conditions stated by Equa- 
tions [19], [25], [26], [27], and [28] have the same nondimensional 
temperature-distribution solution. 

Finite-Difference Formulation. Numerical solutions of the 
nondimensionalized problem defined by Equations [11] through 
[17] are obtained by employing a finite-difference formulation in 
conjunction with a digital computer. The skin is divided into n 
elements of nondimensional length 


1 


and the web is divided into m elements of nondimensional length 


= 
= 


as shown in Fig. 4, wheren = m = 15. If the second difference 
approximation is used for the first derivatives 


2%. 
= —— and ay ) 


atz = y = 0, and the first difference approximation is used else- 
where, the uncoupled finite-difference formulation of the problem 
_ defined by Equation [11] through [17] is readily obtained. 


(26) 


Tue THERMAL-StREss DistTRIBUTION 

The thermal stresses are determined as if the wing were in- 
finitely long and of constant cross section. Based on this as- 
sumption, the thermal stresses in the beam can be considered as 
the superposition of three effects: 


1 Astress of magnitude EaAT 

2 Astress due to an axial load of magnitude f”Ea(AT)dA 

3 A stress due to a bending moment of magnitude 

S Eo(AT)ZdA 

where a@ is the coefficient of thermal expansion and AT is the tem- 
perature change with respect to the initially uniform temperature 
To. It is evident that the symmetry of the heat input and the 
structure result in a symmetrical temperature response which — 
eliminates the bending-moment term in the thermal-stress ex-— 
pression and hence there remains 


JS Eo(AT)dA 
SdA 


where Ea is assumed to be constant and the superscript 7’ identi- 
fies a thermal stress. 

Equation {29} can be particularized in the following way for 
application to the finite-difference-element system shown in Fig. 
4 (see also Fig. 3) 


= —EadT + 


= — Eal(Tw), — Tol —$;) + 


15 
F = Eal(T.w), — To] (1—¢,) + AA, 


15 


k=1 


+ - 


where 
a,” = thermal stress at jth skin-element location 
ao," = thermal stress at kth web-element location 
AA, = 6,Az = cross-sectional area of skin elements 
AA, = 6,Ay = cross-sectional area of web elements 
A, = total cross-sectional area of T-section 


A Whirlwind I digital computer program, which, given Ea, — 
AA,, AA,, [(Ts~), — Tc], Ay and l,?/x,, computes the eighteen 
pertinent times in seconds, the values of F/A,, o,7 atj = 15, and 
o,,7 at k = 15, for each of the eighteen times using the ¢-distribu- 
tions previously calculated and stored in the computer, is em- 
ployed in determining the thermal stresses. It is of interest to 
note that the ¢-distributions stored in the computer can be used 
to obtain thermal-stress solutions for sections of various materials 
provided the geometric conditions of Equations [19], [25], [26], 
[27], and [28] are satisfied. 


Tue StrucTURAL PENALTIES 


In undertaking the design of a high-speed airplane, the struc- — 
tural designer would like to have some knowledge of the addi- 
tional structural material which is necessary in order to permit 
the airplane to withstand the same maneuvering loads at high 
speed that it can at low speeds. If the airplane is to be restricted 
in its mission capabilities at higher speeds, then this is equiva- 
lent to letting the decrease in strength dictate the usage of air- 
craft. 

“Theory of Elasticity,” by S. Timoshenko and J. N. Goodier, 
McGraw-Hill Book Company, Inc., New York, N. Y., iti 
1951. 


F 
| ay = —— 


A measure of the margin of static strength can be obtained by 
comparing the total stress due to maneuver and temperature 
with the allowable stress at the elevated temperature. The air- 
craft-wing structure has been idealized to a one-cell monocoque 
beam (see section Airplane Structure). It will be assumed 
that the structural function of the skin is to carry the applied 
bending moments and that of the webs is to carry the shear. 
This concept of an airplane wing serves as a basis for the evalua- 
tions which are to follow. 

To determine the additional structural material which can be 
attributed directly to the absorption of thermal energy would in- 
volve a prohibitive amount of work if the usual design procedure 
were followed. An inverse process is used in the present study. 
It is assumed that the structures as represented by the box beams 
have been designed. These beams are then flown in the different 
flight missions and hence experience certain transient tempera- 
tures and thermal stresses. The combination of maneuver stress 
and thermal stress is not to exceed the allowable stress. Hence, 
the permissible stresses caused by maneuvering can be assigned 
the difference between the allowable stress and the thermal stress. 
This permissible maneuvering stress can be translated into a 
bending moment or shear flow. If the airplane is assumed to be 
in a subsonic environment, then the amount of structure neces- 
sary to carry this bending moment or shear flow can be calcu- 
lated on the basis of room-temperature properties. In this 
manner, the weight penalties can be estimated. 

Calculations such as described in the preceding paragraph have 
been performed for aluminum-alloy, titanium-alloy, and Inconel- 
alloy beams. As regards the skin, the allowable stress will be 


either the compressive yield stress or the plate-buckling stress. 
Buckling will be calculated from the formula 


6, \? 
= soon (*) 


* The bending moment which can be carried is given by 


M = (keF cy )(6,ab) 


where k, is the per cent reduction in the modulus of elasticity and 
kz is the per cent reduction in the compressive yield stress which 
accompanies high temperatures. Formulas [34] and [35] as- 
sume a state of uniform stress in the skin. 

The structural designer in choosing allowable stresses can base 
these on properties existing at room temperature, the maximum 
adiabatic wall temperature, or some intermediate temperature. 
If the design is based on room-temperature values, then the thick- 
ness of the skin which is necessary to carry the foregoing bending 
moment is given by 


Since the final design thickness is 6, the per cent increase in the 
amount of compressive material in order to keep the combined 
maneuver and thermal stress below the permissible elevated- 
temperature value is given by 


6 — 6, 


Qs - 
1 
Similarly, if the design is based on properties which are permis- 
sible at some intermediate temperature, the corresponding for- 


at 
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M 
ki(T )o crab 


where k2(7") and k,(7’) are chosen at the appropriate temperature. 

If the design is based on properties which are permissible at the 

maximum temperature which can be expected, the formulas be- 
M 


come 
kT )Fevab 


M 
T 


= {44 ] 


The webs of high-speed airplanes will experience normal 
stresses due to the temperature gradients. For flight missions 
which involve acceleration, the normal stress is tensile. The 
following interaction formula between shear and tension will be 


used - 


where g is the permissible shear flow due to maneuvering loads 
and ks and ky are the per cent reductions in tension ultimate and 
shear ultimate, respectively, which accompany elevated tempera- 
tures. 

The web thickness necessary to carry the shear flow at room- 
temperature-property values is given by 


The per cent increase in web thickness which is necessitated by 

thermal stress and elevated temperature is 


6 
Similarly, if the properties for design are based on an intermediate 
temperature, the required thickness is 
=. 


and the corresponding per cent increase in web thickness is ~ 


If the properties at the maximum expected temperature are 
used, then the formulas are 


5s 


9 
nulas are : 
2 M [39] 
: 
| 
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For flight missions which involve deceleration, the skins are 
in tension and the webs are in compression. Since the tension 
ultimate stress of the aircraft materials is higher than the com- 
pressive yield stress, there will be no weight penalties, in general, 
associated with the presence of tension thermal stresses in the 
skin. This assumes the wing structure to be symmetrical about 
the mid-chord. The webs, however, may need to be thicker. 
It is assumed that the interaction formula applicable to the webs 
has the following form 


1.5 

+ GE) 


ou 
where o.,7 is now a thermal compressive stress. With this 
change in the calculation of g, Formulas [46] through [51] can be 
used. 

Figs. 36 through 50 summarize the calculations made for the 
different beams. Since the thermal stresses and the tempera- 
tures are transient in nature, the per cent increases in thickness 
have been plotted against time. The curves can be interpreted 
as the structural penalty which accompanies thermal flight. In 
other words, the elevated temperatures and thermal stresses 
require an increase in structural weight as indicated. Again it 
should be noted that these results are obtained by an inversion 
of the usual design procedure which proceeds from loads to the 
final structure. In effect, these calculations proceed from 
the final structural design to the loads. 

The curves for w. and ws require some additional explanation 
These curves as defined are based on the property values at some 
intermediate temperature. Strictly speaking there are families 
of such curves. The two bounding curves for the w2 family are 
w, and w. For the ws family, the bounding curves are a, and ws. 
The w: and w; curves, which are actually plotted, base the ki, ke, 
and k, factors necessary for the calculation of 6: and 6; on the 
instantaneous temperatures. 

The mechanical properties which are used in the calculation 
of the structural penalties are summarized in Figs. 51, 52, and 53. 
Certain liberties have been taken in arriving at the ki, ke, k:, and 
ky variations with temperature. What is required are so-called 
short-time properties and these are not readily available. 

The thermal stresses 7,7 and a,’, which are used in the struc- 
tural evaluations, are the maximum which occur in the web and 
the skin, respectively. Also, the reductions in mechanical prop- 
erties are assessed at the maximum temperature which exists in 
the web or skin, respectively. These instantaneous maximum 
stresses and temperatures are the ones which have been plotted 
in the stress and temperature history curves. 

The calculations for the increase in skin and web thicknesses 
have been made only for the configuration in which the skin and 
web thicknesses are equal. As can be seen the difference in 
stress level between configurations I and II is not sufficiently 
large to alter the results significantly. 

It is evident that the webs of a multicell wing will require the 
largest increase in thickness in order to permit safe thermal 
flight. The low value of Za for titanium in conjunction with its 
high strength shows to advantage. On the other hand, the 
very high value of Za for Inconel X nullifies to a certain extent 
the high strength which Inconel X possesses at elevated tem- 
peratures. The large thermal diffusivity which aluminum pos- 
sesses minimizes the thermal stresses and enables it to compete 
reasonably well with the other two materials despite its inher- 


ently lower strength. 


 Daseussion or 

Figs. 8 through 14 present the temperature-time histories for 
the structural configuration in which the web and skin thicknesses 
are equal. Figs. 15 through 18 show similar results for the con- 
figuration in which the web is one half the thickness of the skin. 
The curves labeled skin 15 refer to a point midway between the 
webs, the points labeled skin 0 and web 0 are located at the web- 
skin junction, and web 15 is a point in the middle of the web. 
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The following observations are of interest: 


1 A comparison of Figs. 8 and 9 discloses that flight mission 
D which is more gradual than C does not change the tempera- 
ture response of the aluminum structure to a significant extent. 
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2 The discontinuity in temperature at the web-skin junction 
is due to the presence of the structural joint between the two. 
Note that the discontinuity is larger for the aluminum beam 
than for the Inconel X or titanium beams. This can be ascribed 
to the fact that a joint which is primarily a function of geometry 
rather than material will have relatively more effect on the better 
conducting material. 

3 The effect of thermal diffusivity is graphically illustrated 
by the existence of much larger temperature differences between 
points skin 15 and web 15 for the titanium and Inconel beams 
than for the aluminum beam. 

4 The deceleration-flight missions cause temperature dif- 
ferences which are of the same order of magnitude as that caused 
by the acceleration-flight missions; that is, a level-flight decelera- 
tion from Mach 3 to Mach 1 in 60 sec causes temperature differ- 
ences which are approximately the same as those caused by a dive 
mission which accelerates the aircraft from Mach 1 to Mach 3 
in 60 sec. 

5 The change in structural configuration from Case I to 
Case II does not change the temperature response substantially. 
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Figs. 19 through 35 present the stress-time history of the points 
for which temperature time histories are presented. These are 
elastic stresses caused by the existence of a temperature gradient 
in a very long beam of uniform cross section. An examination of 
the curves discloses the following points of interest: 


1 The stresses are mainly compressive in the skin and tensile 
in the web for the dive-flight missions, while the converse is true 
for the deceleration missions. Since the thermal stresses must 
form a self-equilibrating system, there is a marked peripheral 
variation in stress. 

2 Despite the fact that the temperature gradients are quite 
large, a low coefficient of thermal expansion keeps the thermal 
stresses at relatively low values in a titanium wing. 

3 The relatively large values of Young’s modulus and the 
thermal-expansion coefficient of Inconel X result in stresses which 
are very high relative to mechanical properties of the material. 
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4 The thermal stresses are not very sensitive to the difference 
in average acceleration. Thus, flight missions C and E which > 
are completed in 30 sec do not induce significantly different — 
stresses from missions D and F which are completed in 60 sec. 
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5 Configuration II, in which the web thickness is one half of 
the skin thickness, shows peak tensile stresses which are some- 
what higher than those shown for Configuration I in the dive 
missions. The peak compressive stresses (in the dive mission) 
are approximately one half as large for Configuration II as for 
Configuration I. 
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6 In the deceleration-flight missions the change in web thick- 
ness from Configuration I to Configuration II produces slightly 
larger peak compressive stresses but tensile stresses which are 
only approximately 50 per cent as large. 


Figs. 36 through 50 display the structural penalties associated 
with the various flight missions. Calculations have been made 
only for Configuration I. These curves show percentage in- 
crease in skin and web thicknesses plotted against time. Actu- 
ally the peak values are of the greatest interest, but the shapes of | 
the curves are also informative. 

A few general comments can be made: 


1 It is interesting to note that the curves for the aluminum 
beams in the dive missions are quite flat even though the stress- 
time curves were peaked rather sharply. This can be attributed 
to the decrease in material properties at the higher temperatures 
which occur time-wise after the peak thermal stresses. 

2 The penalties which are presented for the Inconel X beams 
indicate that Inconel X is not a desirable material for the range 
of Mach numbers considered. It also is seen that a structural 
design which will minimize thermal stresses will be more impor- 
tant for Inconel X than for either aluminum or titanium. 
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3 Titanium shows to advantage for the flight missions con- 
sidered. Since titanium has much better properties than alu- 
minum, it appears possible that flight in the range up to Mach 
3.5 can be achieved with a titanium airframe at about the same 
ratio of structural-to-gross weight which now exists for room- 
temperature aircraft. 

4 The shear-carrying elements, i.e., the webs, will necessitate 
the largest increases in thickness. 

5 A design for the web based upon material properties at the 
maximum adiabatic wall temperature may be overly conserva- 
tive since it may not be possible for the airplane to fly for a suf- 
ficiently long period of time to attain the maximum adiabatic 
wall temperatures in the web. 
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CONCLUSIONS 


In arriving at values for the structural penalties, peak thermal 
stresses have been superimposed with the peak maneuver- 
ing stresses. Actually, as has been pointed out, there is a signifi- 
cant stress gradient in the peripheral direction. The effect of 
this stress gradient on structural behavior is not too well under- 
stood and needs to be investigated both experimentally and ana- 
lytically. On the basis of the results which have been obtained, 
it does not appear unreasonable to add a dive-flight mission and 
a deceleration-flight mission to the present V-n diagram in such a 
manner that peak thermal and maneuvering effects will super- 
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hoon 3 Such a design requirement confronts the structural 


designer with a positive challenge; that is, the airframe should be 


designed with sufficient strength and efficiency so that } COMpro- 


mises in the use of the aircraft are unnecessary. — 
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Aircraft Structural Testing Techniques 


at Elevated Temperatures _ 


By R. C. BROUNS! anp R. B. BAIRD,? DAYTON, OHIO 


The object of this paper is to review some of the test- 
system requirements and problems associated with struc- 
tural testing of aircraft at elevated temperatures. A brief 
description of loading methods used for the past generation 
of aircraft is presented. The requirements of an elevated- 
temperature test facility are established on the basis of the 
need for simultaneous heating and loading of an aircraft 
structure. Heating devices such as heating blankets, strip 
heaters, film heaters, induction coils, radiant heating 
coils, and infrared lamps which are being investigated by 
the Wright Air Development Center are discussed in rela- 
tion to methods of attaching loads. Complications caused 
by simultaneous heating and loading are illustrated by a 
discussion of two structural tests performed at the Wright 
Air Development Center. A description is also given of an 
electronic computer developed to program the aerody- 
namic heating of a structure. 


INTRODUCTION 


HE development of supersonic aircraft and missiles has pre- 
[ sentea many complex problems to the designer and the 

structural test engineer. One of the most serious of these 
is aerodynamic heating. Flight and wind-tunnel tests have shown 
that the structure of a supersonic aircraft is heated to such an 
extent that both the thermal stresses and changes in material 
properties must be allowed for in design. 

The aircraft designer must account somehow for the various 
temperature distributions which can occur in flight. He is faced 
with a complicated and tedious task, for in spite of the abundance 
of information which is now available (1—-12),*a stress distribution 
due to nonuniformity of temperatures and material properties 
throughout the structure superimposed upon a stress distribution 
due to aerodynamic loads, presents a problem which defies solu- 
tion. 

Even for simple designs it must be agreed that there is no sub- 
stitute for proof testing the final article. Design complications 
introduced by aerodynamic heating make this an even greater 
requirement. One common technique in structural research is 
the use of models and similarity parameters. However, at- 
tempting to relate model test results with the full-scale article is 
certain to present difficulties in cases where both the aerody- 
namic loads and temperature distributions must be duplicated 
simultaneously. Although continued work in this field is neces- 
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sary, it alone will not be sufficient. Past experience has shown 
that the only reliable method of determining the structural in- 
tegrity of aircraft and the validity of design practices is through 
the performance of comprehensive ground static and dynamic tests 
on full-scale aircraft and components. Therefore, present-day 
structural test procedures will have to be modified to duplicate 
aerodynamic heating as well as aerodynamic loading. 

The need for developing static and dynamic testing techniques 
for use in the structural verification of supersonic and hypersonic 
aircraft was realized by the Air Research and Development Com- 
mand a number of years ago. As a result, in 1952, the Wright 
Air Development Center was directed to design, construct, and 
place into operation a pilot plant for elevated-temperature struc- 
tural testing research. The primary purpose of this pilot plant is 
to determine the various methods and techniques required to con- 
duct elevated-temperature structural tests on complete aircraft or 
components. In addition, the results of the pilot-plant program 
are being used to establish design criteria necessary for the de- 
velopment, construction, and operation of a larger facility capable 
of testing full-scale aircraft at elevated temperatures. 

This paper discusses some of the investigations which are being 
conducted by, or under the direct supervision of the Wright Air 
Development Center to provide methods and techniques for test- 
ing aircraft structures under simultaneous heat and load applica- 
tion. A practical type of approach is attempted because the end 
result must be hardware. Present testing techniques are reviewed 
briefly, the requirements of a loading and heating system are 
specified, and heating systems which are under development are 
discussed in relationship to satisfactory methods of attaching 
loads to the structure. Owing to space and time limitations, re- 
quirements for rapidly recording test data and controlling various 
load-versus-time programs will not be discussed. However, both 
rapid loading and controlling equipment and rapid temperature- 
recording equipment are being developed under Wright Air De- 
velopment Center sponsorship. A program to develop high-speed 
strain-recording equipment is being delayed pending the de- 
velopment of a satisfactory high-temperature strain gage. High- 
temperature strain-gage research is presently being performed by 
the National Bureau of Standards under joint U. 8. Navy and 
Wright Air Development Center sponsorship, 


Loapinc Merusops For Past GENERATION OF AIRCRAFT 


For the past generation of aircraft, the structural test engineer 
has been primarily concerned with duplicating the load distribu- 
tion occurring in flight or landing maneuvers. Consequently, he 
has had considerable latitude in selecting ways of jigging‘ the 
aircraft or aircraft components and in selecting methods of at- 
taching loads to the structure. 

Perhaps the oldest method of loading, used primarily for wing 
and tail sections, is that of lead or sand bags distributed on the 
structure to simulate both aerodynamic and inertia forces. A 
more common method developed at the Wright Air Development 
Center is the use of hydraulic struts attached to steel-backed 
sponge-rubber “tension patches’ which are cemented to the air- 


4In structural testing terminology, a jig is the array of steelwork re- 
quired to support the aircraft or parts of the aircraft for test pur- 
poses. 
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craft skin. Both of these loading methods are illustrated in Fig. 1. 
As an alternative to the tension-patch method, some aircraft in- 
dustries attach loads to wing spars, ribs, or heavy skin with metal 
fasteners such as eyebolts or specially designed adapters. Both of 
the latter two methods are satisfactory, and with suitable modifi- 
cations can be adapted to structural testing at elevated tempera- 
tures. 


Test-System REQUIREMENTS 


The structural test engineer of the future, when testing super- 
sonic aircraft, will be faced with a more serious problem than ap- 
plying the correct load distribution to an aircraft. He must find 
a suitable method of applying both the air loads and the heating 
effects which are simultaneously experienced in flight. The load- 
ing portion of the task seems relatively easy. The heating prob- 
lem is incomparably more complex, but solvable with sufficient 
ingenuity and equipment. In designing a combined system, the 
engineer soon realizes that neither the loading nor the heating 
can be considered an independent entity, but that each must be 
considered in relationship to the other. 

Knowing the general configuration and behavior of airplane 
structures, and keeping uppermost in mind that a reliable test 
program must provide for reasonable duplication in the laboratory 
of the loads and heating which occur in flight, some of the basic 
requirements of an elevated-temperature structural test facility 
can be listed. These are: 


(a) Any heating system used to simulate aerodynamic heating 
must be considered in conjunction with a method of load at- 


tachment to the aircraft structure. This requirement exists be- 
cause the heat and load must be applied to the same surfaces. 
In other words, a method must be found which will allow two ob- 
jects to occupy the same space at the same time. 

(b) The heating unit must either be flexible or articulated so 
that it will deflect with the aircraft structure. Aircraft structures 
experience deflections which may be exceedingly large. As an 
example, wing-tip deflections, from maximum up to maximum 
down, of 18 ft, were measured during the static test program on 
the B-47 airplane. 

(c) The heating and loading system must permit the duplica- 
tion of boundary conditions; i.e., air and inertia loads in the case 
of loads, and heat input to the airframe in the case of aerodynamic 
heating. Striving to duplicate a stress or thermal analysis serves 
no logical purpose in proof testing of aircraft. 

(d) The heating system must permit variations in heating- 
power density both in space and as a function of time. 

(e) The heating units must not noticeably affect the strength of 
the structure. 
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(f) The heating units must be light in weight so as not to offer 
a large inertia load during rapid load tests. 

(g) The system must provide for safety to personnel, ease of 
control, data recording, and reasonable cost. 


These are the major requirements. Others could be added for 
specialized test conditions. The remainder of this paper will be 
devoted to a discussion of a few of the investigations which are 
being conducted by the Air Force to meet these requirements — 
some of the results which have been realized. a a 


Tests Ustne Conpuction-HEAtTING METHODS 


Heat transfer by conduction requires that the two bodies ex- 
periencing a heat exchange be in intimate contact. Types of con- 
tact heaters which are being investigated by the Wright Air De- 
velopment Center for suitability in simulating aerodynamic heat- 
ing are heating blankets, strip heaters, and electrically conducting 
metallic or nonmetallic sprayed-on coatings. 

Heating Blankets. The most common type of heating blanket 
consists of an electric resistance wire embedded in a flexible, elec- 
trically nonconducting matrix such as rubber or plastic. An ex- 
perimental heating pad consisting of nichrome wire embedded in a 
15 X 36-in. layer of silicone rubber is being produced for the 
U. 8. Air Force by the Connecticut Hard Rubber Company. 

Target values are to produce a blanket '/,, in. thick, operating 
up to 220 volts, and capable of producing temperatures of 500 F 
in a heated specimen. Pads of various sizes will be tailored to fit 
the aircraft surface, and the electric power varied to each pad in- 
dependently to match the aerodynamic heating occurring in flight 
maneuvers. Power control for heating blankets, as well as for the 
other types of conduction heaters, should be possible using auto- 
matic computers and saturable reactor-control units of the type 
described later in this paper under the section on Computer Con- 
trol of Heating. 

One requirement for successful conduction heating is good con- 
tact between the heating blanket and the heated surface. Obvi- 
ously, any material between the heater coils and the heated sur- 
face will reduce the heating efficiency. A blanket with a minimum 
of thermal insulation on the side in contact with the surface being 
heated is essential. It is also desirable to hold the blanket in posi- 
tion with uniformly applied external pressure, instead of using a 
cement. In practical test work, however, this procedure creates 
a complicated design and fabrication problem because of inter- 
ference between pressure pads required to hold heating blankets 
against the aircraft surface and loading attachments required for 
tension application of aerodynamic loads. Loading a structure 
by pressure loading, that is, pushing on the structure, appears 
impractical for several reasons; i.e., danger of damaging the re- 
sistance wire in the heating blanket, danger of binding the hydrau- 
lic cylinders or failure of the loading struts under heavy column 
loads, and the possibility of movement in the point-of-load 
application. 

The Wright Air Development Center is investigating methods 
of bonding heating blankets to aircraft surfaces using various 
types of adhesives. The scheme for simultaneous heating and 
loading is shown in Fig. 2. Obviously, this scheme will require a 
heating blanket and adhesives of considerable strength. A sys- 
tem capable of supporting 50 psi for 25 hr at 500 F has been es- 
tablished as the objective. 

Thus far, efforts to obtain a successful bond between electric 
heating blankets and aircraft surfaces have not been too success- 
ful. The principal difficulty with many adhesives, and par- 
ticularly the epoxy resins, is that they will not adhere well to sili- 
cone rubber. Silicone adhesives require a lengthy curing cycle of 
approximately 45 hr with the blanket and adhesive under con- 
tinuous pressure while the temperature is raised in steps to a 
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maximum of about 480 F. Pressure application is a simple mat- 
ter, and is best obtained by evacuating the air from a sealed sili- 
cone-rubber sheet covering the heating blanket. On the other 
hand, producing the temperatures required for curing silicone ad- 
hesive is difficult for large structures such as wings which will not 
fit into ordinary ovens. Perhaps the only solution is to use the 
electric heating blanket to supply the local temperatures required 
for curing the adhesive, and heating the opposite airfoil surface or 
adjacent areas by other means to avoid buckling of the structure 
by large thermal stresses. Radiant heating lamps have been 
used successfully for this purpose. 

A serious problem in curing silicone adhesives, using heat from 
the heating blanket, is the formation of trapped gas bubbles dur- 
ing curing. This causes local hot spots and charring of the rubber 
blanket. Perforating the rubber blanket may solve this problem. 
Poor curing of silicone adhesive has been experienced in many 
cases, but eventually this may be overcome by modified curing 
cycles or better heat control. Tests have shown that good bonds 
between aluminum and silicone rubber can be obtained by curing 
the silicone adhesive in a controlled oven, For example, samples 
have supported 50 psi at 400 F for 30 hr. 

Power densities obtained with silicone-rubber heating blankets, 
bonded to a structure with silicone-rubber adhesive, have been 
approximately 1 kw per sq ft with 90 per cent heating efficiency. 
Tests so far indicate that much larger power densities eventually 
will be possible with this type of blanket. The maximum tem- 
perature obtainable appears to be about 450 F, limited primarily 
by the strength of the silicone-rubber adhesive under a loading 
system of the type shown in Fig. 2. Heating blankets of this 
type will be limited to tests under steady-state conditions or 
transient-temperature conditions where the required heat-flow 
rate is low. 

The techniques required for successful use of conduction-heating 
pads to simulate aerodynamic heating are still largely unde- 
veloped, and will have to come primarily from experimental 
work. Investigations will be required into the effect of variations 
in pad and adhesive thickness upon heat-transfer rates, the 
effect of heating pads upon the strength of the structure, and 
changes in material properties of the structure under test due to 
the heat required for curing of adhesives. In addition to the dif- 
ficulties already mentioped, such as bonding and obtaining a com- 
patible load-attachment system, conduction-heating methods are 
plagued by the danger of electrical shorts to loading attachments 
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or to the aircraft structure, the difficulty of replacing or repairing 
bonded pads, and the fact that inspection of a structure covered 
with pads is impossible. 

Strip Heaters, For the purposes of this paper, a strip heater is 
distinguished from a heating blanket only in the sense that the 
heating element and electrical insulation of a strip heater do not 
form an integral unit. 

A type of strip heater built and tested by the University of 
Colorado (18) for the Air Force consists of a 1-mil-thick Kovar 
ribbon insulated by a 1-mil anodic film of aluminum oxide (Al,0;) 
formed on one face of a 3 to 5-mil-thick aluminum foil, Fig. 3. 
The anodic film faces the heater, while the other surface of the foil 
lies in contact with the surface to be heated. The back of the 
heater is insulated by several layers of fiberglas cloth. Good 
contact between the heater and the heated surface is maintained 
by rubber pads subjected to a pressure of 1 psi or more. 

A final evaluation of the Kovar strip heater has not been com- 
pleted, but results so far have been very promising. During tests 
at the University of Colorado on a small wing panel, a heater-input 
power of about 85 kw per sq ft was realized with 240 volts across 
each heater. The heating efficiency was found to be above 90 per 
cent. The high heating efficiency permits operation of this type 
of heater at maximum power input without the heater reaching 
the oxidation temperature of Kovar (about 800 F). The present 
state of the art is such that temperatures in excess of 600 F can be 
produced in a heated structure. 

Load application to an aircraft structure, employed simul- 
taneously with heating by the Kovar conduction heater, is a prob- 
lem which has not been investigated thoroughly. However, the 
loading difficulties discussed in connection with heating blankets 
apply to conduction-heating methods in general. The only im- 
mediately evident solution is to use a system of point loads with 
wires or cables passing through the Kovar heater and attached 
either directly to the aircraft skin or to internal members. Elec- 
trical insulation is certainly a problem which must be overcome. 
As mentioned earlier in this paper in connection with heating 
blankets, pressure (or compression) loading to simulate air loads 
does not appear desirable. If suitable procedures are developed 
to bond strip heaters to aircraft surfaces, an alternate loading sys- 
tem, using tension patches similar to those shown in Fig. 2 can be 
used. 

The investigation of heating and loading systems using strip 
heaters such as the Kovar type is by no means complete. Further 
efforts are being directed toward obtaining better electrical in- 
sulating materials so that both the operating voltages and maxi- 
mum obtainable temperatures can be raised. Other phases of the 
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investigation include development of sandwich-strip heaters and 
methods of attaching heaters to full-scale aircraft. 

Film-Type Heaters. Another conduction-heating scheme makes 
use of film-type heaters similar to those now being used ex- 
tensively for air-intake scoops, hydraulic lines, defrost units, and 
soon. Essentially, these heaters are formed by spraying the sur- 
face to be heated with an insulating material and then spraying on 
a series of electrical heating elements. One manufacturer of film 
heaters is Electrofilm Corporation, North Hollywood, Calif. 

Because the Air Force requirements for conduction heaters are 
considerably more severe than most present-day applications of 
film heaters, Electrofilm Corporation is conducting an investiga- 
tion for the Air Force, the ultimate objective being to produce a 
heater capable of operating at temperatures up to 500 F and 
capable of power inputs to a heated surface of 30 kw per sq ft. 
This power density is at least six times that available in most film 
heaters of today. In addition to other detailed requirements, the 
heating film and the bonding used to attach the film heater to the 
surface being heated must be capable of supporting a tensile load 
of 50 psi in a direction normal to the surface at 500 F for at least 
25 hr. Again the plan is to apply loading to the structure being 
tested by use of metal-backed silicone-rubber tension patches 
glued to the film heaters, similar to the method shown in Fig 2. 
Loading wires or cables passing through the film heaters and at- 
tached to the aircraft skin or to internal members also can be used 
for loading if electrical-insulation problems can be solved. 

No results on the film-heater study are available at the present 
time. 
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InpucTION-HEATING METHODS 


Although induction heating is in common use today, particu- 
larly in the steel industry, many technical problems must be 
solved before the basic principles involved will be wholly adapta- 
ble to elevated-temperature testing of full-scale aircraft. The 
discussion in this paper will be limited to methods by which induc- 
tion heating can be used in conjunction with loading systems to 
simulate the flight environment. Technical problems such as 
optimum design of work coils, mutual coupling between adjacent 
work coils and power leads, radio-frequency interference, de- 
velopment of power-control systems, and the like, are still under 
investigation for the Air Force by agencies such as the Univer- 
sity of Florida and the Polytechnic Institute of Brooklyn. Even 
the results obtained so far (13, 14) would fill several volumes the 
size of this paper. 

In simple terms, induction heating takes place by the following 
process: A changing magnetic field induces eddy currents within 
an electrically conducting material. The flow of current in a ma- 
terial with a finite resistance requires the expenditure of energy 
which appears in the form of heat. 

An essential element in the simulation of aerodynamic heating 
is that the heat must enter the surfaces which are normally ex- 
posed to air flow in flight. This requirement is easily met in con- 
duction and radiant heating. In the case of heating by induc- 
tion, where the heat is generated within the material, good simu- 
lation of aerodynamic heating can be produced only if this heat is 
generated in the outer layers of the aircraft skin. Fortunately, the 
depth of radio-frequency (R-F) penetration is inversely propor- 
tional to the square root of the frequency-conductivity product. 
Therefore, an appropriate frequency can be selected, assuming 
that the conductivity as a function of temperature is known for 
the material being heated, and a desirable depth of penetration is 
selected. A depth-of-penetration criterion selected by the Uni- 
versity of Florida for good simulation of aerodynamic heating is 
that a minimum of 80 per cent of the heating shall occur within 
1/,; the thickness of the surface being heated. Fig. 4 from ref- 
erence (13) was drawn using this criterion and the rules for pene- 
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tration of R-F fields. The minimum frequency selected, of course, 
must be satisfactory for the highest temperature produced in the 
heated material during a particular test. 

Because of the large flat surfaces involved in aircraft structures, 
wrap-around induction coils are impractical for entire surfaces, 
especially those which must be heated according to different pro- 
grams. Pancake coils consisting of wide flat conductors lying close 
to a structure to be heated appear to be the most practical. Two 
types tested by the University of Florida are shown in Fig. 5. 
These coils produce uniform power densities, can be designed to 
have efficiencies which approach the theoretical maximum, and 
will follow contours of a surface if correctly applied. Power densi- 
ties can be varied over the area covered by a pancake work coil 
by varying the width of conductors. However, in practice it 
undoubtedly will be more practical to cover a large surface with 
many individual coils, each encompassing a relatively small area, 
and possibly operating at different power levels. Experimental 
work at the University of Florida (13) indicates that power 
densities of the order of 200 kw per sq ft may be achieved with a 
proper combination of frequency and design of the air-cooled coils. 
Some of the limitations are the melting point of the coil material, 
heat-storage capacity and cooling rate of the work coil, and length 
of time of tests. 

Pancake work coils can be held in position against the surface 
being heated by sheets of insulation and silicone-rubber pressure 
pads. These pressure pads also can be used to apply the forces 
necessary to simulate aerodynamic loads on small-scale struc- 
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tures not subject to severe loads. However, as mentioned earlier 
in this paper, compression loading is not considered favorably for 
structures subject to large deflections or heavy loads. In a joint 
test program by the University of Florida and the Glenn L. Mar- 
tin Company on a small wing panel, the Glenn L. Martin Com- 
pany used a combination of compression loading with pressure 
pads and tension loading with ‘“‘bicycle-spoke’’ loading wires (13, 
15). In this case the loading wires were passed through the induc- 
tion heating coil and attached to compression pads and button 
heads on the inside of the airfoil. 

Experimental work to date on induction-heating methods has 
brought out at least two important points; i.e., that it is possible 
to develop an induction-heating system which can be used simul- 
taneously with loading to simulate high-temperature flight con- 
ditions, but that the developmental work required and the expense 
will be considerably greater than for either conduction or radiant 
heating. Induction heating offers the advantages of high heating 
power density and high temperatures, perhaps well over 1000 F, 
with low thermal inertia. 


RaDIANT-HEATING METHODS 


The discussion so far has shown that considerable experimental 
work is still required to develop heating and loading methods for 
aircraft structural testing using either conduction or induction- 
heating methods. Knowledge of radiant heating is far more ex- 
tensive and structural testing with radiant heating already has 
become a reality. 

A distinct advantage of radiant heating is that a very high 
source temperature is available with some types of radiant-heat- 
ing elements. Since the net radiant-heat flow between two bodies 


depends upon the difference of the fourth powers of the absolute — 
temperatures, it is apparent that high power densities may be ob- 
tained in a structure being heated by radiation. ee 


considerable research has been directed toward the application of © 


radiant-heating methods to structural testing of aircraft at ele- 
vated temperatures. This research has included investigations of 


such radiant-heating devices as open-coil windings of nickel-— 


chromium wire in parabolic reflectors and infrared lamps. Some 

of the more important aspects will be discussed. 
Nickel-Chromium Heating Elements. Various configurations of 

nickel-chromium heating elements have been investigated with a 


fair degree of success. By placing a 30-in-long nichrome V-helical 
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shield is impractical in most cases because it interferes with the 
loading mechanism. Numerous loading rods, cables, or wires must 
extend through the heater and be attached to the structure to ap- 
ply distributed loads. Where time of heating is of no importance, 
such as in a “soak’’ test or equilibrium-temperature condition, 
this type of heater may be used satisfactorily. The other disad- 
vantage is that the maximum temperature of nichrome heating 
elements is limited to about 2200 F ina normal atmosphere. This 
characteristic restricts their use to tests requiring relatively low 
heat-transfer rates. 

Infrared Lamps. The previous discussions have shown the 
desirability of obtaining a radiant-heating device with a low ther- 
mal inertia and a very high element temperature. Infrared heat- 
ing lamps meet these requirements. Their heat-up time is very 
short, and experiments have shown that most commercially avail- 
able lamps may be operated at more than 300 per cent over- 
load for short periods of time. The decrease in life caused by 
overloading is not considered a serious problem because severe 
transient heating conditions are of short duration. 

Because of their favorable characteristics, various types of 
commercially available lamps have been investigated by the 
Wright Air Development Center with the following results: 

1 250-watt infrared lamp. Ordinary 115-volt, 250-watt infra- 
red heating lamps, as illustrated in Fig. 7, have been operate: 
successfully at a power level of approximately 1000 watts. The 
main disadvantage is that they cannot be mounted close together 
because of their circular shape. This in turn, prevents the at- 
tainment of an even heat distribution. In addition, high power 
densities are not possible because of the low power capacity of 
the lamps themselves. 


element at the focal point of a parabolic reflector, as shown in Fig. ea). 
6, very uniform heating was obtained. The heating element has i 
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been operated successfully at 2200 F in a normal atmosphere for 
long periods of time. The heating-power density obtained with 
the parabolic reflector was limited to about 1 kw per sq ft, pri- 
marily because of the wide spacing of the nichrome elements. 
With closely spaced helical coils, heater-power densities of over 20 
kw per sq ft are possible. 

This type of radiant-heating device has at least two major dis- 
advantages. One is that the large thermal inertia makes shielding 
of the specimen necessary during heat-up for tests in which dupli- 
cation of heating as a function of time is important. The use of a 
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2 General Electric T-12 lamps. The General Electric T-12 in- 
frared lamp, illustrated in Fig. 8, is approximately 1'/, in. diam 
and 14 in. long. The normal rating is 2500 watts at 115 volts. 
During tests performed at the Wright Air Development Center, 
these lamps have been operated successfully at 220 volts which 
produced a power output of approximately 7250 watts. 

T-12 lamps were used successfully by the Wright Air De- 
velopment Center to duplicate a transient heating condition on 
a small wing panel. This panel was identical to one tested by the | 
NACA in its Wallops Island blow-down wind tunnel, and the 
temperatures obtained were due entirely to aerodynamic heating. , 
The panel was fabricated from 248-T aluminum alloy and had a 
20 X 20-in. planform, multiple spars, and 0.064-in. skin. 

For duplication of the heating condition, 18 General Electric © 
T-12 lamps were arranged in a 248-T aluminum alclad reflector as 
shown in Fig. 9. Two such reflectors were fabricated and mounted 
on opposite sides of the test panel. The specimen area was 
divided into five chordwise controllable areas and the power was 
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WitH GENERAL Evectrric T-12 Lamp: 
regulated in each area so as to obtain a chordwise power distribu- 
tion. All temperature and strain data were recorded on Century 
osciliographs, but no attempt was made to load the structure. 
Heating rates of 50 F per sec were obtained near the leading 
edge of the structure, and the over-all efficiency of the heating sys- 
tem was approximately 55 per cent. 

8 General Electric T-3 lamps. From the results of a radiant- 
heating research contract with Research, Inc., Minneapolis, 
Minn. (17), it was determined that the General Electric T-3 
tubular, clear quartz, infrared lamp is one of the most suitable for 
elevated-temperature structural testing. This lamp is approxi- 
mately */; in. diam and 11%/,in. long. Because of their small size, 
a large number of lamps can be placed in a small area. Normal 
rating is 1000 watts at 230 volts, but very satisfactory results have 
been obtained by operating this lamp at 460 volts giving a power 
output of 3000 watts. 

The basic reflector unit in use at the Wright Air Development 
Center is shown in Fig. 10. It is 1 sq ft in area (6 X 24 in.) and 
contains 16 T-3 lamps. Therefore, a maximum lamp power 
density of 48,000 watts per sq ft may be obtained at 460 volts. 
The reflectors are part of the Wright Air Development Center 
radiant-heating oven shown in Fig. 11. This oven, manufactured 
by Research, Inc., contains five sections of 16 reflectors each, or a 
total of 80 reflectors. Fig. 12 illustrates that the oven sections 
are hinged together so they will deflect in relationship to each 
other. Thus the oven will follow the deflection of a structure 
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Fig. 12) Raptant-Heatinc Oven 
being tested and will maintain a constant spacing between the 
lamps and the heated surface. Provisions also have been made in 
the basic reflector unit to permit adjustment of the reflectors up 
and down as well as in a chordwise direction. This feature is illus- 
trated also in Fig. 12. The efficiency of the radiant-heating oven 
has been found to be approximately 65 per cent when the surface 
being heated is coated with a solution of graphite in lacquer and 
the distance between the lamps and work surface is 3 in. 

Loading With Radiant Heating. Although infrared heating is a 
desirable method of heating aircraft structures, it is not entirely 
without difficulties. Owing to the very nature of infrared heating, 
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loading attachments to the structure must cover a minimum 
amount of surface area in order to prevent excessive shielding of © 
the structure from the heating lamps. Neither tension patches _ + 
nor shot bags can be used with radiant heating because they cover 
surface areas which must be heated. 7 
The only possible method of loading which will meet the re-_ = 
quirements is a system using wires or small-diameter rods at-— 
tached directly to the specimen. These rods or wires must be 


long enough to extend either through or around the reflectors. 
Load linkages and hydraulic cylinders, which are commonly used 
to apply the distributed forces, Fig. 1, can be attached to the load- 
ing wires or rods outside of the heated area and may be of any 
convenient form. 
In most cases, the type of structure determines how loading ~ 


wires or rods are attached. If access to the inside of the struc-— 

ture is possible, loading rods may be attached to pads on the inside _ 

of the skin. If the test aircraft is completely assembled and ac-— 

cess to the internal structure is difficult, other attachment methods 

must be used. Threaded fittings, such as eyebolts, can be { 
screwed into drilled and tapped holes in thick aircraft skin. Blind 

fasteners, such as B. F. Goodrich Rivnuts, can be installed in air- 

craft skin which is too thin for drilling and tapping. Loading rods 

can then be screwed into the Rivnuts, making use of their in- 

ternal threads. 

The load-attachment methods discussed have been used by the 
Wright Air Development Center, but more extensive test work will 
be required before their reliability and load limitations are 
established definitely. 

Test of the Douglas Nose Cone. The method used for a recent 
test will be described to illustrate the flexibility of T-3 lamps and 
the load and data-recording complications caused by heating re- 
quirements. The structure tested was a nose cone approximately 
30 in. long, fabricated from 0.072-in-thick 61S aluminum alloy. 
To duplicate the transient heating condition, the conical reflector 
shown in Fig. 13 was fabricated from polished 0.064-in. 24S-T 
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sec were obtained near the nose of the cone. 

The load-attachment method is shown in Fig. 14. Eyebolts _ 
were installed in the skin of the cone with nuts on the inside; */,¢- 
in. steel rods which passed through the reflector were then attached 
to the evebolts by means of a swivelling mechanism. Loads were 
applied prior to heating. 

Deflection measurement was the most difficult problem be- 
cause the short time of the test run (about 10 sec) prevented visual 
recording. The problem was solved by using high-speed movie 
cameras to photograph Ames dials which were connected to the 
cone by means of wires passing over small pulleys. Fig. 15 
shows the complete test setup, including the Ames dials and load- 
ing struts which are outside the heated area. 


CompuTER ContTROL OF HEATING 


One of the requirements of a heating system mentioned earlier 
in this paper is that it must provide for duplication of boundary 
conditions. This means that the rate of heat flow into the struc-— 
ture, which is determined at any instant by the boundary-layer 
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aluminum alloy. A total of 186 T-3 lamps were mounted inside 
the reflector. 

The required temperature distribution for the test was ob- 
tained by varying the power input to each of the three rows of 


 T-3 lamps. With the nose cone coated with Sauereisen No. 7W 


temperature Ta», the convective heat-transfer coefficient h, and 
the skin temperature 7',, must be duplicated as a function of 
time. A computer developed for this purpose by Research, Inc., 
Minneapolis, Minn., is in use at the Wright Air Developmen 
Center. A prototype model is shown in Fig. 16. 
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actually being delivered to the surface of the structure by the 
heating system. If a difference exists, the computer instantane- 
ously transmits an electronic signal to a power controller which 
adjusts the output of the heating system. 

The power controllers in use at the Wright Air Development 
Center are of the saturable-reactor type and are shown in Fig. 17. 
Included in each of these controllers is a recorder which records 
the temperature of the thermocouple used for power control. 
Since there are 40 power-control units of 75 kva capacity each at 
the Wright Air Development Center, 40 heat-control computers 
are being fabricated for use with these power controllers. With 
this arrangement, 40 separate areas may be heated simultaneously 
according to 40 different heating programs entered into the com- 
puters, 

Although the heat-control computers were designed to operate 
with saturable reactor-type power controllers, only slight modi- 
fications are required to permit operation with other power con- 
trollers such as ignitrons, motor-driven powerstats, and the like. 
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Without going into too many technical details, the operation of 
the computer is as follows: The convective heat-transfer co- 
efficient and the boundary-layer temperature are assumed to be 
known as a function of time, and are entered into the computer 
on input drums. The skin temperature of the surface being 
heated is monitored by a thermocouple, and is also fed into the 
computer. By combining these three items of information, 
the computer solves the equation, Q = A( 7's. — 7,), which deter- 
mines the heating rate which should be realized at any instant. 
This value of heat flow can be considered the instantaneous 
‘power required’’ from the heating system. The computer, in 
turn, compares the power required to the electrical power 
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Some NACA Research on Effect of Transient 


- Heating on Aircraft Structures 


A brief presentation is made of some of the radiant- 
heating apparatus developed by the National Advisory 
Committee for Aeronautics (NACA) to simulate aerody- 
namic heating of aircraft structures. Some results of the 
effects of thermal stresses on the stiffness and deflection of 
aircraft structures are demonstrated by tests incorporat- 
ing the radiant-heating apparatus. 


INTRODUCTION 


T IS generally recognized that the most important effect of 
aerodynamic heating is the existence of high temperature in 
the airframe. These high temperatures depreciate the 

structural properties of the materials of which the aircraft is made 
and in general lead to increased structural weight. It is also 
true that during the heating process there is a nonuniform dis- 
tribution of temperature throughout the structure. The ex- 
ternal surfaces heat the most rapidly and the internal structure 
lags behind an amount dependent upon the exact details of the 
construction. There arises from the nonuniform temperature 
distributions a distribution of thermal stresses. 

The heating which a particular aircraft will experience depends 
upon its flight plan. It is possible, however, to make an estimate 
of the maximum heating an aircraft might experience at a given 
Mach number and altitude by computing the initial heating rate 
associated with an instantaneous acceleration to that Mach 
number at that altitude. In Fig. 1 is summarized the heating 
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rate so computed for a wing structure at a distance of 1 ft from 
its leading edge. The wing skin is assumed to be at ambient-air 
temperature and as a result its maximum heating rates are inde- 
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pendent of the details of the structure. It is clear from the figure 
that if such heating is to be simulated in the laboratory it is neces- 
sary to produce heating rates of the order of 100 Btu/sq ft-sec. 

The law of radiation states that from a black body the heat 


output 
T ‘ 
q = 0A81 


4 
in which q is measured in Btu/sq ft-see and 7’ is measured in de- 
grees Rankine. Heat outputs of the order of 100 Btu/sq ft-sec 
can therefore be obtained by electrically heating elements to 
about 4000 R. 

It is the purpose of this paper to discuss some of the techniques 
which the NACA has developed for producing such heating rates 
and to illustrate their applications by presenting the results of 
some tests 

HEATING APPARATUS 

Carbon-Rod Radiators. One of the most readily available ma- 
terials that can be heated to sufficiently high temperatures to 
simulate aerodynamic heating is carbon. It is commercially 
available in a number of forms which can be made into heating 
elements. One of the most useful forms is that of the rod which 
can be so disposed to heat a given shape of surface. In Fig. 2 
is shown a carbon-rod radiator which has been used to heat large 


flat surfaces. (A more complete description is given elsewhere 


2. Heat Raprator Constrauctep or CarBon-Rop Heating 
ELEMENTS 


The basic heating element is a */s-in-diam carbon rod operating at 
a temperature of about 4600 F. Electric power is supplied to the 
ends of the rods through machined-graphite terminal blocks. 
Rods in the radiator can be spaced as close as 1 in. and assembled 
in arrays sufficiently large to heat the test specimens. When 
heated to 4600 F, the useful life of the rods is about 3 min because 
of the considerable evaporation of the material from the rod 


“Rapid Radiant-Heating Tests of Multiweb Beams,”’ by J. N 
Kotanchik, A. E. Johnson, Jr., and R. D. Ross, NACA TN 3474, 
September, 1955. 
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Because the rods require 10 to 15 sec to reach operating tempera- 


ture, a thermal shield is interposed between the specimen and the 
radiator during the heat-up time. The shield is withdrawn to 
expose the specimen to radiant heat and is replaced when the 
desired surface temperature on the structure is reached. The 
temperature of the radiating elements is so much higher than the 
surface of most test specimens that, as a result, surface tempera- 
tures of the specimen rise linearly with time during the heating 
period. If it is desired to maintain a given surface temperature 
after the initial heating, it is possible to do so by applying a re- 
duced voltage to the rods and to continue to expose the specimen 
to heat. 

Typical values of energy radiated by the rod are from | to 2 
kw per inch of rod when they are new and about one half of these 


values at the end of their useful life. Fig. 3 shows the results of 


Fre 
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tests made to determine the amount of energy received on a par- 
ticular surface for two power inputs to the radiator shown in Fig. 


2. A reflector made of '/,in aluminum-alloy plate has been 
placed behind the radiator to direct the heat forward. The test 
- specimen was an aluminum-alloy sheet 20 X 24 in. painted with 
- flat black lacquer. Painting an aluminum surface with black 
lacquer increases the absorptivity by a factor of approximately 5. 
For the radiator-specimen arrangement used, the heat received 
on the surface decreased approximately linearly with distance. 
For close spacing of the radiator and specimen, efficiencies of the 
order of 50 per cent are obtained. 

_ Although carbon-rod radiators are simple to construct and rela- 
_ tively inexpensive, they have the serious drawback that practical 
radiators are bulky and have considerable thermal inertia. As 
a consequence, they have been useful only for the production of 
high uniform rates of heating. A more desirable radiant heater 
-would be one which had a sufficiently small thermal inertia so 
that its heat output could be controlled on a time scale suitable 


: supplied through nickel terminal wires. 


for actual aircraft. 
_ Quartz-Lamp Heat Radiators. A heat radiator which has a low 
thermal inertia is the tungsten-filament lamp, type T-3, produced 
_ by the General Electric Company. This lamp is commercially 
available in nominal lengths of 10 and 25 in. and operating volt- 
ages of 220 and 440, respectively. They consist of a coiled tung- 
sten-wire filament with a °/sin-diam clear-quartz tube filled 
with argon gas. 

The tungsten filament is supported at intervals and power is 
A nominal rating of the 
lamps is 100 watts per in. and the life of the lamps is about 5000 
hr. When the lamps are operated at approximately two times 
their nominal voltage, the power output is increased to approxi- 


Rapiatinc Unit vsTRUCTED WITH 
Bank Quartz-Lamp Heating ELEMENT 
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mately 3 times the normal rating. There is a considerable reduc- 
tion of average life, but it is then possible to obtain maximum 
heating rates of the order of those produced by the carbon-rod 
radiators. 

A typical installation is shown in Fig. 4 in which the specimen 
is heated by two radiators, one on each side of the specimen. The 
radiators have been assembled into an array consisting of two 
rows of lamps. The lamps in each row are spaced at !/2-in 
intervals and the lamps in the rear row are staggered one-half- 
lamp spacing with respect to the lamps in the front row. In 
each array a reflector is placed behind the lamps. 

Control of the heat input to a test specimen can be achieved by 
varying the distance between the lamps and the specimen, the 
surface finish of the specimen, or the power input to the lamps. 
The fast response of the quartz lamps makes them readily adapt- 
able to automatic control equipment and thus has made this 
type of heating equipment suitable for obtaining realistic temper- 
ature distributions and histories. 

The heating rates experienced by a 10 X 24-in. black-lac- 
quered aluminum-alloy sheet heated on one side by one of the 
radiator arrays of Fig. 4 are shown in Fig. 5. Maximum heating 
rates and efficiencies are of the same order as those obtained with 
the carbon-rod assemblies. 
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APPLICATIONS TO STRUCTURES RESEARCH 


Vibration Tests of a Thermally Stressed Plate. A structural 
problem which can arise from thermal stresses is the reduction in 
effective stiffness of the structure against certain loadings. 
Probably the most severe occurrence of this effect takes place in 
thin solid plates of the form found in some missile wings. Ther- 
mal gradients can occur in such wings because of the variation of 
aerodynamic heat-transfer coefficients over the surface of the 
wings or because of the variation in thickness of such wings. An 
experimental verification of this effect has been given.? The 
experimental setup is shown in Fig. 6. A '/,-in. aluminum plate 
20 in. square was cantilevered from a massive base. Two ar- 
rays of quartz-tube heaters arranged so as to heat the opposite 
unsupported edges developed thermal gradients in the wing 
similar to those encountered in flight. In flight the thermal 
gradients could have developed because of a chordwise change in 
thickness. In this experimental setup the chordwise variation is 
established by the location of the heaters at the leading and trail- 
ing edges. 

The temperature distributions which were established in this 
plate are shown in Fig.7. The wing was at room temperature at 
time zero. During the initial heating phase the temperatures of 


* “Behavior of a Cantilever Plate Under Rapid-Heating Condi- . 


tions,”’ by L. F. Vosteen and K. E. Fuller, NACA RM L55E20c, 
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Fic. 9 ComparRIsON oF EXPERIMENTAL FReQquENCY History oF 
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the leading and trailing edges rose rapidly to a maximum of 315 
F in 16'/, sec at which time the heating was stopped. After 
the heating stopped, the leading and trailing edges cooled as the 
heat flowed into the interior of the plate. At time 30 sec, the 
temperature of the leading and trailing edges had fallen to 220 F 
and the interior had risen approximately 20 deg above room 
temperature. 

During the heating and cooling processes the plate was vibrated 
in its first torsion mode and its natural frequencies observed. 
The history of the variation of the first torsion frequency is shown 
in Fig. 8. It indicates that during the initial period of heating 
the torsion frequency decreases to a minimum and thea rises 
slightly. During the period in which the wing is not exposed to 
heat, there is first a slight drop in frequency and then a gradual! 
rise toward the original natural frequency as the temperature be- 
comes more uniform. 

A theoretical analysis of the plate behavior was made in which 
an approximate distribution of thermal stresses was obtained 
from the experimental temperature distribution. These stresses 
were incorporated in a vibration analysis of the plate based on 
small-deflection plate theory. A comparison of the results ob- 
tained by this theory with the experimental data is given in Fig. 
9. Such an analysis predicts a rapid decrease in the plate-torsion 
frequency with heating, and further indicates that for this plate 
the temperature distribution was such as to decrease the torsion 
frequency to zero which is interpreted as plate buckling in the 
torsion mode. During the unheated phase the analysis predicts 
a gradual return to the original natural frequency. The experi- 
mental results agree with the analysis only during the initial heat- 
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ing and the latter stage of cooling. In the intermediate region in 
which the small-deflection analysis predicts almost a complete 
loss of stiffness, the plate still retains a considerable amount of 
its original stiffness. More recent studies have shown that this 
discrepancy is due to neglect of initial imperfections and finite 
displacements of the plate. 
substantially improves the comparison between the experimental 
and calculated results. 

Buckling Tests of Box-Beam Covers. The wings of supersonic 
aircraft will experience thermal stressing as well as the usual load 
stressing. The wing skins during heating will be at a higher 
temperature than the interior web system. If the web is of the 


Incorporation of these in the analysis — 


conventional solid-web type, compressive thermal stresses will 


exist in the wing skin. These compressive stresses when com- 
bined with load stresses will increase the stresses on the upper 
side of the wing and decrease those on the lower side. If the 
combination of load stresses and thermal stresses is sufficiently 
large, the possibility of buckling of the compression skins exists. 

An experimental investigation in which thermal stresses and 
load stresses are combined has been made. The test setup em- 
ploying carbon-rod heat radiators is shown in Fig. 10. A small 


0 Test Serup ror Heatep Box Beam Loapep aT 
Tip By CONCENTRATED MOMENT 


box beam was cantilevered from the support on the left and 

- loaded at its tip on the right by a bending moment whose mag- 

nitude was fixed by dead-weight loading apparatus. The test 

_ procedure was to apply a moment which would produce a certain 

stress level. A shield was interposed between the heaters and 

the beam covers and the radiators brought up to temperature. 

The shield was withdrawn so as to expose both top and bottom 

covers to a practically constant rate of heating. Continuous 

_ records were made of the temperature distribution throughout the 

box as well as deflections of the beam. In Fig. 11 are shown two 

_ distributions of temperature around the perimeter starting at the 

< q web center line and extending to the center of the cover. These 

temperatures are those which exist when the compression cover 

buckled. +The upper curve is for a test in which the dead-weight 

“4 moment produced a nominal stress of 9.8 ksi and the lower curve 

when the nominal stress in the cover was 22 ksi. It is obvious 

- that a much smaller temperature difference can produce buckling 
_ when the beam cover is more highly stressed. 

The heating experienced by these beams is such that the covers 

7 f are essentially at a uniform we temperature and the webs at a 

uniform lower temperature. A simple theoretical stress sie sis 
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can then be made in which it is assumed that the thermal stresses 
are uniformly distributed at one stress level in the covers and at 
another in the webs. If these thermal stresses are added to the 
load stresses, a prediction can be made of the combinations 
of load stress and temperature differentials between web and cover 
that will produce buckling. These results can be expressed by an 
equation which states that at buckling the average temperature 
difference between skin and web is 


| 
| 
| 


AT = 


aks 


The first term of the numerator is the difference between the 
plate-buckling stress and the load stress; the second term con- 
tains the ratio of the products of Young’s modulus and cross- 
sectional area for the cover plates and web. The denominator is 
the product of the coefficient of thermal expansion @ and Young’s 
modulus of the cover. A comparison of this simple analysis with 
the experimental buckling results obtained for these tests is 
shown in Fig. 12. The agreement is quite good. 

An interesting aspect of the test results is the deflection of the 
beam during a heating cycle. In Fig. 13 is shown a plot of the 
variation of the tip deflection of the beam with skin temperature 
for two load-stress levels. Deflections do not include those that 
occurred when the beam was first loaded. During the first part 
of the heating of the covers little or no change in tip deflection 
occurs. This is to be expected because the heating is symmetrical 


a. 
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top and bottom. When the cover buckles, further heating is ac- 
companied by an increase in the tip deflection which is approxi- 
mately proportional to the change in cover temperature. This 
change in deflection is due to the dissymmetry in the stiffness of 
the box that occurs when one cover buckles. As the box contin- 
ues to heat beyond buckling the tendency is for the two covers to 
expand equally. The cool web is more effective in restraining 
the buckled cover than the unbuckled one. As a result, a cur- 
vature of the beam is produced which is approximately propor- 
tional to the excess of the cover temperature over the tempera- 
ture at buckling. 


CONCLUSION 


The radiant-heating apparatus which has been described and 
the two applications to structures research which have been 
shown represent some preliminary efforts directed toward assess- 
ing the effects of thermal stresses on aircraft structures. More 
effort is needed on this problem and it is hoped that this presenta- 
tion induces others to explore this field. nai sal 
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— Utilization of Solar Furnaces in 


High-Temperature Research 


This paper presents a theoretical discussion of the 
_ performances of a parabolic-type solar furnace. Maxi- 
mum temperature and maximum heat flux attainable 
at the focus are presented for furnaces of different 
diameter-to-focal length ratios. It is shown that the 
optical quality of the parabolic reflector is the most 
important factor for obtaining high heat fluxes. With 
present-day technology, the heat flux is limited to 
600 Btu/sq ft/sec, but this figure could be raised to 2300 
Btu/sq ft/sec by improving the optics. 


By POL 


INTRODUCTION 


HE high heat fluxes to which supersonic aircraft are 

subjected bring up very complex thermal-stress problems 

to the aircraft designer. As usual in aircraft construction, 
theoretical stress analysis must be supplemented by carefully 
designed experiments. One of the new problems in the experi- 
mental field is to reproduce the very high heat fluxes in the 
laboratory before performisg expensive flight tests. In order 
to achieve high heat fluxes through radiant energy, high-tempera- 
ture sources are required. Since such sources must make use 
_ of solid materials, the highest attainable temperature is dictated 
by the melting point of these materials. Among the elements, 
graphite (sublimes at 3600 C) and tungsten (melts at 3380 C) 
are the most practical high-temperature radiators, Since the 
sun provides a source of radiant energy at a temperature of 
5800 K, its use in connection with high flux problems offers 
definite possibilities. 


PRINCIPLES OF SOLAR-FURNACES DesIGN 


The main function of a solar furnace is to collect a certain 
amount of sun radiation and concentrate it into a small area. 
This concentration may be achieved by the use of lenses or by 
means of parabolic reflectors. Although lens furnaces have 
been built (as, for example, the California Institute of Technology 
furnace designed by Hale and built in 1930), it is quite easy to 
demonstrate that from a practical point of view parabolic re- 
flectors should be used, especially for large furnaces. This type 
of furnace only will be discussed in this paper. 

When a parabolic reflector has its axis in the direction of 
the sun, an image of the sun is formed in the focal plane of the 
parabola. Knowing that the apparent diameter of the sun is 
_ $2 min of are, the size d of the image (see Fig. 1) is given by 


in which f is the focal length of the parabola. A sharp image 


can be achieved, provided the ratio of the focal length to the 


diameter of the parabolic mirror is large, which is the case in an 


1 Professor of Mechanical Engineering, California Institute of 
Technology. 

Contributed by the Aviation Division and presented at the Aviation 
Division Conference, Los Angeles, Calif.. March 14-16, 1956, of 
Tue AMERICAN Society oF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, 
January 18, 1956. Paper No. 56—AV-i7. 
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astronomical telescope. In a solar furnace this ratio should 
be as small as possible, since the highest possible concentration 
of radiation within the sun’s image is desired. 

Instead of focal length-to-diameter ratio, it is more convenient 
to consider the angular aperture of the mirror. The angle 
called @ in the following discussion is the angle between the axis 
of the parabola and a line joining the focus of the parabola to 
any point on the mirror (Fig. 1). At the rim, this angle has a 
certain value @, which determines the angular aperture. The 


rim angle may vary from 0 to a maximum of 90 deg. 
| 


|) 


Concentration Efficiency and Concentration Ratio. The con- 
tribution of any portion of the parabola to the total amount 
of radiation falling within the sun’s image in the focal plane 
may be computed. If @ is the angle corresponding to a point 
A, Fig. 2, a cone of light with an angle of 32 min falling on the 
parabola is reflected as a 32-min-angle cone whose axis passes 
through the focus of the parabola. The intersection of this 
reflected cone with the focal plane is an ellipse whose large 
diameter is greater than the diameter of the sun’s image. Hence 
some of the light contributed by an element of mirror around 
point A is falling outside the sun’s image. For a furnace having 
a given focal length-to-diameter ratio, or a given rim angle 6, 
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it is possible to calculate the ratio of the amount of energy 
received within the sun’s image to the total energy received on 
the focal plane. This ratio, designated by 7,, is called the con- 
centration efficiency. 

To compute the concentration efficiency it is necessary to 
define the physical conditions at the focus. It is indeed obvious 
that any solid body placed around the focus will have an effect 
on the flux received since this body will remit some of the radia- 
tion it receives. The emissivity coefficient of the solid body 
will therefore enter into the computation. Two simple cases will 
be considered in the following discussion. In the first case, 
a cavity behaving like a black body (emissivity=1) is placed 
at the focus and has a circular opening with a diameter equal to 
that of the sun’s image. In the second case, a flat-plate receiver 
is placed in the focal plane and is assumed to behave according 
to Lambert’s law € = ¢, cos 8, in which ¢€ is the emissivity coeffi- 
cient in a direction @ and e, is the emissivity coefficient in a 
direction normal to the surface. In these two cases the con- 
centration efficiencies are given by* 


A graphic representation of these two relations is given in 
Figs. 3 and 4. As the rim angle 6, of the furnace increases, the 
concentration efficiency decreases rapidly and is of the order 
of 20 per cent only for a 90-deg-angle parabola. 

It should be pointed out that Equations [2] and [3] have 
been derived on the assumption that the parabolic reflector is 
geometrically perfect. Practically, the larger the rim angle, the 
more difficult it becomes to achieve a high degree of accuracy, 
and the actual concentration efficiency is always somewhat 
below the values shown in Figs. 3 and 4. This question of ideal 
versus actual conditions in solar furnaces will be discussed later. 

Another useful parameter in evaluating the performances of 
solar furnaces is the concentration ratio. This number is 
defined as the ratio of the heat flux within the sun’s image at the 
focus to the heat flux that would be reflected by a plane mirror 
facing the sun and having the same reflectivity as the parabolic 
mirror. As in the case of concentration efficiency, the con- 
centration ratio depends on the conditions at the focus. For a 
black-body cavity it is given by 


c = 46.2 X 10* sin? 6 


+ cos + cos 6 + cos? @) 


and by 
c = 30.7 X 10*(1 — cos* 6) 


for a flat-plate receiver following Lambert’s law. 

A graph showing the variation of the concentration ratio with 
rim angle is shown in Fig. 3 for a black-body cavity. For a 
flat-plate receiver, the curve shown in Fig. 4 has been computed 
assuming €, = 1 and hence represents the most favorable condi- 
tions at the focus, leading to the maximum concentration ratio. 

Mazimum Alttainable Temperature. The maximum tempera- 
ture that can be obtained in a solar furnace is also of great 
interest and can be computed. Although the actual temperature 
of the sun is several millions of degrees, the radiation spectrum 
received near the earth corresponds to that of a black body at 


2A more detailed study has been presented in a report ‘‘Theo- 
retical Considerations on Performance Characteristics of Solar 
Furnaces,” by Eugene Loh, Pol Duwez, N. K. Hiester, and T. E. 
Tietz, prepared by Stanford Research Institute, under the sponsor- 
ship of the Office of Scientific Research, Air Research and Develop- 
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5800 K. That is called the effective temperature of the sun. 
In terms of this temperature 7,, the maximum temperature 
attainable in a parabolic-type furnace is given by 
7 ,n'/* (sin 


= —— 


for a black body 


T 
( 
14.65 \2/; €, 


for a flat-plate receiver. 

In these equations 7 is the only symbol which has not been 
described previously and requires some explanation. Assuming 
that a solar furnace could be built outside the earth atmosphere 
and with a parabolic surface having a perfect reflectivity, 7 
would be equal to unity. In this case the flux received by the 
parabola would be the solar constant pp = 2 cal/cm?/min and 
this flux would be reflected without losses. Actually, the flux 
received on the earth p is less than the solar constant because 
of atmospheric absorption and the reflectivity of the mirror is 
less than 1. The coefficient 9 is defined as the product of p/p 
and the reflectivity coefficient of the parabolic mirror. If 
additional reflecting surfaces are involved in the construction 
of the furnace (as, for example, when a flat mirror is used to track 
the sun), the reflectivity coefficients of these surfaces also enter 
into the product and further decrease the value of 7. 

Curves showing the variation of the maximum attainable 
temperature with the rim angle of a parabolic furnace are re- 
produced in Fig. 3 for a black body and in Fig. 4 for a flat-plate 
receiver. In these two graphs 7 has been taken as unity, which 
means that the temperatures shown are those that would be 
obtained with a geometrically perfect parabola, having 100 
per cent reflectivity and located outside the earth atmosphere. 
Under these ideal conditions the temperature attained with a 
90-deg rim-angle furnace is the effective temperature of the sun. 
The maximum flux obtainable within the sun’s image, also under 
these ideal conditions, may be computed by multiplying the solar 
constant by the concentration ratic corresponding to a rim 
angle of 90 deg. This flux is 92,000 cal/em*/min (5640 Btu/ 
sq ft/sec) for a black body and 62,000 cal/em?/min (3800 
Btu/sq ft/sec) for a flat-plate receiver. These flux values, as well 
as the temperature of the sun, are maximum values that no solar 
furnace will ever reach. 
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ESTIMATED PRACTICAL PERFORMANCES OF PARABOLIC FURNACES 


The most important factors which were idealized in the 
foregoing analysis are atmospheric absorption of solar radiation, 
reflectivity of the parabolic mirror, and geometrical accuracy 
of the parabolic surface. The effect of atmospheric absorption 
and of reflectivity are easy to discuss because they can be meas- 
ured. 

Atmospheric absorption is just the ratio of the actual flux re- 
ceived at the furnace site to the solar constant yo. The flux 
received can be measured with a pyroheliometer. This instru- 
ment should be designed properly so that it measures the flux 
at normal incidence and does not include the diffused sky radia- 
tion. It appears that the atmospheric absorption may repre- 
sent about 20 per cent in many parts of the world, so that flux 
on the earth may be about 0.80 po. The reflectivity of the 
mirror also can be measured and a coefficient as high as 0.85 
is conceivable. As a consequence, a practically attainable value 
for the coefficient would be 0.80 X 0.85 = 0.68. With a geo- 
metrically perfect parabolic reflector, the actual flux within 
the sun’s image may therefore be 0.68 times the flux computed 
on the basis of the analysis presented earlv in the paper. The 
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maximum temperature obtainable will be 4900 K; namely, 
0.845 times the temperature under ideal conditions. 

The effect of the geometrical perfection of the parabolic mirror 
is not easy to estimate, because it is not possible mathematically 
to define the optical quality of a parabolic reflector. When a 
furnace is built, however, the flux within the sun’s image can 
be measured, and the ratio of this actual flux to the theoretical 
flux that should be obtained knowing the conditions of atmos- 
pheric absorption and reflectivity, may be determined. This 
ratio may be called the index of geometrical perfection of the 
parabolic mirror. On the basis of the analysis presented pre- 
viously, this ratio y is expressed by 


Pact 


92.4 X 10° sin? 


in which pact is the measured flux within the sun’s image. If, 
instead of measuring the flux, the temperature Tsct of a black- 
body cavity is measured, ‘y may be expressed by the equation 


(7 ‘1 #1 

=) sin? 6 

This second method of measuring y is not recommended for 
two reasons: (a) Equation [9] is valid only if no heat is lost 
through the walls of the cavity, a very difficult condition to satisfy 
in practice; (b) the index y is very sensitive to small errors on 
the temperature since it is proportional to the fourth power of the 
temperature. The measurement of the flux within the sun’s 
image is free from these two objections. This measurement 
can be made with a water-cooled calorimeter and with a minimum 
of heat losses, and in addition, the index ¥ varies linearly with the 
measured flux. 

It is unfortunate that no data have been published on the 
measurements of the actual flux within the sun’s image of the 
few furnaces which are presently in operation, and consequently 
it is very difficult to determine the order of magnitude of the 
coefficient y for existing furnaces.* Temperatures obtained in 


3Complete and accurate measurements have been reported by 
J. Farber at the Tucson Conference on Applied Solar Energy, Oct. 
31, 1955, but the manuscript of this lecture was not available to the 
author at the time the present paper was required for publication. 
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various furnaces have been measured (or generally estimated) 
by several investigators, but because of the fourth-power rela- 
tionship, this is a very unreliable method for evaluating the 
degree of geometrical perfection of a mirror. 

In order to emphasize the importance of the optical accuracy 
of the mirror, a numerical example will be discussed briefly. 
First, it is apparent from the curves shown in Figs. 3 and 4 
that beyond a certain angle @ of about 60 deg the concentration 
ratio does not increase rapidly. Practically this increase is 
even smaller because the accuracy of the parabola is the poorest 
when the angle @ is large. It will therefore be assumed that 
60 deg is a practical maximum value for the rim angle of a para- 
bolic furnace. For such a furnace, with an atmospheric-ab- 
sorption coefficient of 0.80 and a reflection coefficient of 0.85, 
the flux within the sun’s image and the maximum attainable 
temperature are plotted versus the index of geometrical per- 
fection in Fig. 5. The linear relationship between flux and 
Yy is just a graphical representation of the definition of the 
index ¥. 

The éurve of temperature versus index of geometrical per- 
fection y shown in Fig. 5, is a striking illustration of the fourth- 
power radiation law. It is indeed quite interesting to see that 
with a rather poor geometrical perfection (index of the order 
of 0.15) temperatures in the neighborhood of 3000 K can be 
achieved. In order to cover the range from 3000 to 4600 K, 
which would be of great interest for fundamental studies of 
refractory compounds like carbides, nitrides, and borides, the 
optical quality of the reflecting parabola must be considerably 
increased. 

For the aeronautical engineer interested in obtaining high 
heat fluxes, the optical quality is also of the utmost importance. 
A solar furnace capable of a temperature of 3000 K is not very 
spectacular in so far as flux is concerned, since, according to 
the curves of Fig. 5, the flux within the sun’s image would be 
only 7000 cal/min/cm? (420 Btu/sq ft/sec). On the other end 
of the scale, if an index of geometrical perfection 0.75 could be 
achieved, the flux would be 35,000 cal/cm*/min (2100 Btu/ 
sq ft/sec). This last figure is interesting to consider as the very 
maximum heat flux that could be obtained with a high-accuracy 
parabolic reflector. Higher figures that may have appeared in 
semiscientific literature must be regarded as highly speculative. 
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Reflectivity coefficient, 0.85 
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EFrrect or SOLAR-FURNACE SIZE ON PERFORMANCES 


In the preceding analysis all the parameters involved in solar- 
furnace design are dimensionless. Only one of these parameters, 
namely, the index of geometrical perfection, is seriously affected 
by size. A parabolic reflector may be made of one piece, or 
may be divided into segments. The one-piece reflector (either 
glass or metal) cannot be built beyond a certain size. At the 
present time there are glass parabolic reflectors up to 6.5 ft 
diam and one aluminum reflector of 10 ft diam. The cost of 
such units must rapidly increase with size and beyond a certain 
diameter (which might be around 15 ft), the one-piece reflector 
is practically impossible to build. 

The performances of the one-piece-reflector furnaces which 
have been in operation are difficult to establish because of the 
lack of flux measurements and the unreliability of the estimated 
temperatures. It appears improbable, however, that the existing 
furnaces have an index of geometrical perfection greater than 
about 0.35. Better furnaces, with improved optical quality, 
could certainly be built with diameters up to 200in. If the index 
of geometrical perfection could be increased to 0.80, both the 
temperature (4600 K) and the heat flux (37,500 cal/em?/min) 
that could be obtained, would make such a furnace an ideal tool 
for fundamental research on highly refractory materials. 

Because of the limitation in the sun’s image size, one-piece 
solar-furnace reflectors may be of little interest to the aircraft 
engineer who wants to subject rather large structural elements 
to high heat fluxes. The size of the image being about 1/200 of 
the diameter of the parabola (assuming the rim angle to be 
60 deg) the limiting size would be about 1 in. for a 200-in. re- 
flector. Relatively large parabolic reflectors must therefore be 
considered for testing structural elements. The parabola in 
this case must be built of segments. The largest furnace of this 
type at the present time has been built by F. Trombe at the 
Laboratoire de |’Energie Solaire in Mont-Louis in the French 
Pyrennées. The parabolic reflector is about 35 ft in diameter 
and is made of 3500 individual glass elements. The size of the 
sun’s image is approximately 2.5 in. diam. Although the meas- 
ured flux has not been reported in the literature it may be 
estimated to be less than 9000 cal/em?/min (550 Btu/sq ft/sec) 
since the maximum temperature reported by Trombe is about 
3300 K. On the basis of these figures, the index of geometrical 
perfection of the furnace would be 0.20 or less (see Fig. 5). 
These relatively poor focusing conditions in a larger furnace 
might be improved, but higher efficiency will complicate the 


design of the furnace and considerably raise the cost of con-— 
struction. 


CONCLUSIONS 


Solar furnaces may be used for fundamental research on high- 
temperature materials or for studying the effect of high heat 
fluxes on materials and structures. For high-temperature- 
material research, maximum performances in reaching the 
highest possible temperature are required. A research furnace 
for this purpose may be relatively small (up to 10 ft at present 
and perhaps up to 15 ft in the future) with a sun’s image less 
than | in. in diameter. In the existing furnaces, it appears that 
temperatures up to about 3500 K have been reached. Many of 
the most interesting materials which cannot be melted in more 
conventional laboratory furnaces would require still higher 
temperatures. The value of solar furnaces as research tools 
would be greatly increased if they could produce temperatures 
up to 4600 K. As shown in the paper, this goal can be achieved 
only by increasing the optical quality of the reflecting parabolic 
mirror. It is believed that there is no physical limitation in 
building such high-quality mirrors, but their cost might be | 
very high. 

High temperature in a solar furnace means high heat flux, and 
the high-performance furnace capable of reaching 4600 K would 
have a flux of 37,500 cal/em?/min (2300 Btu/sq ft/sec). Such 
a small furnace, however, with a sun’s image diameter equal at 
the most to 1 in. may not be of great interest to the aircraft 
structural engineer. A high heat-flux area of at least 6 in. and 
possibly 12 in. (this would mean a 200-ft parabolic mirror) 
may be required before solar furnaces are considered useful 
tools in solving structural problems associated with high-speed 
aircraft. For large furnaces of this type, the present state of the 
art indicates that the maximum flux attainable is about 9000 
cal/em?/min (550 Btu/sq ft/sec). It would not be wise to say 
that these performances cannot be improved by better design, 
but because of the complete lack of experience in solar-furnace 
construction in this country, it is probable that many costly and 
frustrating attempts to build large high-performance furnaces 
will be made before successful results are obtained. 
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Description and Prediction of 


Human Response to Aircraft 


‘Ther “mal Env ironments 


The power and weight requirements of refrigeration 
equipment constitute a real limitation of aircraft perfor- 
mance at the present stage of aircraft development from 
the standpoint of thermal tolerance. Since man is the 
weak link among the components of the aircraft system, a 
clear understanding of the responses of humans to heat is 
vital to the achievement of an optimal balance between 
air conditioning and performance characteristics of the 
airplane. To obtain the highest combined fitness of man 
and aircraft for the exigencies of modern air warfare, it is 
necessary to abandon the time-honored concept that 
human thermal comfort must be assured, and to substi- 
tute the principle of maintaining the physiological and 
performance effectiveness of the crew for the limited period 
of the particular flight duration. When this duration is 
to be many hours, the efficiency criterion will probably 
demand an environment which also meets the traditional 
comfort standards. 


Tue BIoTeEcHNICAL PROBLEM 


HE man-in-aircraft problem involves a constellation of 

systems, of which man himself is the most complex. It 

is necessary to seek the maximum idealization of these 
interacting factors so that a practical solution can be reached. 
To a satisfactory approximation the thermal variables can be 
separated from other environmental influences, such, for exam- 
ple, as oxygen pressure, noise or lighting, and attention focused 
upon the man-clothing-environment system. Briefly, the fac- 
tors are as follows: 


Air and wall temperatures : 

Rate of air movement and air pressure 

Wall emissivities and geometric configuration 

Water-vapor pressure (humidity) 

Solar radiation 


Bodily state: 
Posture, activity level, and metabolic rate 
Sweat output and circulatory heat convection 
Resultant surface and deep body temperatures 


Clothing: 
Thermal insulation 
Vapor-diffusion resistance 
Air permeability 
Degree of ventilation via clothing apertures 


We can deal with these factors in a quantitative fashion, by 
determining a body thermal parameter with which can be related, 
on the one hand, the heat and mass-transfer processes in the 


1 University of California. 

Contributed by the Aviation Division and presented at the Avia- 
tion Division Conference, Los Angeles, Calif., March 14-16, 1956, 
of THe AMERICAN Society OF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, 
January 5, 1956. Paper No. 56—AV-3. 
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system and, on the other hand, the physiological and psycho- 
logical state. Finally, of course, it must be possible to predict 
the degree of thermal strain in the man and the probability of his 
satisfactory performance under this strain. 


Bopity THerRMAL Responses AND STATES 


For an understanding of the problem it is necessary to outline 
some of the modes of thermal response of the body, and the phys- 
iological states resulting from a range of thermal loads includ- 
ing those which are both within and beyond its adaptive capacity. 

Metabolic Rate and Work. Internal (or metabolic) heat pro- 
duction is a function of many physiological conditions and stim- 
uli but the principal controlling factor is the level of activity. It 
is obvious that as metabolic rate is elevated through activity, a 
large part of the task of heat regulation will be to transfer this 
heat outward to the skin and to convey it away by the heat-loss 
mechanisms. These facts are graphically displayed in Fig. 1 
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sitting, 

ate work, 42.5 Btu/sq ft- hr; D, hard work, 65.5 Btu/sq ft-hr. 
loss = qm + Qs.) 


where it is shown that activity level sets the metabolic level and 
the required heat exchange. Curve A’, at 24 Btu/sq ft hr, is 
representative of a pilot’s energy expenditure. 

Modes of Heat Exchange With Environment. From a purely 
physical poiat of view, the human body can be considered to be a 
warm body of irregular geometry, behaving approximately as a 
Planckian radiator, and having varying moistness of surface. 
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The equations for radiant, convective, and evaporative heat- 
transfer rates are of familiar and conventional form, and intro- 
duce no basically new concepts. However, coefficients must be 
evaluated experimentally and, although many measurements 
_ have been made, it cannot be said that a full quantitative formu- 
lation has yet been achieved. Therefore, because of the com- 
_ plex of interacting factors, maximum dependence must be placed 


4i 


Seg 


_ upon experimental studies in which both sweat rate and evapora- 


tion rate are separately determined. 

Physiological Regulation of Thermal Exchanges. The posses- 
sion of a body-temperature regulation system is one of the im- 
portant evolutionary acquisitions of man. This system is 
capable of varying the internal-heat production, the heat conduc- 
tion within the body, the skin temperature, and the sweat out- 
put, to preserve a near constancy of deep body temperature. 
The central mechanisms of control may, in very elementary 
terms, be compared to a dual thermostatic control which activates 
- both heater and cooling units. Its setting is about 98.6 F in 
--resting and mild-activity conditioas, but apparently shifts to 


about 102 F in heavy exercise. The “thermostat” is, in fact, a 


nerve center or centers within the brain, controlled by nervous 
sensing elements which react both to central blood temperature 
and to body-surface temperature. Effector nerves actuate skin 
blood-vessel constrictor-dilator responses, sweat-gland output, 
shivering, and so on, to bring about the indicated correction of 
body thermal state. 

Various temperature functions come into play when high ther- 
mal stresses are placed upon the body. Shivering occurs when 
mean body temperature is depressed about 2 deg F below the 
“neutral” condition of deep and skin temperatures of 98.6 F 
and 92 F, respectively. As a result, metabolic rate is increased 
in an attempt to supply cooling demand with greater heat flow 
and thus preserve the body temperature. At high combinations 
of temperature and humidity, a general increase of heart output 
and blood circulation strives vainly to convey heat to the surface, 
and thereby to ameliorate the thermal stress. Beyond the effec- 
tive limits of body-temperature regulation, the symptoms of 
thermal breakdown occur. 

The Thermal ‘Steady States.” Actually, the human body 
does not exhibit a precisely steady state in any of its processes, 
and the biological usage of the term is of limited validity. In 
thermal matters, therefore, one must be content with a relative 
approach to the steady state. As shown in Fig. 1, the zone of 
physiolog’ al compensation is quite broad, and defines conditions 
which man can tolerate for many hours, if not indefinitely. 

One may define an even narrower zone of thermal “neutrality” 
and relative comfort. A large amount of investigation has been 
made by psychologists, physiologists, and engineers to define 
the temperature, humidity, and air-movement conditions under 
which persons are thermally comfortable. It is evident that the 
results of such studies provide specifications for heating, ventilat- 
ing, and air-conditioning practice. Over a period of 30 years the 
ASHVE laboratory has made important contributions to this 
subject, and the ‘Effective Temperature Scale and Comfort 
Zones” have become the standards of practice in the United 
States and many other parts of the world.?, The comfort zones 
_ defined by these studies differ slightly from summer to winter. 

Beyond the comfort zones but within the zones of compensa- 
tion are the states of compensated hyper and hypothermia. 
Under heating and cooling loads of considerable magnitude, 
the body achieves a near-steady state of temperature, lasting for 
- hours. The thermal state ranges far beyond the conditions for 
- comfort, but the body temperatures, whether low (hypothermia) 

?*‘Heating, Ventilating, and Air Conditioning Guide,” American 


Society of Heating and Ventilating Engineers, New York, N. Y., 
1955. 
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or high (hyperthermia), are kept at fairly constant level and 
compensation may be said to be achieved. The environmental 
and activity conditions under which these thermal states occur 
are difficult to define precisely, since clothing, health, acclima-_ 
tization, etc., are additional modifiers. 

The Thermal-Transient States. When the heat load or cooling 
load upon man reaches magnitudes which exceed the capacity 
of the thermal regulatory system to achieve compensation, there 
will ensue rates of body thermal storage, positive or negative, 
which continue until the voluntary tolerance limit is reached. 
If there is no escape from these extreme conditions, or if one 
persists because of unusual motivation and in spite of intense 
thermal distress, the phenomena of hyper or hypothermic break- 
down, collapse, and bodily injury occur. Beyond these generali- 
zations the detail and pattern of events in heat and cold differ 
markedly. 

Of the transient zones the hyperthermic zone is of prime 
interest here. Up to a point, which will be defined later, the 
human body can withstand the rising internal temperature. Its 
regulatory mechanisms, including sweating and increased blood 
circulation strive to compensate for the unbalanced heat load, 
but ultimately fail so that performance decrement and physio- 
logical collapse ensue. 


BioTHERMAL ANALYsiIs SYsTEM 


Graphic displays of human response under thermal and ac- 
tivity loads, such as that shown in Fig. 1, while presenting a part 
of the picture, have a number of serious shortcomings. For 
example, the effects of radiant exchange and of clothing, other 
than those of the original experiments, cannot be calculated. 
Moreover, a more detailed treatment of the transient zones is 
necessary to formulate time-tolerance curves. 

The analysis system, reported by Blockley, et al.,* is based 
upon a long series of experimental studies and the appropriate 
heat-transfer formulations, both in terms of the physical environ- 
ment and body heat storage. The physiological and psychologi- 
cal condition of the man can then be expressed graphically by 
means of tolerance curves derived from correlation with heat 
storage. 

Environmental Variables. The group of environmental varia- 
bles can be combined into two quantities, namely, a reference 
operative temperature and an operative transfer coefficient, by a 
procedure which is outlined in Fig. Z. In the basic reference 
these steps are presented in detail, with computation aids in the 
form of charts and tables to simplify the procedure. An illus- 
trative example must suffice here: Given the conditions of cabin 
wall temperature 200 F, cabin air temperature 100 F, cabin alti- 
tude 8000 ft, air velocity over the man 200 fpm, vapor pressure 
0.6 in. Hg standard solar radiation load. 


Reference operative temperature = 149 F 
Operative transfer coefficient = 3 Btu/sq ft hr deg F 


These two quantities, together with the clothing insulation and 
skin temperature, provide the means for calculating the rate of 
heat flow to the body by radiation and convection. The total 
heat load is the sum of this inflow and the metabolic heat produc- 
tion of the body itself. Total heat load is linearly related to 
reference operative temperature as shown in Fig. 3. The rate of 
heat loss can be computed from a knowledge of the resistance to 
vapor diffusion of the clothing and surrounding air, the vapor 
pressures and temperatures existing in the air and at the skin, 


’“The Prediction of Human Tolerance for Heat in Aircraft: A 
Design Guide,” by W. V. Blockley, J. W. McCutchan, and C. L. 
Taylor, WADC Technical Report No. 53-346, Wright Air Develop- 
ment Center. 1954 
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DescrRiIPTIVE OUTLINE OF BIOTHERMAL SYSTEM 


may be used as a general body parameter for the prediction of 
tolerance limits. 

Body Heat-Storage Index. It has been found that exposures to 
widely varied thermal-stress conditions can be correlated on the 
basis of the rate of rise of body temperature. Use of the standard 
weighting factors, two thirds and one third for rectal and aver- 
age skin-surface temperature, respectively, appears to give a 
satisfactory approximation of the average body temperature. 
For exposures in which the heat stress is tolerable only for an 
hour or less, body temperature thus computed rises linearly with 
time after a brief initial adjustment period. When environments 
are compared, it is found that the rate of rise of body temperature 
is a linear function of reference operative temperature, all other 
conditions such as clothing, activity level, and so on, being equal. 
Rate of rise of body temperature is easily converted to a rate of 
heat storage by applying values for body mass, area, and specific 
heat; we prefer to term the resultant number a body heat-storage 
index, since it cannot be proved that the particular weighting 

factors used to obtain body temperature are precisely correct and 
valid for all transient-temperature changes. Fig. 3 shows the 
basic experimental relation of heat storage, calculated from body 
temperature rise, to reference operative temperature. In heat- 
balance calculations made for the collected UCLA experimental 
series, it also has been shown that heat storage computed by dif- 
ference from heat gain and loss terms agrees well with the stor- 
1 age index based on weighted body temperature.* 
2006 Mf The intercept on the zero storage line in Fig. 3 is 116 F which 
defines the lower limit of transient response, and the upper limit 
Fic. 3 Mason Heat-Excuance Terms Accorpinc TO REFERENCE of the compensable zone. 
OPERATIVE TEMPERATURE Time Limits of Tolerance and Performance. For heat-stress 
(Mean values for UCLA experimental series C through J shown by charac- conditions tolerable for up to 3 hr it has been found that in 
general the product of storage index and tolerance time is a con- 
and the diffusivity of water vapor in air for the particular pres- stant. By implication, then, it appears that the body can accept 
sure, altitude, and temperatures concerned. The difference be- 4 fixed quantity of heat beyond that associated with comfortable 
tween heat load and heat loss represents heat storage, which equilibrium conditions before reaching a state of incipient col- 
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lapse. For our experimental data, covering a range of tem- 
peratures and tolerance times from 140 to 250 F and from 1'/2 
hr to 20 min, respectively, the average value of this constant is 
28.4 Btu/sq ft. For application to the design of aircraft, we also 
have established a minimum value of 20.4 Btu/sq ft which per- 
tains to the least heat-resistant individuals among our experi- 
mental subjects. 
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{ In Fig. 4 these two values of the storage-time product are 
represented by curves labeled average and minimum tolerance 
The closeness of fit to the experimental 
data is apparent. The definition of the physiological state at 
the tolerance limit is as follows: (a) Presence of symptoms of 
heat exhaustion, such as, faintness, nausea, dyspnea, tingling in 
the extremities, mental distraction and confusion, compulsive 


_ restlessness; (b) heart rate in excess of 140 beats per minute. 


This tolerance limit thus has the meaning of a survival extreme, 
and for full recovery rapid cooling is required. The assumption 
of an initial state of thermal comfort is implicit in the statement 


of these tolerance times, and they are valid only for single iso- 


lated exposures. The effect of repeated exposure to heat stress, 
more frequent than once every other day, has not been inves- 
tigated. 

Upon reaching the tolerance end-point state, the subject’s 


_ ability to perform a complex psychomotor task, such as piloting 
an aircraft, is impaired, sometimes severely. 


The lower curve in Fig. 4 indicates the expected minimum 
duration of unimpaired performance, based on the subjects in 
the UCLA experiments who showed the earliest onset of deteriora- 
tion in their simulated instrument-flight task. These data 
covered the range f storage index from 24 to 85 Btu/sq ft hr and 
extrapolation to .ower storage rates, representing less severe 


stress conditions, is based on studies in the literature conducted 
- mainly in warm humid environments. 
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Grapuic SoLurioN or BioTHERMAL PROBLEMS 


It has been shown that body-heat storage constitutes a param- 
eter by which environmental influences can be correlated with 
human tolerance and performance limitations. The outline 
in Fig. 2 shows the nature of the interrelated variables, while 
reference’ gives, both mathematically and graphically, the calcu- 
lations. However, McCutchan‘ has reduced a large portion of 
this system to a graphic display for aircraft designers, and H. A. 
Mauch, of Wright Air Development Center, has further modified 
the display to permit the whole calculation to be made on a_ 
single chart. In this form it is now being incorporated in the 
Handbook of Instructions for Aircraft Designers. 

Method of Graphic Solution. The computation chart (Fig. 5) 
provides, in sections I-VI, a solution for the largest portion of the 
environmental influence in terms of a standard operative tem- 
perature, and a heat-transfer coefficient. Two additional condi- 
tions modify the effect; namely, clothing and low barometric 
pressure. Clothing affects the thermal state of man by delaying 
body-heat storage above 140 F of reference operative tempera- 
ture, and by augmenting it below this temperature. Low baro- 
metric pressure reduces heat transfer and increases vapor transfer 
through the clothing. Both result in reducing body-heat stor- 
age. These effects and their interactions are brought into the 
solution in sections VII and VIII, so that finally one enters 
section IX with a body heat-storage figure and from the applica- 
ble curve reads the minimum tolerance time or minimum perform- 
ance time. 

It will be noted that a compensable zone is provided in the por- 
tion of section IX below zero storage. Depending upon altitude 
this%one is bounded, for any clothing, in the reference operative, 
temperature range of 105 to 110 F. Experimentally, as pointed 
out previously, the zero storage line is determined at 116 F. 
However, there are uncertainties about its exact placement and 
the lower values given by the chart represent a factor of safety. 

Limits and Cautions in Applying Computation Chart. While — 
seven years of experimental study in the temperature range 120 
to 240 F form the basis of the biothermal prediction system, and 
all basic modes of variation have been measured, still many of 
the permutations and combinations have not been subjected to 
test. However, factors of safety have been built in by taking — 
the most conservative choices when necessary and the predic- 
tions should always err on the safe side. 

Some of the further limitations imposed by the conditions of 
the experimental background are as follows: 


1 Activity characteristic of light manual work, sitting, is the 
highest metabolic rate studied. 

2 Medically normal and healthy young men, aged 18 to 36, 
served as subjects. 

3 Interactions with other environmental and aviation stresses, 
such as noise, hypoxia, and G-forces, have not been investigated. 

4 All experiments were single exposures for a given day, and 
there are no certain means for predicting the effects of repeated 
exposures within the time range of minutes or hours. 

5 Comfort is not guaranteed; it is assumed that men will 
be willing to undergo discomfort, and, with objective attitude, 


accept the challenge of the calculated stress, a ee 


SUMMARY 
The physiological and biophysical basis of human response to 
high environmental temperatures is discussed, and the state of 
adaptation, whether compensated or noncompensated, has been 
graphically displayed. 
In the range of compensation, both comfort and noncomfort 
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Fic. 5 Computation or THERMAL TOLERANCE 


steady states are to be expected. Depending upon the clothing 
worn, and the conditions of altitude, humidity, etc., the upper 
margin of the compensable zone is about 110 F. 

The man-clothing-environment system has been analyzed by 


_use of biophysical heat-transfer formulations which take into ac- 


count experimentally determined body heat and temperature 
parameters. Chief among these is a heat-storage index which is 


calculable from the conditions of environment and clothing. 
Time-tolerance and time-performance relationships with the 
heat-storage index have been experimentally determined. 

A prediction chart has been prepared for the use of aircraft 
designers, which permits a rapid calculation of tolerance and per- 
formance times for a wide range of environment and clothing 
conditions. 
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Oronite High Temperature Hydraulic 
Fluids 8200 and 8515 


By N. W. FURBY,! R. L. PEELER,!' anv R. I. STIRTON? 


Aircraft hydraulic fluids and hydraulic fluid systems TABLE 1 RECOMMENDED CHARACTERISTICS OF HYDRAULIC 


have entered a new era. The advent of guided missiles 
and the fantastic increase in speed and operating altitude 
of aircraft make present requirements for fluids and sys- 
tems far more severe than was imagined 15 years ago. 
This paper presents data on two outstanding fluids de- 
veloped for use over a wide temperature range. These 
fluids, Oronite High Temperature Hydraulic Fluids 8200 
and 8515, have pushed top operating temperatures up- 
ward some 300 deg F without reducing performance at 
low temperatures. 


1 A good lubricant with presently available materials for bearings and 
sealing surfaces. 
2 High viscosity index; i.e., small change in viscosity over a wide 
temperature range (—70 to +500 F). 
3 Inert to presently used materials for hydraulic equipment, paint, 
metals, plastics, seal material, neutral. 
4 Viscosity to be compatible with present hydraulic fits and clearances. 
5 Stable with time and usage, high resistance to mechanical! shear, long 
service life. 
Nontoxic, both as a fluid and after decomposition. (Liquid or’vapor.) 
High bulk modulus. 
Ability to purge itself of air readily (low foaming). 
Low specific gravity. 
Low cost and high availability. 
Nonflammable to a reasonable degree. 
Low air absorption. 
High heat-transfer coefficient. 
Low vapor pressure and high boiling point, residual film to remain 
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Hypravu.ic Fiur RequirEMENTS 


Low coefficient of expansion with temperature. 
Good dielectric and insulation properties. 
Nonhydroseopic and low solubility in water. 
18 Compatible with present hydraulic fluids, up to at least 10 per cent 

dilution. 

19 High specific heat. 

20 Odorless or at least a pleasant odor. 

21 Viscosity change with pressure and velocity to be low. 

22 Clear, transparent liquid with a distinctive color. 


HE primary function of a hydraulic fluid is to transmit 

energy from an energy source to an energy-utilizing device. 

For this reason, hydraulic fluids are also called power- 
transmission fluids. The liquids used as hydraulic fluids are 
largely organic materials. Thus the specification requirements 
established for hydraulic fluids have been limited by the proper- 
ties of available organic liquids. 

Hydraulic fluids must have many 

of the same properties important 
for lubricating oils and other in- 
dustrial fluids. These include ade- 
quate viscosity at high tempera- 
ture, good low-temperature fluidity, 
good lubricity, oxidation stability, 
and compatibility with hydraulic- _ 
system components. These and 
additional requirements are 
cluded in the list of 22 properties — 
for ‘Recommended Characteristics 
of Hydraulic Fluids’’ (Table 1) re- 
cently furnished to ASTM by 
Vickers, Inc. Table 1 applies to 
hydraulic fluids in general. How- 


@ By Vickers, Inc. 
TABLE 2 TYPICAL COMPOSITION AND PROPERTIES OF MIL-0-5606 HYDRAULIC FLUID - 


Composition, Wt. % 


Highly Treated Light Gas Oil Fraction 
_ Highly Treated Heavy Gas Oil Fraction 
_ Viscosity Index Improver 
(Alkyl Methacrylate Polymer) 


0.1-0.5 


Oxidation Inhibitor 
1 ounce/100 gallons 


Red Dye 


Important Properties (Typical) 


Viscosity at -65°F, cs 
100°F 
400° F 


ever, hydraulic fluids are used in 
many specialized fields, and the 

relative importance of these prop- _ 
erties differs with the service. _ 
Thus Mr. Taplin of Vickers re- 


Pour Point, *F 


Evaporation 
Shear Stability 
Rubber Swelling 


rn 
cently furnished Technical 
tee “N’’ of ASTM Committee 
with comments on “Problems Re- 
lated to Hydraulic Fluids in Servomechanisms.”’ Properties in 
order of importance for servomechanisms were given as bulk 
modulus, lubricity, viscosity index, viscosity, specific gravity, 
foaming tendency, specific heat, and thermal conductivity. 


1 Richmond Laboratory, California Research Corporation, Rich- 
mond, Calif. 

2 Oronite Chemical Company, San Francisco, Calif. 

Contributed by the Aviation Division and presented at the Avia- 
tion Division Conference, Los Angeles, Calif., March 14-16, 1956, 
of Tue American Society or MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, 
January 23, 1956. Paper No. 56—AV-22. 
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Low Temperature Stability 
Oxidation and Corrosion Stability 


Aircraft hydraulic fluids generally are considered to comprise 
one class of fluid. But different types of aircraft may have dif- 
ferent fluid requirements. Establishing these requirements is a 
major problem at the beginning of a fluid development program. 
As the program proceeds, the data may indicate a revision of ob- 
jectives. The solution of these problems is greatly facilitated by 
co-operative activities, such as the SAE and ASTM committees. 

Performance requirements for aircraft fluids were relatively — 
mild in the early 1940’s. At that time the temperature maxi- 
mum was 160 F. Requirements were met satisfactorily by a 
readily available petroleum-base composition (Specification 
MIL-O-5606). Typical composition and important require- 
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Phase 1 


MIL-O- 5606 


Phase Il Phase III Fluid 


Viscosity at -65°F, 
-40°F, cp 
300°F, cp 
400°F, cp 

Vapor Pressure at 200°F, mm - 

Vapor Pressure at 300°F, mm 

Vapor Pressure at 400°F, mm - 

Pour Point, °F 

Appearance 

Odor 

Evaporation 

Low Temperature Stability 

Hydrolytic and Corrosion 

Stability 


cp 


Clear 


2500 max. 


3.5 min - - 


3.0 max. - - 
-75 max. 


Not nauseating or irritating 


2500 max. 1900 


2500 max. 


3.5 min. 3.5 min 


3.0 max. 
-75 max 
Clear 


3.0 max. 
-75 max. 
Clear 


Must meet detailed 
test requirements 


@ See reference, footnote 3. 
6 Typical properties. 
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VISCOSITY AT 210°F, cs 
Viscosity Inpex-Viscosiry RELATIONSHIP FOR SYNTHETIC 
FLuIps 
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ments of the 5606 fluid are shown in Table 2. About 25-million 
gallons of this specification fluid have been used in the past 15 
vears. 
During the late 1940’s, aircraft and missile designs clearly 
showed the need for fluids operable beyond the temperature 
range of 5606 fluid. The Air Force decided that there was not 
enough commercial incentive for the development of satisfactory 
fluids in time for use in prototype equipment. Hence the Air 
Force sponsored several research programs to search for new 
fluid base materials and to develop adequate hydraulic fluids, 
hydraulic pumps, and elastomers for use in the range of —65 to 
400 F. Property requirements for the fluids are shown in Table 3 
in comparison with the properties of a typical MIL-O-5606 fluid.* 
The more severe requirements are apparent, especially those of 
viscosity and volatility. The desired goal (Phase III) appeared 
so difficult to attain that the Air Force set up the two inter- 


* ‘Development of a High Temperature Aircraft Ilydraulic Fluid,” 
WADC Technical Report 54-191, December, 1954. 
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mediate goals (Phases I and II). California Research Corpora- 
tion undertook the fluid development aspect of this program. 

Early in this program it became apparent that only a very 
few organic liquids had the desired properties. Two of the 
most important properties of base materials for hydraulic fluids 
are viscosity index and volatility. Characteristics related to 
these properties for several organic fluids are shown in Figs. | 
and 2. The widely used synthetics, such as esters of dibasic 
acids and derivatives of polyglycols, do not meet the require- 
ments. Silicones have satisfactory physical properties but have 
poor steel-on-steel lubricity. The organic silicate esters, par- 
ticularly the disiloxanes, have excellent physical properties but 
had been rejected in earlier work because of poor hydrolytic 
stability. 
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An extensive program was carried out in synthesizing and test- 
ing many silicate compounds to obtain improved hydrolytic sta- 
bility and other properties. Relatively stable compounds were 
prepared, and oxidation and hydrolysis-inhibiting additives were 
discovered. A disiloxane was chosen for the base stock because 
its viscosity-temperature properties are markedly superior to 
those of an orthosilicate of the same viscosity, as shown in Fig. 1. 
The viscosity index was further increased by the use of a very ef- 
fective viscosity-index improver. The resulting fluid essentially 
met the Phase III properties. This fluid was designated MLO- 
8200 by Wright Air Development Center (WADC). A fluid of 
the same composition is now available commercially from the 
Ovroniie Chemical Company as Oronite High Temperature Hy- 
draulic Fluid 8200 

In test work with packings, the Air Force found that the 8200 
fluid did not cause sufficient swell in rubbers developed for use at 
400 F. The inclusion of 15 per cent diester increased swell to the 
desired range. A fluid designated 85/15 resulted and was recom- 
mended for use with available rubbers in the temperature range 
—65 to 400 F. A fluid of the same composition is now commer- 
cially available as Oronite High Temperature Hydraulic Fluid 
8515. The properties of Oronite Fluids 8200 and 8515 are listed 
in Tables 4 and 5. The 8200 fluid has better compatibility with 
available rubbers at 550 F than does the 8515 fluid. Therefore 
the 8200 fluid is recommended for operating temperatures above 
400 F. 

The important properties of the Oronite fluids are discussed 
separately in the following sections. 


PROFERTIES OF ORONITE FLUIDS 


Viscosity-Temperature Properties. Our experience has shown 
that viscosity is important in lubrication at high temperatures. 
The high viscosity of the Oronite fluids at high temperature mini- 
mizes lubrication failures due to excessively thin fluid films. 
In addition, system leakage and internal pump leakage are 
minimized, 

The viscosity-temperature relationships for these fluids are 
shown in Fig. 3. Typical MIL-O-5606 fluid tests and the re- 
quirements of Specification MIL-H-8446 (USAF)‘ are shown for 
comparison. Both Oronite fluids have viscosity-temperature 
slopes considerably better than the 5606 fluid and both comply 


‘Specification MIL-H-8446 (USAF) is for ‘‘Nonpetroleum Base 
Aircraft Hydraulic Fluid” and ‘‘covers the requirements for an air- 
craft hydraulic fluid for the temperature range of —65 to 400 F.”’ 
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with the viscosity requirements of the 8446 specification, as 
shown in Table 6. 

Shear Stability. Initial high viscosity at high temperatures and 
high viscosity index are without value if excessive viscosity loss 
occurs due to the shearing forces inherent in a hydraulic system, 
This quality is becoming more important as closer tolerances 
cause more severe shearing. The Oronite fluids have outstand- 
ing resistance to permanent shear breakdown, as shown in Fig. 4. 
Our data indicate that the breakdown obtained in approximately 
20 min in the sonic oscillator test® corresponds to that obtained 
in the MIL-O-5606 5000 cycle (Pesco gear pump) shear-stability 
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% RETENTION OF INITIAL VISCOSITY AT 100 °F 
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Fig. 4 Swear Stapiwity ror Oronite Hich Temperature Hy- 
DRAULIC Fivurps (Sonic 10,000 CycLes 


test. At this severity, the Oronite fluids lost less than 5 per 
cent of their original viscosity at 100 F, as compared to a 14 
per cent loss for the 5606 fluid. 

Vapor Pressure. Low pressures at high altitude and high 
operating temperatures can cause excessive evaporation of fluid 


5 ‘Determination of the Shear Stability of Non-Newtonian Fluids,” _ 


by N. D. Lawson, ASTM Special Technical Publication No. 182, _ ~3 
-@ 


Appendix, September, 1955. 


@ REQUIREMENT MAXIMUM OF SPECIFICATION MiL-H- 8446 
© REQUIREMENT MINIMUM ~* 


100 200 
TEMPERATURE, °F 


Fic. Kinematic Viscosiry Versus TEMPERATURE FOR OrontTe TEMPERA- 
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te TABLE 7 


HYDROLYTIC STABILITY AT 200 F 


MIL-H-8446 Test | 


| Specifi- 
cation 


8200 | 


| Fluid | 


8515 
Fluid 


cation 


o1l-F-21 Test 
Specifi- 


8200 
Fluid 


Copper Wt. change, mg/sq cm|+ 0.5 max 
Etching, pitting, corrosion ~ None 
Insolubles, % 

Viscosity change at 210°F, % 
Neutralization No. fluid 
Neutralization No. water 

' Color, ASTM 


-0.01 
None 
0.05) 

0.10 

0.03 


Nil 


-0.2 max. 


None | None 


0.04 | 
-1.2 
0. 10 
0. 10 


0 
0 
0 


.5 max 
to #25 


.5 max. 


max. 


TABLE 8 OXIDATION AND CORROSION STABILITY IN THE RANGE OF 250 TO 400 F 


8200 Fluid 


8515 Fluid | 


250 


| Temperature, °F 
168 


Time, Hours 

Metal Wt. change, mg/sq cm 
Aluminum 
1020 Steel 
Copper 
Magnesium Nil 
Cadmium Nil 
Silver - 


| -0.03 
-0.04 
Nil 


347 
72 


Nil 
Nil 
05 


Nil 


400 
72 


-0.02 
-0.02 
+0. 01 


-0. 04 


4 


350 
72 


+0.01 
+0. 02 
+0.05 


+0. 02 


400 
72 


-0.04 


| +0. 04) 


-0. 05) 


Beryllium-copper 
Viscosity Change at 210°F, % | 
Neutralization Number 
Insolubles 


0. 38 
None 


-0. 06 


- -0.04 - - 
| +8.0 

0.47 
| None | 


-28 
0. 56 
None 


+4.4 
0.58 | 
None | 


|-20 
0. 56 
None 


| 


° 


nN 


VAPOR PRESSURE, mm Hg 


400 450 500 550 600 


TEMPERATURE , °F 


Fic. 5 Vapor Pressure Versus TEMPERATURE FOR ORONITE 
TemMPeRATURE HypRavtic Fivuips 


350 650 700 750800 


from exposed surfaces, leading to “spiral’’ failure of O-rings. 
The low vapor pressures of the Oronite fluids (Fig. 5) reduce 
evaporation and pump cavitation under these conditions. Low 
vapor pressure also materially reduces fire hazard due to flam- 
mable vapors. At 400 F, the vapor pressure of the Oronite fluids 
is only 0.5 per cent that of 5606 fluid. 

Hydrolytic Stability. Water is often found in hydraulic systems 
of aircraft and in fluid-storage containers. Therefore the ef- 
fect of water on hydraulic fluids is of considerable importance, 


especially with silicate-ester-base fluids. Some of these esters 
have poor resistance to chemical breakdown in the presence of 
water. The finely divided, solid silica resulting from hydrolysis 
plugs orifices and filters and jams moving parts. Both of the 
Oronite fluids show essentially no insolubles formation, viscosity 
change, or corrosion of copper in the standard hydrolytic stability 
test (48 hr at 200 F, Specification MIL-H-8446 [USAF]). The 
8200 fluid showed excellent stability under the severe hydrolysis 
conditions of the oxidation and corrosion test of Specification 
51-F-21 (Ord). Thus, after 336 hr at 200 F in the presence of 
water and a large amount of copper catalyst, there was essentially 
no change in the fluid except for 6 per cent viscosity increase. 
The foregoing data are summarized in Table 7. 

Hydrolytic stability tests at WADC at 400 F in a pressure 
vessel showed that, as expected, all of the silicate and disiloxane 
fluids tested hydrolyzed severalfold more rapidly at 400 than at 
200 F. The significance of hydrolytic stability at 400 F as related 
to service is being studied. The trend toward providing sealed 
dry systems for high temperature hydraulic applications is very 
desirable. 

Oxidation and Corrosion Stability. The Oronite fluids have 
excellent oxidation stability and are noncorrosive to the metals of 
high temperature hydraulic systems. Table 8 summarizes tests 
over the range 250 to 400 F. These data show that both fluids 
are essentially inert to aluminum, 1020 steel, copper, and silver 
in oxidation and corrosion tests at temperatures as high as 400 F. 
No insoluble material or sludge is formed. Viscosity decreases 
in the tests at 400 F. However, the fluids remain usable because 
this effect is offset by the relatively high initial viscosities of the 
Oronite fluids. 

Thermal Stability. Thermal stability is one of the most im- 
portant properties of materials for high temperature use because 
it limits maximum operating temperatures. The Oronite fluids 
show excellent thermal stability. In one series of tests this 
property was measured by holding the fluid in a glass system 
with metal catalysts under an inert atmosphere at several test 


hed 
1033 
| 
Jone 
4 
| | Nil | 

2 
SSS SS SSE 
0. 
300 
= 


TRANSACTIONS OF THE ASME 


7 TABLE 9 THERMAL STABILITY IN THE RANGE OF 400 TO 700 F 


8200 Fluid 


Temperature, °F 600 
Time, Hours 1 
Viscosity change at 100°F, % -16 
Viscosity change at 210°F,% -16 
Neutralization No. Increase Nil 
Evaporation, % 0.4 
Insolubles None 
Metal Wt. change, mg/sq cm 

Aluminum 

Iron 


Nil 
0.4 
None None 
+0.01/) 
+0.01 
+0.01 


Nil 
Nil 
+0.01 


TABLE 10 EFFECT ON RUBBER 


8200 Fluid 

Volume] Hardness Change,| Volume 

Change, Durometer Change, 
To Numbers 


8515 Fluid 
Hardness Change, 
Durometer 
Numbers 


158°F, 168 Hours 


MIL-P-55J6 type] -5. 
Rubber H -0. 
Rubber Ly +1. 
Rubber R -6. 
Parco 351-70 -4, 
Parco 363-70 +2. 
Linear KCX-70X +2. 


250°F, 70 Hours 


=i 


i commercial compound used with MIL-O-5606 fluid. 
3Standard unplasticized Buna N stock for diester fluids. 


Rubber L +4. 
Rubber R +6. -1 
Parco 351-70 “2.8. 4 +2 
Parco 363-70 +4.7 -1 
Linear KCX-70X +5.3 +3 


+22. 
+11. 
+16. 
+23. 


temperatures. At the end of the test period the fluid was in- 
spected for property changes. Data for the 8200 and 5606 fluids 
are given in Table 9. These data show no significant change in 
the 8200 fluid below 550 F for test periods of 1 hr. No corro- 
sion of the metal catalysts was noted at 600 F. By comparison, 
the viscosity of 5606 fluid was reduced by 20 per cent after 1 hr 
at 500 F. The viscosity of the 8200 fluid decreased in the tests 
above 550 F. Again, the final viscosity of the 8200 fluid is rela- 
tively high because of its high initial viscosity. 

Effect on Rubber. Rubber-swell data are summarized in 
Table 10. The 8515 fluid swells and softens rubbers more than 
does the 8200 fluid. The amount of swelling desirable for rubbers 
is controversial, although the limit for Specification MIL-H-8446 
is 25 + 5 per cent swell of either Rubber L or Rubber R in the 
250 F test. 

Q-rings made from Parco Compound 363-70 were used success- 
fully with the 8200 fluid in pump tests at 400 F. The other 
commercial rubber compounds shown in Table 10 are available 
for use with silicate ester-type fluids. 

A few immersion tests at 400 F were performed. The results 
were variable, depending upon test conditions. The presence of 
air had a marked effect, probably because of oxidation of both 
rubber and fluid. Further study is needed of the variables in- 
volved in high temperature immersion tests. 


Effect on Paints, Plastics, and Electrical Insulation. Spillage 


Standard unplasticized Buna N stock for MIL-O-5606 fluid. 
Standard unplasticized Neoprene WRT stock for silicate ester fluids. 


and leakage of hydraulic fluid in airplanes are practically unavoida- 
ble. Therefore the effect of fluids on paints, plastics, and elec- 
trical insulation is important. Some types of organic esters have 
a high solvent power for these materials of construction. Nota- 
ble examples are found among diesters and phosphate esters. 
Silicate esters have a relatively mild effect on paints and elec- 
trical insulation. 

There is no standardized test for the effect of hydraulic fluids 
on these substances, but data are being obtained by immersion 
of typical painted surfaces, plastics, and electrical insulations in 
the Oronite fluids. 

Compatibility. Compatibility of new fluids with 5606 fluid is 
necessary because of the widespread use of this specification prod- 
uct. Inadvertent mixing of new fluids with 5606 fluid is apt to 
occur. Also, it is desirable in some instances merely to flush a 
system with the new fluid when 5606 fluid is to be replaced. If 
the fluids are not compatible, precipitation or separation of in- 
solubles may occur. The separated material usually consists of 
concentrated viscosity-index improver. This gummy material 
plugs lines and causes trouble in many parts of the system 

Oronite 8200 and 8515 fluids have good compatibility with 
5606 fluid. Blends of 10, 50, and 90 per cent concentration of 
each Oronite fluid in 5606 fluid were prepared and stored at 
—65 F for 1 week. In no case was there any precipitation or 
separation of insolubles or gummy material. A light cloudiness 
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for nearly 3 years with no harmful effects. 


TABLE 11 


SPECIFIC HEAT AND THERMAL CONDUCTIVITY AT 86 F 


8200 Fluid 


Thermal Conductivity, Btu/hr, 
sq ft, °F/ft 


Specific Heat, Btu/lb, °F 0. 47 


8515 Fluid | MIL-O-5606 Fluid | 
| 


0.47 


0.090 


*Estimated from ''Thermal Properties of Petroleum Products,’ Bureau 
of Standards Miscellaneous Publication No. 97. 


was evident, similar to that for 100 per cent 5606 fluid under the 
same conditions. At room temperature, all of the blends were 
clear. 

Foaming. The Oronite fluids foam more readily than 5606 
fluid. A larger volume of foam is formed which requires a 
longer time to disappear. Experience has shown that foaming 
is not a problem in properly designed systems. In particular, 
discharge into the sump should be below the liquid level. In 
completely closed systems foaming cannot occur. 

Density. The density of hydraulic fluid determines the 
weight of fluid which must be carried. Also, density is important 
in hydrodynamic ram effects. The densities of the Oronite fluids 
(Fig. 6) are about halfway between the densities of 5606 fluid and 
water. 
than the phosphate-ester and water-base hydraulic fluids used in 
aircraft. 

Compressiiility. The compressibility of hydraulic fluid influ- 
ences static rigidity of the system and the time-lag in transmis- 
sion of fluid-pressure changes. Low compressibility (high bulk 
modulus) is desired. Bulk modulus of the Oronite fluids is ap- 
proximately 5 per cent lower than for 5606 fluid as shown in 
Fig. 7. 

Specific Heat and Thermal Conductivity. Removal of heat from 
the hydraulic systems of supersonic aircraft is a serious problem. 
Fluids having high specific heat and high thermal conductivity 
_ permit smaller heat exchangers. As compared to 5606 fluid, the 
Oronite fluids have about the same specific heat and approxi- 
mately 15 per cent higher thermal conductivity. 
at 86 F are given in Table 11. 

Toxicity. Toxicity tests of alkyl-silicate esters have shown 
these compounds to be relatively harmless. Quantitative toxic- 
ity tests of the Oronite fluids have not been performed. 
ever, these fluids have been handled without special precautions 
No skin irritation or 
_ respiratory effect has appeared during this time. The low vapor 
pressures of the Oronite fluids result in low concentrations of fluid 
in the air of confined spaces and reduce the possibility of inhala- 
tion of significant amounts of fluid vapors. 


How- 


Performance in Pumps and Hydraulic Systems. Over 20 pump 
tests were performed on silicate-ester fluids during the develop- 
ment program at California Research Corporation. Excellent 
pump performance at 160 F was obtained employing regular air- 
craft pumps. Attempts to operate these pumps at 400 F were 
not successful because of mechanical factors, notably dimen- 
sional instability. Finally, a conventional pump was reworked 
to improve dimensional stability above 160 F. Employing 8200 
’ fluid, this pump performed satisfactorily in runs of 20 hr each at 
250, 300, 350, and 400 F. The 400 F test was terminated by 
loss of the fluid at a defective hose connection with resultant 
pump damage. _ 

Pumps designed for use at high temperatures are only now 
becoming commercially available. These will permit further 
evaluation of fluid performance by reducing failures due solely 
to mechanical factors. 


However, the Oronite fluids are considerably less dense | 
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Cost and Availability. Currently developmental quantities 
of 8200 and 8515 fluids are available. Six to eight weeks’ notice 
is required for quantities larger than 100 gal. The availability 
will be improved when volume requirements warrant full-scale 
commercial production. 

The current price for the 8200 fluid is $35 a gallon and for the 
8515 fluid, $30 a gallon. These prices reflect the high manufac- 
turing costs of pilot-scale production. Significant price reduc- 
tions already have been made. Further reductions, even for 
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pilot-scale production, will be made when warranted by addi- 
tional experience. 

Future Developments. The numerous and difficult problems in 
the development of complete high temperature hydraulic sys- 
tems are industry-wide. All materials of the system, including 
hydraulic fluid, rubbers, plastics, and metals, must be mutually 
compatible. The choice of elastomers and the design of seals, 
heat exchangers, and other components depend upon the type of 
fluid used. The establishment of a fluid specification, based on 
available fluids, and its acceptance by the industry will facilitate 
design of other parts of the hydraulic system. Also, choosing 
the type of fluid will permit the industry to obtain the extensive 
fluid-property and performance data on which to base fluid im- 
provement. It is hoped that Specification MIL-H-8446 (USAF), 
recently issued, will serve these purposes. 


CONCLUSION 

Oronite High Temperature Hydraulic Fluids 8200 and 8515 are 
outstanding in the following properties important for operation 
of high-speed aircraft and guided missiles: Viscosity at high tem- 
peratures, viscosity index, shear stability, volatility, oxidation and 
corrosion stability, thermal stability. 

Hydrolytic stability of the Oronite fluids is excellent as com- 
pared to many silicate-ester-base fluids and lubricants. Com- 
patibility with 5606 fluid is good, and rubber compounds which ap- 
pear satisfactory are available. Data on performance in pumps at 
high temperatures indicate satisfactory performance in pumps 
designed for these temperatures. Foaming is greater than for 
5606 fluid, but this does not appear to be a problem in well-de- 
signed systems. 


Oronite High Temperature Hydraulic Fluids 8200 and 8515. 


are now available commercially. It is believed that they will 
provide exceptional service over a wide temperature range and 
will contribute to the success of supersonic flight. 


Discussion 


G. R. Kevver.* In the past several years three series of high- 
temperature hydraulic fluids have been made available on the 
market. One of these series comprises Oronite fluids 8200 and 
8515. These fluids were developed on a research contract with 
WADC in accordance with specifications which were established 
a number of years ago. 

In establishing specifications for a high temperature hydraulic 
fluid prior to the design of the systems for which the fluid is in- 
tended, certain assumptions had to be made. Later information 
caused some of these assumptions to be questioned; however, it 
is clear that the persons who established the original requirements 
did a very excellent job of guessing future trends. 

Experience gained in the design of high temperature hydraulic 
systems has indicated that some of the properties which originally 
appeared important actually were of less significance and others 
which had previously been assumed to be trivial became items of 
vonsiderable concern. 

Early in the design of high temperature hydraulic systems it 
became obvious that an entirely closed system would be required 
to minimize tendencies toward oxidation of the hydraulic fluid. 
The closing of the system made it very easy to design systems 
having pressurized pump inlets. A review of the areas in which 
lubricity of the fluid is critical shows that most of the problems are 
related to pumping. Another item on which the thinking of the 
hydraulic designer has changed is the concept of self-ignition tem- 
perature of the fluid. It has been surprisingly easy to show that 
the ASTM testing methods for self-ignition temperatures yield 


*G. R. Keller, Autonetics, Division of North American Aviation, 
Inc., Bellflower, Calif. 
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values which are quite misleading. Simple heating of bulk oil has 
initiated burning at oil and ambient temperatures well below the 
ASTM self-ignition temperature of each of the silicate hydraulic 
fluids. 

Information on these discoveries has been fed back regularly to 
the fluid manufacturers and is being used to modify the fluid de- 
sign. It has become quite apparent, for instance, that the thermal 
stability of a fluid which is to be used in a high temperature system 
is of more importance than oxidative stability. The absence of 
any opportunities to build up a hydrodynamic wedge in a pump 
cylinder renders the importance of high viscosity at high tem- 
perature to be related only to pump efficiency and not to lubricity. 
It appears that the lubricating ability of the fluid under the 
boundary or thin film conditions is of greater importance than high 
viscosity. Certainly it has been demonstrated time and again 
that hydraulic fluids having viscosities of less than one centistoke 
can be pumped successfully and efficiently. The use of closed 
systems and the pressurization of the pump inlet has minimized 
the effect of high vapor pressure. Conceivably, even fluids having 
vapor pressures in the order of several atmospheres at 400 F could 
be used with the systems and components now available. 

A great deal has been said and written on the subject of hy- 
drolytic stability of high temperature hydraulic fluids. It is very 
easy to demonstrate that when water is added to a working hy- 
draulic system which uses a silicate-ester fluid there is a point 
at which the shearing effect of the pump will develop siliceous 
gels. These gels contaminate the system and clog the filters. 
The question as to the seriousness of this effect hinges entirely 
on the type of treatment these systems will get in service. It has, 
however, been shown that silicate-ester systems can be operated 


‘in the open during extremely rainy weather without any serious 


contamination from water. Ground equipment can be designed 
to protect the hydraulic fluid from the effect of rain and atmos- 
pheric water vapor. There is no question but that any systems 
which use fluids which are susceptible to hydrolysis will have to be 
handled much more carefully than systems which use petroleum 
oil. Whether this is an unsurmountable difficulty or merely a 
sticky design problem remains to be seen. 

The designers of these hydraulic fluids are to be congratulated 
for producing fluids which, even though they have some draw- 
backs, appear to be useful, workable, hydraulic fluids. As re- 
cently as three years ago it did not appear conceivable that we 
would today have as many as three competitive high temperature 
hydraulic fluids. The great advances that have been made in high 
temperature hydraulic technology in recent years have been due, 
in no small measure, to the efforts of the chemists who developed 
these synthetic oils. 


P.S. KLteven.? These observations are from the viewpoint of 
an airframe designer. The Oronite 8515 fluid is being used for all 
hydraulic systems, totaling about 200 HP, in the B-58 supersonic 
bomber designed at the Fort Worth Division of Convair. This is 
a piloted long-range aircraft in which it is expected hydraulic sys- 
tems may operate at sustained temperature of 350 F hydraulic 
fluid temperature. It is also significant that the temperature- 
range requirement extends to minus 65 F. 

This paper notes that hydraulic systems and fluids have entered 
a new era. This is true beyond the mere necessity of new materials 
doing the old job under new conditions. The first and most press- 
ing problem, upon being confronted with high temperatures, has 
been to simply obtain system survival. The objective should 
then be extended to provide characteristics of high quality. 

For high temperature, fluid properties acquire changed relative 


7 Design Group Engineer, Convair, Division of General Dynamics 
Corporation, Fort Worth, Texas. 
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Fluid development should follow lines of appro- 


High temperatures are generally associated with high-speed 

supersonic flight. In this flight range full power (not boost) hy- 

-draulie flight control is the rule and typically comprises the princi- 

_ pal hydraulic load. High temperature therefore usually includes 
_ flight control problems as inherently simultaneous. 


\ High over-all stiffness is very important for servo actuation. 


‘High temperature materially decreases bulk modulus. 
Foaming can be of concern as it would also reduce effective bulk 
System design for self-purging can, however, readily 
minimize this problem. 

Full-power flight control means that safety is entirely dependent 
upon continuous hydraulic function. Reliability is therefore 
more vital than ever. Again, however, greater stringency of de- 


mand is accompanied by conditions tending to have adverse 


effects. Several properties, such as materials compatibility and 
lubricity, can be involved here. Presuming reasonable initial 
properties enabling feasible equipment design, deterioration due 
to shear and temperature breakdown may be dominant. Although 
accepted practices of eliminating air by use of an entirely closed 
svstem and by inert-gas charging of connected pneumatic serv- 
ices are of considerable aid, air to cause oxidation is still intro- 
duced in initial solution and by maintenance exposure. 

Hydraulics for flight controls require a large air-borne fluid con- 
tent. Fluid density therefore controls appreciable weight. Ther- 
mal expansion rate, its effect amplified by extended temperature 
range, governs weight for contraction reserve and expansion space. 
Piston separator airless reservoirs for high temperature are of 
much heavier construction than conventional ordinary tempera- 
ture designs. 

High temperatures are associated with heat-disposal problems. 
The rate of heat generation either establishes temperature level or 
the extent of cooling apparatus. 

Pump losses represent a major heat source. Viscosity and bulk 
modulus are significant influences, both of which are degraded by 
elevated temperature. 

Flight controls ordinarily utilize underlapped control valves 
and heat resistant actuator piston rings. Since these are sized 

for high power, appreciable heat results from the incident leak- 
ages. Viscosity affects this leakage. 

Hydraulic actuation takes place at low thermodynamic ef- 
ficiency. Compressibility here determines heating. 

Temperature rise for any heat rate and flow is a direct function 
of specific heat. The total effect must of course also take account 
of density. 

With multiplication factors for rework and maintenance loss, 

‘fluid cost for system charging is high. A secondary effect of high 
cost is that development testing can be expected to suffer con- 


_ striction when the large number of equipment suppliers involved 


in any project is considered. 
This paper discusses two types of fluids. It is believed that the 


- 8515 will eventually be displaced by the better viscosity 8200 
ze improved packing materials become available. 


Oronite 
8515 is in use by Convair principally because of the necessity for 


imparting —65 F capability to existing synthetic rubber. 


D. H. Moreton.’ The authors are to be congratulated on an 
excellent presentation of their development program for the 
military high-temperature hydraulic fluids. We have no specific 
experience with their fluids but we are in general agreement with 


_ their comment on fluid requirements for high temperature hy- 
draulic systems. 


Several statements made, we feel, could stand 


_ some amplification, however. In their discussion of vapor pres- 


sure, t the statement was made that too high a vapor pressure in 


SDouglas Aircraft Company, Inc., Santa Monica, Calif. 
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the fluid can lead to evaporation from exposed surfaces and to 
spiral failure of ‘“O’’ rings. While we heartily agree that low 
vapor pressure is a very desirable and necessary characteristic, 
and agree further that cases have been found where spiral failure 
of “O”’ rings could be induced by the evaporation of fluid from 
exposed rods, the thought should not be left that spiral failure 
always occurs from this cause. Spiral failure has been found 
many times under conditions of fully flooded lubrication and, un- 
fortunately, a practical solution to its elimination is still un- 
available. 

Under the subject of hydrolytic stability a statement is made 
that some of the silicate esters have poor resistance to chemical 
breakdown in the presence of water and that the result of this 
can be finely divided solid silica which will plug orifices and filters 
and jam moving parts. Our experience would lead us to agree 
fully that this type of ester is sensitive in this regard and as a 
practical matter so little difference exists between any of the 
fluids which we have observed so far, that it becomes almost im- 
perative that water be kept out of such systems. For that mat- 
ter, water has never been an acceptable contaminant with any 
hydraulic fluids and invariably results in rusting and general cor- 
rosion damage to delicate components. We cannot agree with the 
authors that solid silica results from this hydrolysis. The results 
which we have observed would classify the breakdown product as 
a soft gelatinous jell-like material which would require almost 
complete pyrolysis to result in a truly solid particle. While a 
chemical defense of the authors’ description might be established, 
the inference of a hard abrasive particle which we believe is left 
by this description is an incorrect one as far as our results show. 
We have observed the plugging of filters due to this jell-like ma- 
terial. It would be difficult to conceive of it jamming a compo- 
nent where any reasonably large forces were involved. We are in 
complete concurrence that the important point is to keep the 
water out. Due to its extremely high vapor pressure at tem- 
peratures in the 400 F range, any appreciable quantity of water 
could lead to system malfunction regardless of fluid decomposition 
effects. 

As a final point, we believe a word of caution is in order on 
viscosities. Here is a characteristic of hydraulic fluids where a 
compromise must be considered as higher temperatures are en- 
countered. Unfortunately, in the pumping of these fluids at high 
pressures, considerable shear force is unavoidable. The results of 
high shearing force on fluids are heat. The higher the viscosity 
the more heat is generated and the more work has to be per- 
formed. Since heat is the thing we are trying to dissipate, it seems 
logical to attempt to minimize the generation of it. This can be 
achieved by using as low a viscosity as the system will permit 
from the standpoint of fluid-film lubrication and internal leakage. 
This compromise should always be considered. To strive for high 
viscosities alone as a method of minimizing leakage and accom- 
plishing fluid-film lubrication beyond that which is absolutely 
necessary is merely an invitation to perform more work at the 
pump in order to get the same amount of work out of | the slave 


unit. 
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Avutuors’ CLOSURE 


The three discussers represent extensive experience in their 
fields and we appreciate their comments. 

We certainly agree with Mr. Keller that it is necessary 
ify fluid requirements as experience is gained with new fluids 


to mod- 


and equipment. His recommendation of sealing the system for 
optimum performance at high temperature is highly desirable. 
The thermal stability of silicate-base fluids is superior to the oxi- 
dative and hydrolytic stabilities. If air and water can be ex- 
cluded, the maximum operating temperature can be raised by at 
least 150 F. 
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Although there is no hydrodynamic wedge in piston lubrication, 
there is, nevertheless, a hydrodynamic component. Approach of 
the piston to the cylinder wall requires displacement of the hy- 
draulic fluid. This displacement is resisted by both the inertia and 
viscosity of the fluid. The lubrication and wear of pistons and 
cylinders have been investigated in internal-combustion engines.* 
Wear is in general inversely proportional to kinematic viscosity. 
Below a viscosity threshold, wear increases even more rapidly as 
viscosity decreases. 

Mr. Kleven’s comments on the fluid and system properties 
affecting high temperature operation are very interesting. The 
importance of heat rejection to the fluid and the many sources of 
this heating are clear. We also believe that use of the 8200 fluid is 
preferable if compatibility with seals is not critical. 

We agree with Mr. Moreton that evaporation from actuator 
rods is not the only cause of spiral O-ring failure. 

Hydrolysis of silicate-base hydraulic fluids can lead to a variety 
of products, depending to a considerable extent on the amount of 
water present. Either polysiloxane ‘‘gels’’ or hydrated silica may 
be formed. The latter, an effective grease thickener, may not ap- 
pear as the familiar white powder but can form gels. 

The effect of viscosity on the performance of hydraulic systems 
is an extremely important subject, although there is some con- 
fusion as to the role played by viscosity in system operation. 
Consider three major items where viscosity is important: 
| Leakage or “slip’’ is inversely proportional to viscosity. 

2 Drag on moving parts is directly proportional to viscosity. 

3 Flow losses are dependent on system design and Reynolds 
number, 

Wilson" has derived equations for the leakage and power loss 
between parallel plates of width 6, length 1, separation A, and 
velocity V under a pressure differential Ap. Assuming the fluid 
to have constant viscosity u, the equations are 


(Ap 


12ul 


Slipfow 


(Ap)*bh? 
Power loss = — 


12ul h 
For a piston pump of n cylinders of bore D, stroke L, diametral 


* “Motor Oils and Engine Lubrication,’’ by C. W. Georgi, Reinhold 
Publishing Corporation, New York, N. Y., 1950, p. 375. 

i0 “Clearance Design in Hydraulic Pumps and Motors,”’ by W. E. 
Wilson, Machine Design, vol. 26, October, 1954, pp. 249-256. 

\!**Rotary-Pump Theory,”’ by W. E. Wilson, Trans. ASME, vol. 


68, 1946, pp. 371-384. 
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clearance d, rotating at 30w/m rpm, these equations become 


Slip flow wal® Q, = 


n( Ap Dd* 
192ul 


n( Dd? 
4d 


P, = 
192ul 


Power loss 


Thus, the slip flow varies inversely with viscosity, as does the 
power loss in parts that are largely stationary or slow moving. 
In pumps, in addition, drag affects power loss. At high tem- 
perature, where heat rejection and performance are critical, the 
importance of the slip heating of the fluid relative to the drag 
heating increases because of reduced fluid viscosity. For feasible 
pump parameters, slip heating becomes of major importance. 
Further reduction of pump clearance to reduce heat rejection is 
limited by the adverse effect on an already critical lubrication 
problem. Therefore, a decrease in fluid viscosity reduces pump 
delivery and increases slip heating. As the displacement of the 
pump must be increased to offset the increased leakage, adding 
further to the heat generated, the low viscosity fluid is penalized 
twice. 

Consideration of the effect of the viscosity-temperature coeffi- 
cient on slip flow™'* shows that a low viscosity-temperature co- 
efficient (high viscosity index) is desirable. A fluid with a low 
coefficient does not lose viscosity excessively while being heated 
by flow through the slip passages, and as a result maintains a 
high resistance to leakage. 

At high temperatures, flow in high-performance, aviation hy- 
draulic systems is in a region of high Reynolds number. Investi- 
gation! of flow in this region in straight tubing showed the fric- 
tion factor f to be inversely proportional to the fourth root of 
Reynolds number. Expansion and contraction factors are inde- 
pendent of Reynolds number, while fitting factors are only slightly 
dependent on Reynolds number. 

Therefore, considering all major effects at high temperatures, 
heat rejected to the fluid decreases as the viscosity of the fluid in- 
creases. As heat rejection is one of the critical problems of these 
hydraulic systems, use of the fluid with the highest viscosity at 
high temperature offers real advantages in systems design and 
operation. 


'2 ‘Design of Optimum Clearances in Positive-Displacement Pumps 
and Motors,’’ by W. E. Wilson, Trans. ASME, vol. 78, January, 1956, 
pp. 117-122. 

'3““Investigation of the Fundamental Characteristics of High Per- 
formance Hydraulic Systems,’”’ by J. E. Campbell, USAF Technical 
Report No. 5997, 1950, p. 87. 
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Flowmeter for In-Flight Refueling 


TAYLOR,' WEST LYNN 


By C. F. 


A new mass flowmeter for in-flight refueling of jet air- 
craft is described. This flowmeter incorporates very large 
capacity in a compact rugged unit of unusually high ac- 
Other features are lightweight, low pressure drop, 

no rotating fluid seals, and fast response to sudden changes 
in fuel flow rate. 
angular momentum principle to obtain a mechanical 


curacy. 
This has been achieved by applying the 
torque that is linearly proportional to mass rate of flow. 


INTRODUCTION 


PP NHE angular momentum-type mass flowmeter? is fast be- 
coming a standard in the measurement of fuel flow to 
the engines of jet aircraft. It isa major contribution to the 

art in recent years and has almost unlimited applications. In 

; _ answe r to recent demands in air-to-air refueling, a new, large- 

_ capacity (600,000 Ib per hr) flowmeter of this type has been de- 

At rated flow, which exceeds that of a powerful fire- 

- engine pump, a tank car would be emptied in about 7 min. 

i Nevertheless, the application requires a compact, rugged unit of 


ve sloped. 


low pressure drop and unusually high accuracy. Only the most 
reliable apparatus can be tolerated in in-flight refueling systems. 
_ In prolonged flight and long-range missions of modern jet air- 
_eraft, in-flight refueling is mandatory. Considerable emphasis 
_is placed on efficiency, economy, and speedy completion of the re- 
fueling cycle. Continuous and precise indication of total pounds 
_of fuel transferred and mass flow rate are required. These objec- 
tives can be realized through a measurement system comprising a 
_ flowmeter transmitter, an indicator, and associated equipment 
such as an amplifier and a power supply. Described in this paper 
a a flowmeter transmitter shown in Fig. 1 that is capable of 
meeting the stringent requirements imposed on the in-flight re- 
_ fueling operation. 


DEVICES FOR MEASURING FUEL TRANSFERRED 


Fuel transferred can be measured by the existing quantity 

gages on the receiver aircraft. A serious handicap is faced in this 
. approach, however, because attitude variations of the plane and 
fast transients make it exceedingly difficult to secure instanta- 
neous indication to the required precision, Special equipment is 
necessary to measure flow rate in addition to that required to re- 
lay information to the tanker plane under radio blackout con- 
ditions. 

Flowmeter transmitters that provide signals not primarily pro- 
portional to mass flow rate, such as those of the positive-displace- 
ment and venturi types, are at serious disadvantage. Fuel- 
‘quantity gages in modern aircraft are calibrated in mass (pounds) 
rather than in volumetric units. Consequently the signal from 
flowmeters of these types must be compensated automatically or 


1 Advance Engineer, Inertial Guidance Systems, Instrument De- 
partment, General Electric Company. 

?‘*Fuel Mass Flowmeter Meets Needs of Aircraft Operation,”’ by 
R. F. Buckley and H. T. Wrobel, Aviation Age, December, 1953, 
136. 

Contributed by the Aviation Committee of the Instruments and 
‘Regulators Division and presented at the Aviation Division Confer- 

ence, March 14-16, 1956, of Toe AMERICAN SocreTy oF MECHANICAL 
_ ENGINEERS. 
_ Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, 
January 19, 1956. Paper No. 56—AV-20. 
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Fic. 1 Mass Frowmeter ror Rerve ine 
corrective calculations must be made. This requires auxiliary 
equipment including fragile densitometric-sensing elements. In 
addition to such auxiliary equipment, emergency bypass valves 
are often needed to maintain flow under certain conditions of mal- 
function. 

The angular momentum-type flowmeter provides a signal that 
is linearly proportional to mass flow rate. No auxiliary com- 
pensating equipment is required, pressure drop is low, and no 
damage is incurred by overloads well in excess of rated capacity. 


PRINCIPLE OF OPERATION® 


The principle of operation is that of adding a constant angular 
momentum to each unit mass of fuel and then obtaining a me- 
chanical torque proportional to mass rate of flow by recovering 
this angular momentum. This torque is converted to mechani- 
cal displacement from which an electrical signal is derived. 


FLUID PASSAGE 


CONSTANT- SPEED MOTOR ANNULAR SPACE 


Fic. 2 DRAWING SHOWING OPERATING PRINCIPLE OF 


Mass FLOWMETER 


ScHEMATIC 


The flow-sensing elements are two similar rotors placed coaxially 
end to end with small axial spacing, Fig. 2. Each rotor comprises 
a pair of concentric cylinders with radial vanes dividing the an- 
nular space between them into a number of identical flow pas- 
sages. These rotors are enclosed in a common cylindrical hous- 
ing with which the radial clearances are small enough to prevent 
appreciable fuel flow around the rotors. The upstream and 


3“The Momentum Principal Measures Mass Rate of Flow,”’ by 
V. A. Orlando and F. B. Jennings, Trans. ASME, vol. 76, 1954, p. 961. 


NYY | 
well, 
| 
| 
| 


downstream rotors are referred to as “impeller” and “‘turbine,”’ 
respectively. 

The impeller is driven at a constant speed to impart to each 
unit mass of fuel a constant angular momentum independently of 
fuel density, viscosity, and flowrate. During a unit time interval 
the total angular momentum delivered to the fuel is, therefore, 
proportional to the mass rate of flow. 

The turbine, by recovering this angular momentum from the 
fuel, experiences a mechanical torque that is accurately propor- 
tional to the mass rate of flow in accordance with Newton’s law— 
torque equals time rate of change of angular momentum. The 
turbine is restrained by a spring to deflect through an angle pro- 
portional to torque. This deflection is repeated through a mag- 
netic coupling in a hermetically sealed linear transducer which 
converts deflection to proportional output-signal voltage. 


MECHANICAL DesiIGN 


Particularly close attention to the mechanical design of ele- 
ments in the flow passage is necessary to meet requirements of 
small size and large flow capacity. Vibrations and stresses 
caused by fluid turbulence and viscosity have to be reduced by 
careful streamlining. As shown in Fig. 3, contours of the flow 
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passage ure smooth with no abrupt changes in direction or cross- 
sectionai area. The inner mechanisms are supported on struts of 
thin-blade design to present the least possible obstruction to fuel 
flow. These precautions in design of the flow passage not only 
minimize vibrations and stresses but also reduce substantially 
the pressure drop across the flowmeter. 

The impeller is driven by a three-phase synchronous motor of 
which the stator is hermetically sealed and the rotor is a perma- 
nent magnet. Power required of this motor is reduced by impart- 
ing to the fluid, before it enters the impeller, a component of 
velocity in the direction of impeller rotation. This is accom- 
plished at the inlet housing by disposing the thin supporting 
struts angularly to the axis of the flowmeter. By taking ad- 
vantage of mechanical energy in the fuel, a compact and light- 
weight meter is achieved with substantial gain in performance re- 
sulting from high impeller speed. 

The turbine is supported by graphite sleeve bearings and 
stainless-steel pivots to maintain accurate radial alignment with 
low friction. Performance of these bearings is not affected by 
normal fuel contamination nor mechanical shock and vibrations 
expected in operation. End-thrust loading on the turbine is 
transmitted directly to the case by the novel suspension-spring 
element shown in Fig. 4. This construction permits no axial 
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freedom of motion and not only insures precise axial alignment of 
the turbine but also eliminates end-thrust bearings and their as- 
sociated friction errors and wear. Notwithstanding unusually 
severe end-thrust loading caused by viscous drag forces at high 
flow rates, exceptionally good calibration accuracy and stability 
are realized. 


ELEcTRICAL DEsIGN 


The electrical wiring diagram is shown in Fig. 5. All compo- 
nents are contained within the flowmeter and are sealed from the 
fuel. The system for generating and calibrating the flowmeter- 
output signal is energized from the 115-volt, 400-cps power 
source of the aircraft. The output signal leads the excitation 
voltage by 15 electrical degrees and is proportional to mass rate 
of flow. The constant of proportionality is 1.000 volt per 1000 


MASS FLOWMETER 

LINEAR 

IMPELLER TRANSDUCER 
MOTOR a, ADJUSTMENT 
in. ¢ 
vr 
PHASE ANGLE 
ADJUSTMENT 


OUTPUT 
SIGNAL 


° >) 4 
3PHASE 


4CPS (CONTROLLED FREQUENCY) 400CPS 


Fic. 5 Scuematic Wirina Diacram 


lb per min flow rate, precise calibration and phase relations be- 
ing obtained through simple resistance adjustments. Through 
proper selection of circuit parameters, ambient temperature and 
self-heating effects of electrical components have negligible in- 
fluence on operating characteristics; thus a highly stable system 
is realized without special temperature-compensating elements. 


Power 


The power supply energizes the impeller motor with three- 
phase alternating current at a controlled frequency of 4 cycles 
per sec (cps). It comprises a direct-current timing motor which 
drives a separately energized commutator element at constant 
speed. The commutator converts direct current to three- 
phase alternating current. Radio frequencies are eliminated by 
an electrical filtering network. Constant frequency is obtained 
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_ by monitoring the timing motor with a spring-and-balance-wheel 
arrangement. 


PERFORMANCE 
General design and performance characteristics are shown in 
Table 1. All mechanical and electrical adjustments are com- 
_ pleted at the factory so that interchangeability of flowmeter 
transmitters in refueling system is realized. Fuel bleeding, 
purging, and priming are not required under’ any operating con- 
ditions. No warm-up time is necessary so that the flowmeter is 

ready for immediate use at any time after installation. 
TABLE 1 


DESIGN AND PERFORMANCE DATA 


_ Rated capacity, lb per hr 
Overload capacity, lb per hr 
Physical dimensions: 
Length, in. 
Diameter, in 
Weight, Ib. 
-ower requirements, wa 
Pressure drop (at 240, 000 D Ib per hr), psi. 
Scale-error.... 
_ Hydrostatic pressure, psi. 


2 This flowmeter can be supplied with adapters for a 3-in. line. 
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Fic. 6 PERFORMANCE OF SAMPLE 


Calibration of a sample is shown in Fig. 6, in which scale error 
1s plotted versus true mass-flow rate. Errors due to bearing 
friction, mechanical and electrical hysteresis, and self-heating 
effects are below 5 lb per min at any flow rate. Excellent lin- 
_ earity is demonstrated by the fact that errors are less than 1 per 
cent of measured flow rate over 90 per cent of the scale range. 
Extreme precision is not required near full scale because such high 
_ flow rates occur only under emergency conditions. Accurate 
_ linearity over the normal working range is dictated by functional 
; design of the measurements system. The importance of holding 
errors to a small per cent of ‘‘measured flow rate’’ lies in the cu- 
mulative characteristic of the basic measurement—total pounds of 
fuel transferred equals flow rate multiplied by time. Linearity 
_ of this meter is sufficiently close to permit totalizing pounds of fuel 
transferred within 1 per cent regardless of quantity or duration 
_of refueling cycle for any flow rate within the normal operating 
range. 

Calibration stability is shown by repeatability of measurements 
in a controlled series of tests conducted over an extended period 
of time. Results of such a series of tests are shown in F ig. 7 
_ which is a curve of standard deviation‘ of the output signal, ex- 

pressed in per cent of point, versus flow rate. Standard deviation 
_ is only about '/, per cent over the greater part of the scale range. 
_ The larger values near the scale extremities reflect difficulties of 
measurement whose effects were inseparable from scale errors of 
the flowmeter. This series of tests covered several months dur- 
ing which the accumulated operating time exceeded 50 hr. The 
_ initial and final calibration curves, Fig. 6, show that there was no 


‘Standard deviation is the root-mean-square of deviations of 
‘ individual readings from the average of the readings. 
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Fie. 7 Measvurep 
calibration drift within the measurement accuracy of the t 
equipment during these tests. 

Owing to the nature of its application, the flowmeter for air- 
to-air refueling has to respond quickly and accurately to sudden 
changes in flow. Stringent requirements are imposed by relatively 
short refueling cycles during which flow rate is subject to unusu- 
ally large and rapid variations. Careful balance of design param- 
eters is required to obtain best results because response charac- 
teristics of the mass flowmeter are related in complex fashion to 
flow rate. This is illustrated in the curve of response time versus 
flow rate shown in Fig. 8. It is worth noting that transient oscil- 
lations in the output signal caused by sudden changes in flow de- 
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Fic. 8 Response CHARACTERISTIC 

= 
cay so rapidly that they have no detectable effect on the measure- 
ment of fuel transferred. Tests show that response time (time for 
the output to come and remain within +1.0 per cent of steady 
indication) is less than 1 sec following a sudden change of any di- 
rection or magnitude within rated capacity. These excellent 
dynamic-response characteristics permit accurate measurement 
of total pounds of fuel transferred regardless of how rapidly the 
tanker plane fuel-control valves are operated. 


CoNCLUSION 


Speedy completion at maximum efficiency in air-to-air refuel- 
ing requires precise and continuous indications of total quantity 
of fuel transferred and mass flow rate. The angular-momentum- 
type flowmeter is ideally suited to this application. It gen- 
erates a signal that is linearly proportional to mass rate of flow 
independently of density, viscosity, and other properties of the 
fuel. Consequently no auxiliary compensating equipment is re- 
quired. Although the design is mechanically simple, it is both 
compact and rugged besides exhibiting good accuracy and stabil- 
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ity of calibration. Other features are low pressure drop, negli- 
gible friction, and self-heating errors, no rotating-fluid seals, 
and fast response to sudden changes in flow. Notwithstanding 
the unusual severity of conditions encountered in air-to-air fuel 
transfer, the flowmeter has proved to be an important and reliable 
component in the successful completion of the refueling operation. 
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Noise, Vibration, and Measurement 


=P 


Problems, Resulting From Fluid-Flow 


This paper has been prepared to give the reader a general 
understanding of the noise, vibration, and measurement 
problems resulting from fluid-flow disturbances. The 


- occurrence of these problems in power plants has been 
_ given particular attention. 


NOMENCLATURE 
The following nomenclature is used in the paper: 


A = projected area of obstacle (perpendicular to direction of 
flow ) 
constant, dependent on configuration 
velocity of sound 
discharge coefficient for annular orifice, about 0.5 
dimensionless coefficient which may be called the von 
Karman coefficient, normally assumed ~ 1 
a constant (approximately 0.20 for cylinders where the 
Reynolds number is between 2 X 10? and 2 X 10°) 
orifice diameter, ft 
diameter of pipe, ft 
= diameter of cylinder, ft 
frequency of vibrating object, cycles per sec (cps) 
frequency corresponding to most intense noise com- 
ponent, cps 
= acceleration due to gravity 
von Karman force 
intensity of noise, watts/cm? 
ratio of specific heats of gas 
= absolute pressure in cylinder at instant of time when 
valve open area is S, A 
= pressure difference indicated by meter ; 
average absolute pressure in pipe 
= amplitude of sound-wave pressure at distance r along 
axis of disk 
sound-wave pressure in exhaust pipe at instant when 
valve open area is S, 
pulse (wave) pressure in discharge or suction nozzle at 
any instant 
= pulse-pressure amplitude at orifice 
distance from center of disk, ft (r must be greater than 
Sf/e) 
= cross-sectional area of pipe or disk 
cross-sectional area of compressor piston — 
= open area of valve at any instant 
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fluid velocity (appropriate units) 

= piston velocity at any instant 
stagnation pressure 

= vibration amplitude of disk, ft 
total excursion of disk during vibration 
density of fluid, gm/em* 


INTRODUCTION 


Fluid-flow disturbances are of vital interest to the engineer. 
Under some conditions these disturbances may be desirable as, 
for example, in the increase of heat transfer resulting from turbu- 
lence or in the creation of musical notes, but in most cases they 
are not. 

The undesirable effects of fluid disturbance are the subject of 
this paper, especially where these effects lead to noise, vibration, 
and measurement problems. The authors have attempted to 
summarize information which they have accumulated while 
pursuing various problems of this nature. Most of this ex- 
perience has been in connection with gaseous fluids, although the 
basic approaches used would apply to liquids as well. 


Various Sources oF FLurp DisTURBANCES 


All fluid disturbances are potential sources of measurement 


ss error, noise, and vibration. Certain types of these disturbances 


are particularly bothersome in this respect and may be classified 
according to their origin under the headings which follow. 

Reciprocating Compressors. Here the disturbance results from 
alternate compression and expansion of the fluid in a confined 
space. The disturbance normally appears as a pulse traveling at 
the speed of sound (itself a function of the gas properties) in the 
compressor suction and discharge piping. 

Internal-Combustion Engines. There are two types of fluid dis- 
turbances associated with the internal-combustion engine: 


(a) That which appears as a sound wave in the intake combus- 
tion-air piping as a result of rapid expansion of the gas in a con- 
fined space. 

(b) That which results from the burning of a gaseous mixture 
in a confined space, and appears in the exhaust line as a sound 
wave. 

As used in the preceding paragraphs, both the terms, ‘“‘pulse”’ 
and “sound wave’’ describe a fluid-wave type of disturbance, the 
distinguishing factor being that the pulse is normally thought of 
in connection with a ‘‘closed” systenr as opposed to an ‘‘open”’ 
system for the sound wave. 

Turbulence. During turbulent flow, low and high-pressure 
zones are formed in a random fashion. These zones are the 
sources of the sound waves which are associated with turbulent 
flow. In addition, these disturbances also may cause vibration of 
surfaces in or containing the fluid. These vibrating surfaces will 
then become sources of sound waves themselves. 

Aerodynamically Induced. This is the type of disturbance as- 
sociated with flow around a cylinder or similar section and is 


known asa vortex. A series of these vortexes shed from the down- 
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stream side of a cylinder is normally referred to as a von Karman 
vortex trail. These vortexes, in themselves, do not necessarily 
cause difficulty, but signal the presence of an unstable fluid-flow 
condition which gives rise to unbalanced forces acting on the 
cylinder. These forces, in turn, may cause serious vibration 
problems if the frequency at which they occur happens to coincide 
with the natural frequency of the structure. Under the proper 
conditions, shifting of the low-pressure zone associated with the 
vortexes from one side of the cylinder to the other may cause dif- 
ficulty in itself, especially in combination with a resonant chamber. 
In this instance, vibration of the cylinder is not the problem, but 
rather it is the production of intense standing-pressure waves. 

Steinman (1)* has proposed a second type of aerodynamically- 
induced vibration which always occurs under resonant conditions 
and does not involve the vortex phenomenon. In his opinion, this 
type of aerodynamically-induced oscillation was responsible for 
the destruction of the Tacoma Narrows Bridge on November 7, 
1950. 

Vibrating Members. As a solid object vibrates it causes alter- 
nate expansion and compression of the fluid surrounding it be- 
cause of fluid inertia. This condition gives rise to the formation 
and propagation of sound waves. The member itself may be set 
into vibration by various means such as unbalanced mechanical 
forces, fluid disturbances, magnetic forces (2), and so on. 


Formvu.Las Usep To Prepict AMPLITUDE AND FREQUENCY OF 
DISTURBANCES 


In new reciprocating-compressor installations it is necessary to 
design pulsation-eliminating devices without benefit of actual 
pulse measurements. For this reason it is necessary to predict 
from known information the fundamental pulse amplitude and 
frequency which will exist in a particular compressor-piping 
arrangement. Predicting the fundamental frequency is not too 
difficult since, in most instances, it is simply related to the speed 
of the compressor, the number of single or double-acting cylinders, 
and the crank phase angle. The pulse amplitude resulting from a 
specific compressor installation is not as easy to predict. An 


equation developed by the authors for this purpose is eat 


Pe = K(S,/S\u,/c) 
Po 


(See Appendix 1 for derivation.) 

This formula was checked experimentally on both a 15-hp and 
175-hp reciprocating compressor under various operating condi- 
tions and the results indicated good correlation. It should be 
pointed out that the formula assumes an infinite extension of 
constant-diameter pipe downstream of the compressor. In prac- 
tice, of course, this is not usually the case, and the task of theo- 
retically predicting the pulse where discontinuities exist in the 
downstream piping is a very difficult one. Considerable work is 
being done by the authors along these lines, and it is hoped that 
the results of this work may be published in the near future. 

A method for predicting sound amplitudes and frequencies 
emanating from tinternal-combustion-engine exhausts also was 
developed in a fashion similar to that for compressors. This 
equation for the ratio of sound-wave pressure to average fluid 
pressure is 


p,/po = — 
— 


(See Appendix 1 for derivation.) 


3 Numbers in parentheses refer to the Bibliography at the end of the 
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All items with the exception of S, and p, can be obtained with 
little or no difficulty. In most instances the engine manufacturer 
would be able to supply values for S, and p,, but in the event that 
he could not, it is not too difficult to predict maximum limiting 
values. The maximum pressure in the cylinder under most cir- 
cumstances would be equal to the pressure at the time of firing 
(cylinder approximately at top of stroke). This value should cer- 
tainly be available from the manufacturer since it is required 
by him in order to design the cylinder properly. Of course the 
maximum open area of the valve would not occur at the instant of 
maximum pressure but at some time after the piston has passed 
bottom dead center. The pressure in the cylinder at bottom dead 
center could be calculated from the maximum pressure by use of 
the gas laws and, as a limiting assumption, maximum valve 
opening could be assumed to occur at this point. This formula 
has been used to predict the exhaust-gas-sound pressure amplitude 
for a 150-hp diesel engine and good correlation was obtained. 

The occurrence of noise resulting from turbulent flow is very 
common. Intake-air ducts, gas lines, steam lines, pressure-re- 
ducing valves, and fans are only a few of the sources of this type 
of noise. As mentioned previously, this type of flow actually may 
give rise to two different types of noise. One type originates in the 
fluid itself and is a function of the statistical pressure fluctuations 
of the fluid. The other is that resulting from the vibration of 
bodies in or containing the fluid which are set in motion by the 
fluid disturbances. From work done by the Air Force (3), the 
frequency and intensity of noise emanating from the fluid itself 
can be expressed by the following formulas, respectively 


(2) 
[3] 


Formula [2] was developed by plotting a dimensionless frequency 
parameter fD/u versus over-all sound level (Fig. 1) and then 
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setting this parameter equal to the value at which maximum 
sound level occurred. Examination of Fig. 2 indicates the broad 
frequency spectrum obtained. This is logical when one recalls 
the conditions giving rise to this type of disturbance; i.e., random 
pressure fluctuations in a flowing fluid. 

Since the constant B in Equation [3] can be determined only by 
experiment, the usefulness of this equation lies principally in 
being able to make comparisons of sound intensities for varying 
fluid densities and velocities. 

The noise emanating from the surfaces in and/or containing the 
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turbulent fluid will be dependent on the surface characteristics 
and will be discussed under Vibrating Members. 
Aerodynamically-Induced Disturbances, known as vortexes, are 
shed at a definite frequency from alternate sides of a cylinder 
placed in a fluid stream, as depicted in Fig. 2. Strouhal (4) in 
_ 1878 published a formula based on observation alone which pre- 
_ dieted the frequency at which these vortexes were shed 


f = C\(u/D,).... [4] 


Referring to Fig. 2, it can be seen that the velocity on the ‘“‘vor- 
tex side” of the cylinder is greater than that on the opposite side 


Yona 


ae aa This is a rather small pressure compared to atmospheric, but 
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. 2 Canoe or Resvuttant Force F on Cy.iinper WITH 
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which, in turn, means that the pressure will be lower on the vor- 
tex side. This gives rise to an unbalanced force which then re- 
verses its direction as the vortex is shed and another vortex builds 
up on the opposite side of the cylinder. A theoretical analysis of 
this subject was made by von Karman in 1911 (4), and the follow- 
ing equation for the force invelved was developed on the basis of 
dimensional analysis 


F, = C,(pu®/2g)A..........: 


Vibrating Members are probably the most common source of 
sound energy. These members may be set into motion physically 
such as when an object is struck, or the vibrations may be induced 
as in the case of a pipe wall set into motion by fluid flowing tur- 
bulently inside the pipe. In either case the sound waves emanate 
from a surface and are radiated to the surroundings. A mathe- 
matical derivation has been carried out in order to determine the 
sound pressure generated in a gas by a vibrating disk which is 
part of an infinite plane. The ratio of the sound-wave pressure to 
the average fluid pressure resulting from this arrangement can 
be expressed by a relatively simple formula 


p,/po = (6.28) f/e)*KSy/r...... 


Equation [6] is almost self-explanatory, but it might be pointed 
out that the quantity (Sy) is the same as the volume of gas dis- 
placed by the disk during one half of its total excursion in a cycle 
of periodic motion. It can be proved that the pressure p, defined 
by Equation [6] also represents the sound pressure at any point 
off the axis at a distance r from the center of the disk, provided 
the wave length \ (or c/f) of the sound vibration is greater than 
the diameter of the disk. 

It is also of interest to substitute some numerical values for the 
symbols in Equation [6] to get an idea as to the order of magni- 
tude of the sound-pressure level resulting from vibrating surfaces. 
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10° dynes/em* = approximate value of atmospheric pres- 
sure 
1000 eps vibration frequency 
1137 fps for air at 80 F 
= 1.4 for air 
1.0 sq ft area of disk 
10 ft distance from disk 
0.001 ft = 0.012 in. 
c/f = 1137/1000 = 1.14 ft wave length 


Assume 


Then, from Equation [6] 


(6.28)(1.4)(10~8) 


= 


= (0.675)(10~*) 


the sound pressure p, is only (0.675)(10~*) times atmospheric 
pressure. Thus 


p, = 675 dynes/cm? 


nevertheless it represents an extremely intense sound wave. The 
pulse pressure existing in a zero decibel sound wave is only 


Pi = 2.8 (10~*) dynes/em? (amplitude — not rms value) 


Thus 


p,/~Pr = (6.75/2.8)(10%) = 2.4(108) 


and the pressure at 10 ft from the disk is 2.4 million times as in- 
tense as the pressure corresponding to a zero decibel sound wave. 
Since the power in a sound wave is proportional to the square of 
the pressure, the sound power 10 ft from the disk, W,, is 


W,/W, = (2.4)210"® = (5.7)(10"%) = (p,/p.)? 


or 5.7 trillion times as great as in a zero decibel sound wave. 
In decibels this ratio can be expressed as 


(W,/W,)av = 10 logio [(5.7)10"2] 


= 127.5 decibels 


A sound wave more intense than 120 decibels is actually painful 
to the ear, especially at the relatively high frequency of 1000 eps. 
Thus the vibration amplitude of only 0.012 in. which seems 
rather small, is in reality very dangerous at the high frequency of 
1000 eps. 


INSTRUMENTATION UsEp IN DerectinG FLurp DistURBANCES 


In detecting fluid disturbances of interest here, some sort of 
pressure transducer is required, since in all cases the disturbances 
are characterized by recurrent pressure fluctuations. These pres- 
sure transducers take various forms and use different methods for 
changing pressure variation into a varying electrical signal. 
They may be classified according to the electrical characteristic 
used to produce this varying electrical signal and fall logically into 
the following categories: (a) Resistive, (b) capacitive, (c) mag- 
netic, (d) piezoelectric, (e) electronic. In addition, there has 
been developed recently (5) a transducer based on the gas-dis- 
charge principle. The magnetostrictive (magnetic), unbonded 
strain gage (resistive) shown in Fig. 3, and crystal (piezoelectric ) 
types are the ones most frequency used by the authors. All three 
of these transducers take the form of a high-pressure diaphragm 
and case type of unit which may be screwed into a pipe wall. The 
erystal type of pickup is used also in the form of a microphone as, 
for instance, in the sound-level meter. In general, its use is re- 
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stricted to temperatures below 120 F and low pulse amplitudes, 
whereas the unbonded strain-gage type may be used at tempera- 
tures as high as 250 F. The magnetostrictive type is capable of 
operation at temperatures as high as 1000 F. Recently, some of 
the manufacturers have appreciably raised the upper operating 
temperature limit of the unbonded strain-gage type by circulat- 
ing water or air through passages in the transducer casing. As 
the reader may well imagine, considerable time could be spent on 
the subject of the transducer itself, but time and space do not per- 
mit and it is actually unnecessary since a considerable amount of 
literature (6) has already been published on this subject. 

To this point the discussion has been limited to the conversion 
of a pressure signal to an electrical one. This electrical signal in 
most cases must be amplified and in some instances also inte- 
grated in order to be observed on an oscilloscope or meter, or re- 
corded by an oscillograph. Recording of pressure fluctuations is 
normally limited to higher pulse amplitudes. For small-amplitude 
pressure waves, such as encountered in sound problems, the sound- 
level nreter and analyzer and octave-band analyzer are used. 
On some occasions, it is necessary to measure vibrations in order 
to isolate the cause of the sound or pulse, and for this work the 
vibration meter and analyzer are used. 

Often it is necessary to take considerable electronic equipment 
into the field in order to analyze a sound, vibration, or pulsation 
problem effectively. A well-equipped mobile laboratory is highly 
desirable in these instances and the authors have been fortunate 
in having such a laboratory available for their use. 


DerrimMeNTAL Errects or FLow DistuRBANCES 

Vibration is probably the most familiar and destructive effect 
of fluid-pressure disturbances. Rupture of high-pressure pipe 
lines due to pulsation-induced vibrations, with its serious conse- 
quences, is not unusual in the gas-transmission field. Most engi- 
neers are familiar with other examples such as vibrating internal- 
combustion-engine exhaust pipes, rattling windows, vibrating 
sheet-metal duct walls, vibrating floors, “galloping’’ suspension 
bridges, and many others. All of these are, of course, highly unde- 
sirable. 

Measurement of pressure drop, pressures, and flow can be ex- 
tremely difficult under pulsative flow conditions (7). Many en- 
gineers have observed vibrating pressure-gage needles and what 
appeared to be a negative pressure drop in a pipe run. Both of 
these phenomena are a result of pulse action on the recording in- 
struments and their associated lines. One very interesting prob- 
lem which the authors have encountered concerns the use of 
orifice meters under pulsative flow conditions. It was found that 
errors in flow measurement as great as 23 per cent for undamped, 
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ind 3'/: per cent for damped meter lines could result. A damped 
neter line is defined as one in which the pulse pressure at the meter 
s less than 5 per cent of the pressure difference recorded by the 
lifferential meter itself. The damped-line error may be ex- 
pressed as 


True flow rate 
Indicated flow rate 


= 1.0 —(0.25)(P/p,,)? 


[1 + 
See Appendix 2 for derivation. ) 
The undamped line error may be expressed as 


Indicated flow rate po/Pm)( P/Po)?] 


see Appendix 2 for derivation) assuming that there is no phase 
ifference between the two instrument lines. 

The accurate measurement of pressure under pulsative-flow 
conditions usually requires damped gage lines also, since judging 
the center of oscillation of a rapidly moving needle is difficult even 
if one assumes that the needle faithfully responds to the actual 
pressure fluctuations. Fig. 4 shows a differential-pressure re- 


—T chart indicating effects of pulsative flow. 


4 Recorper CHART SHOWING 
Errects oF Putsative Flow 


Although no difficulty has been encountered by the authors, it 
is very likely that errors exist in the measurements of fluid tem- 
perature and velocity under certain pulsative-flow conditions. 

Serious physiological damage can result from intense fluid dis- 
turbances in the form of sound. Probably even more common 
and costly to industry is the mental problem posed by disturbing 
noises. In most cases, these sounds do not inflict bodily damage 
but seriously impair the workers’ efficiency. Vibrations resulting 
from fluid disturbance seldom cause physical harm, but again 
affect the workers’ efficiency. Many of the sound and vibration 
surveys in which the authors have become involved were a direct 
result of complaints by employees or nearby neighbors. 

The change of process effectiveness as a result of pulsative flow 
is an area in which so little work has been done that it is impossible 
to evaluate its effect intelligently. However, enough has been 
accomplished to know that there is some effect, sometimes de- 
sirable and sometimes undesirable. Probably much more will be 
done in this field in the near future. Such items as combustion 
(8), heat transfer, and mass transfer are certain to come under 
further investigation. 

Theoretically, the pressure drop of a fluid flowing in a pipe 
under pulsative-flow conditions should be greater than the same 
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quantity of fluid flowing in the same pipe under uniform flow 
conditions. Experimentally, this has been found to be the case 
and may amount to a severalfold increase depending on the pulse 
amplitude. The additional pumping horsepower required under 
these conditions may become an important economic considera- 
tion especially if large quantities of fluid are pumped, as is the 
case in the gas-transmission industry. 

There is considerable evidence that engines and compressors, 
operating under conditions whereby reflected pulse waves may 
communicate with the cylinders, suffer a loss in efficiency. The 
major obstacle to evaluating this effect quantitatively is the lack 
of an accurate, easy-to-use horsepower indicator. Without an 
effective means of determining horsepower and valve action ac- 
curately, it is impossible to evaluate the effect of pulsative flow on 
engine and compressor operation. The authors are currently 
doing work along these lines and it is hoped that effective evaluat- 
ing techniques soon will be developed. 


Meruops FoR ATTENUATING DisTURBANCES OR ELIMINATING 
EFFECTS 

Pulsation dampeners, exhaust-gas mufflers, and intake com- 
bustion-air silencers are devices commercially available for 
handling fluid-flow disturbances caused by engines and compres- 
sors. No attempt will be made to discuss the complex factors 
affecting the design of these units. 

Most turbulent noise may be treated with the use of some type 
of sound-absorbing material. In most instances where the sound 
is generated inside a container, the acoustical material may be 
applied either externa!ly or internally. In the case of valve noise 
it is usually more convenient to apply the treating material ex- 
ternally. One good example of the type of problem often en- 
countered involves noise generated by the regenerator blowoff of 
a fluid catalytic-cracking unit in which high-temperature flue gas 
is ejected to the atmosphere through a large stack. Flow control 
of the gas is obtained by a slide valve which in one installation was 
placed approximately 15 ft below the exit of a 72-in-diam stack. 
A pressure drop of approximately 6 psi was being taken across the 
valve and it was at this point that the severe noise was being 
generated. The noise was seriously affecting the morale of the 
operating personnel and there is no doubt that complaints would 
have been registered from nearby residents if such had existed. 
This problem was solved by first placing two perforated trays in 
the existing stack as shown in Fig. 5 for the purpose of converting 
the low to high-frequency noise. Once all the noise was con- 
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verted to the high-frequency range, it was possible to attenuate 
it by using acoustically lined duct downstream of the plate. With 
this arrangement, the noise level was reduced approximately 15 
decibels (db) in the immediate vicinity of the stack and the ob- 
jectionable roar which previously existed was eliminated com- 
pletely. This type of silencer also could be used for such applica- 
tions as steam blowoff silencing. 

The technique of handling vibrations or pulses resulting from 
conditions identified by aerodynamically-induced vortexes is com- 
pletely different from that just outlined. There are basically 
three methods for handling the problem: 

1 Streamlining of the body so as to eliminate formation of the 
vortexes. 

2 Applying some sort of baffle so as to prevent the vortexes 
from acting in phase. 

3 Bracing of the structure subject to vibration. 

The first method, in most cases, is the most costly and imprac- 
tical. The use of baffles to prevent resonance is a practical solu- 
tion and has been applied successfully in at least two instances by 
the company with which the authors are associated: 

1 Virtual elimination of the vibrations occurring on a 30-in. 
gas pipeline suspension bridge across the Colorado River (9). 

2 Elimination of a serious vibration problem resulting from a 
pulse condition in the low-temperature superheater-economizer 
section of a 920,000 lb/hr steam generator. 

The “galloping” pipeline bridge referred to was being set into 
vibration by unbalanced, in-phase forces characterized by von 
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Karman vortex trails and caused by a 4 to 6 mph wind passing 
across the cylindrical pipeline section. This problem was solved 
with the use of baffles placed on the bridge, as shown in Fig. 6, to 
prevent “in-phase action” of the unbalanced forces. It also could 
have been solved by mechanical bracing (10). 

The steam-generating-unit problem also was solved by means 


= 
J 
| 
(11) but thiswitbediscused morefullylate. 
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Many other examples of aerodynamically-induced vibrations 
for structures such as smokestacks (4), chemical-processing 
columns (12), highway suspension bridges (1), and antennas may 
be found in the literature. 

Mechanical bracing is often used to reduce noise and vibration 
by increasing the stiffness of the structure. This increased stiff- 
ness reduces the displacement caused by the application of a given 
force. The higher stiffness also increases the resonant frequency 
which in turn often results in higher-frequency vibrations or 
sound. Sometimes these higher frequencies are permissible and 
are almost always more easily attenuated. Certainly in the case 
of sound the higher-frequency noise is more easily dealt with since 
relatively simple acoustical treatment usually will suffice. This 
method of reducing energy or converting it to a more easily at- 
tenuated form should also be considered. Often, however, as in 
the case of severe pulsative flow in pipeines, mechanical bracing 
is unsatisfactory. 


NoIsE AND VIBRATION PROBLEMS IN POWER PLANTS 


One example in this category is the problem which occurred at 
a large steam-generating plant. Here a severe pulsing condition 
existed in the superheater-economizer section of the boiler. This 
condition was caused by a periodically varying pressure (von Kar- 
man vortexes) induced by gases flowing across a cylindrical cross 
section, coupled with acoustically resonant chambers. The prob- 
lem was solved with the use of baffles, as shown in Fig. 7, to de- 
resonate the chamber. - 
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DeERESONATING BaFFLES IN STEAM-GENERATING-PLANT 
SuPERHEATER SECTION 


Most of the noise and vibration problems in the power-plant 
fieid with which the authors are familiar (excluding that men- 
tioned in the foregoing), are caused by turbulent-flow conditions. 
Typical of these turbulent-noise sources are forced-draft-fan 
inlets, fuel-gas regulators, boiler blowoff tank vents and safety- 
valve-discharge pipes, cooling-tower fans, air-discharge openings 
in motor housings, high-velocity flow in natural-gas lines, 
throttled flowin feed-pump recirculation lines, steam manifolding, 
and air-compressor intakes. 

These various examples are actual problems which were en- 
countered by several of the major power companies on the West 
Coast. One problem concerning a main steam-line vibration was 
very interesting and probably is worth some discussion. The 
source of the vibration was traced to a point in the main steam 
line where two 5'/--ft, 14-in. stub lines had been installed opposite 
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each other for possible future expansion. It was found that the 
broad noise spectrum which was generated by the turbulent flow 
of steam in the line caused resonant conditions to exist at this 
point. The frequency of vibration was equal to that calculated 
for a closed-end organ pipe 5'/: ft long. The problem was solved 
by removing one of the stub connections and plugging the opening 
(a model was used to arrive at this solution). Although the 
authors were not involved in this problem, and learned of it 
through a report published by the company concerned, it is our 
feeling that the reason the resonance occurred with two stub con- 
nections and not with one is that it would appear to be easier to 
excite a half-wave rather than a quarter-wave type of resonance. 
Another way of looking at this is to consider that each stub in it- 
self was excited to a minor degree by the turbulent noise, but 
when two stubs with identical acoustical characteristics were 
placed directly opposite each other they were even more actively 
excited. It would be similar to having two strings individually 
excited and also interconnected so that motion of one induced mo- 
tion in the other. 

In general, it can be said that noise resulting from turbulent 
flow is the type most frequently occurring in the power industry, 
but fortunately it can be dealt with rather easily in most cases 
since this type of noise is usually in the higher-frequency range 
and is susceptible to treatment with acoustical materials. Where 
difficult vibration problems are encountered, it probably would be 
wise to look for turbulent noise in combination with some sort of 
resonant chamber. In these cases, some type of baffling usually 
will suffice to correct the condition. 

Although rather simple treatment will suffice to solve most 
power-plant noise problems, the number of these problems re- 
quiring solution will increase with the increasing use of outdoor 
stations (13, 14). These outdoor stations, like many of the oil 
and gas-industry installations, will bring complaints from nearby 
residents even though the noise levels are much lower than those 
considered satisfactory from an employee standpoint. 
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Pulse Pressure Amplitude in Compressor Piping (Fig. 8) 


du, = 
du 


Appendix | 


PuLse AMPLITUDES IN PIPING 


compressor piston-velocity change . 
= velocity change of gas in pipe near valve 

= cross-sectional area of piston 

S = cross-sectional area of pipe 


t=0 
c 
From the necessity for continuous mass flow of gas across the 
change of areas between the compressor cylinder and the pipe 


du = du{S,/S)... 


A given portion of gas near the pipe entrance moving at the 
additional velocity du will move an additional distance du dt in the 

time dt. The disturbance propagates down the pipe at the speed 
of sound c, and therefore the gas beyond a distance c dt (at t = 0 
+ dt) from the reference location (¢ = 0) remains at constant 
velocity and is not affected by the change in piston velocity at 
time ¢ = 0. Thus the gas in between is relatively compressed, or 

“condensed”’ by the fractional amount 


—dv/vg = (du dt)/(e dt) = du/e.... .. [8] 


in which vp is the initial volume of gas and —db is the reduction in 
volume produced by the change of velocity du at the time t = 0. 
For an adiabatic change of state of a perfect gas 
where 
K ratio of specific heats of gas 
K C,/C, 
change of pressure of gas 
absolute pressure of gas 
initial volume of gas 


- Equation [9] follows from differentiating the equation of state for 
adiabatic reversible changes of a perfect gas 


pok 


_ Substituting the value of —dv/m from Equation [9] into Equation 
gives 


const...... . [10] 


@ 


dp/po = 
sata the adie of du from Equation [7] into Equation [11] 


K du/e 


dp/po = K(S,/S)(du,/c) 
Integrating both sides of Equation [12] 
(p — Pm)/po = K(S,/S)(u,/c) 


in which p,, is the absolute pressure at the instant when the piston 
velocity u, is equal to zero. 
Define p — p,, = 


P./po = K(S,/S)(u,/e) 


Internal-Combustion-Engine Exhaust-Pulse Pressure (Fig. 9) 
Let 


S, = open area of valve for flow of gas at any instant 
S, = cross-sectional area of exhaust pipe 


The pulse pressure in the pipe at any instant during the cycle 
depends on the open area of the valve S, and on the cylinder 
pressure p, at a given instant. 

From the generalized Bernoulli law for variable density, in 
differential form, the fluid pressure p and velocity u in the valve 
passage are related according to 


—dp = (0.5)pd(u?) 
ay 

—p = (*/2)d(u?) ) 
in which p is the fluid density and du is the fluid-velocity change 
produced by a pressure change dp. Let the pressure and density 
in the valve-passage end near the exhaust pipe be p, and p,, re- 
spectively. The pressure and density at any point along the valve 


passage are related according to the equation of state for an 
adiabatic change of a perfect gas 


= (p,/p)'/Xp,- 


where K is the specific-heat ratio C,/C,, and p and p are, respec- 


.. [16] 


_ tively, the pressure and density of the gas at any point along the 


valve passage between the cylinder and the exhaust pipe. 
Substituting the value of p~! from Equation [16] into Equation 
[15] gives 


—(0.5)d(u*) = 
Integrating Equation [17] from p = p, (at the exhaust pipe) to 


P=Pe (in the cylinder) gives 


P. = Wave pressure in pipe at any instant. 4 ; 


Then from Equation [13] 


Pe 


neglecting energy losses due to viscosity and heat conduction 


du 4 du 
a 
| | 
= 
i 
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Since the flow velocity u, in the valve-passage end near the 
exhaust pipe is much greater than the flow velocity u, in the 
cylinder, Equation [18] may be written approximately as 


(0.5)u,? = K(K — 9/* — 1]. . 19] 
The velocity of sound c in the exhaust pipe is 
= (Kp,/p,)'”.... 
Taking the square root of both sides of Equation [19], and using 
Equation [20] gives 
u,/e = (1.41) K — 1)~[(p,/p,)% — 1), [21] 
The mass rate of flow of fluid M, through the annular valve 
passage area S, is 


M, CS Pele [22] 


in which C, is the discharge coefficient for the annular valve 
passage with cross-sectional area S,. 
The mass-flow rate of gas along the exhaust pipe of cross section 
S, is 
M, 


where U, is the velocity of flow of the fluid in the exhaust pipe. 
By conservation of matter the two mass-flow rates M, and M, 
must be equal, and Equations [22] and [23] therefore lead to the 


conditionthat 


The wave pressure in the exhaust pipe p,, is related to the fluid- 
flow velocity U, in the exhaust pipe, and is obtained by integrating 


Equation [11] 


in which 


= KU,/c 


where p,, is the absolute pressure when U, = 0, and p is the ab- 
solute pressure for any other value of U,. 
Substituting the value of U, from Equation [24] into Equation 
[25] gives 
Pu/Pe = . 
Substituting the value of u,/c from Equation [21] into Equation 
[26] 


= (1.4)KCAS,/8,(K — + 
Appendix 2 
Fiow Measurement Errors Dve Gas PRESSURE 


Meter With Undamped Pressure Lines. When a differential- 
pressure gage is used with an orifice plate to measure a pulsating 
flow, the pressure lines are ordinarily undamped and the pressure 
fluctuations both above and below the orifice plate are trans- 
mitted with undiminished amplitude to each side of the differen- 
tial-pressure transducer element. The differential-pressure 
transducer element itself is ordinarily damped, however, and 
therefore it indicates an average value of the various differential 
pressures which reach the element during a complete cycle. If the 
pressure lines to the differential-pressure gage are short, there is 
no phase shift in going from the pipe to the gage, and the pres- 
sures at the gage-transducer element are therefore assumed to be 
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the same as the pressures near the orifice plate in the pipe, both 
in amplitude and in phase. At any instant of time, the pressure 
difference across the transducer results in a force which tends to 
move the indicator of the gage, but the indicator will not follow 
rapid fluctuations, especially if it is damped. Hence only the 
average value of the fluctuating force is indicated by the meter, 
and all the purely oscillatory components are damped out by the 
inertia and friction of the transducer element of the differential- 
pressure gage. In other words, all the sinusoidal components of 
the Fourier representation of the variable pressure are not indi- 
cated by the meter because the average value of each sinusoidal 
component (over a complete cycle) is zero. 

The correct average flow rate is not indicated by the meter be- 
cause it indicates the average pressure-difference across the 
orifice plate during a cycle. As will be shown later, the pressure- 
difference across an orifice plate at any instant is approximately 
proportional to the square of the fluid flow rate through the 
orifice at that same instant of time. Therefore the meter de- 
flection indicates approximately the average of the squares of all 
the different flow rates which occur during a complete cycle of 
the oscillating motion of the fluid. The true flow rate, of course, is 
by definition equal to the average value of all the different flow 
rates that occur during a complete cycle of the pulsating-fluid mo- 
tion. The flow inferred from the meter is the square root of the 
average of the squares of the various flow rates occurring during a 
cycle. In general, this RMS (root-mean-square) flow rate in- 
ferred from the meter is not equal to the true average flow rate. 
Therefore a correction must be applied, which can be measured 
experimentally or calculated approximately. The following cal- 
culation is made with the assumption of short undamped pressure 
lines from the pipe to the differential-pressure meter. It will be 
shown later that the use of damped lines to the meter will result 
in a much smaller error in the indicated flow rate. Moreover, 
when the pressure lines are damped there is no length limit, since 
no phase shift is thereby introduced between the pipe and the 
meter, and therefore no pressure wave-form distortion can occur 
between the pipe and the meter. This results because no oscillat- 
ing pressure reaches either side of the gage. 

In order to deduce the correct average flow rate, it is necessary 
to know the relation between pressure difference and flow rate at 
each instant during one complete cycle of the oscillatory fluid 
motion through the orifice. Once this is known, the total flow 
during a complete cycle can be found by integrating the flow rates 
at all instants of time during a cycle. A rigorous analysis of this 
problem requires solving the complete nonlinear differential equa- 
tion of fluid flow, including both the steady average component 
and the oscillating component. The total acceleration of an ele- 
ment of fluid, du/dt, can be resolved into two components; (a) 
the “autonomous” acceleration du/dt, and (b) the “convective” 
acceleration udu/dxe (for one-dimensional flow along a tube). 
The convective acceleration term can occur even with a steady 
flow. 

For example, fluid is accelerated in passing by a constriction in 
a pipe, even though the flow velocity u, at any single location along 
the pipe, is steady; i.e., does not change with time. The autono- 
mous acceleration is the velocity change of any fluid element 
occurring at a fixed point in space. The convective acceleration is 
the velocity change which occurs as a result of the change of loca- 
tion of a single element of fluid. The convective acceleration 
udu/dz is nonlinear in u, as can he seen by rewriting it as (1/2) 
(du?/dz). When the fluid-flow differential equation is integrated 
for steady flow, the term 0u/dt is zero because the autonomous 
acceleration of all fluid elements is zero for steady flow, by defini- 
tion, since at any one location in space the flow velocity does not 
change with time. The result of the integration is the well-known 
Bernoulli formula 


x 
| 
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— Pr = (1/2)p( ui? — uy?) 


where 


= pressure at orifice 

= pressure upstream of orifice 

= fluid density 

= fluid velocity at orifice 

= fluid velocity upstream of orifice 


The fluid velocity at the orifice cannot be calculated merely by 
multiplying the upstream fluid velocity by the ratio of the pipe 
cross-sectional area to the orifice area, because the fluid contracts 
to make a smaller cross section than the actual orifice area. 
_ When the foregoing formula is used to relate the pressure drop 
across an orifice to the effective flow velocity averaged over the 
area of the orifice, it is necessary to know the value of an empirical 
correction factor called the discharge coefficient 


ugS = — (d/D)4] 
where 


Cp = discharge coefficient 
|p! absolute value of pressure difference across orifice at 
time 
1.0 when p, is positive 
—1.0 when p, is negative 
density of fluid 
volume flow rate of fluid at time ¢ 
“effective” velocity of fluid, averaged over area of 
orifice 
area of orifice 
diameter of pipe 
diameter of orifice 


Since the autonomous-acceleration term 0u/dt (due to non- 

_ steady flow) has been assumed equal to zero in the derivation of 
Equation [27], it is clear that the formula cannot be absolutely 

accurate when the flow velocity u changes with time (at any fixed 
location in the pipe) as necessarily occurs under conditions of 

pulsating pressure and velocity. The error in Equation [27] 

comes about because of the neglected autonomous-acceleration 

term 0u/Ot which results in an additional pressure drop across the 

orifice when the flow velocity changes with time. To evaluate 
the resulting error with complete accuracy requires solving a non- 

linear-wave equation derived from both the autonomous and the 

convective accelerations. However, it has been shown by others 

that the nonlinear convective acceleration term can be neglected 

to a first approximation in the derivation of the usual acoustic 

wave equation, which is linear. It can be shown that this 


in which @ is the “velocity potential’ and r = 


1051 


= velocity of sound in gas 


= density of gas 
= ratio of specific heats of gas 


Since both the steady and the oscillating components of the 
gas-particle velocity are assumed to be small compared to the 
velocity of sound, it follows that the linear acoustic-wave equa- 
tion will give a sufficiently accurate description of the wave mo- 
tion. Therefore the additional pressure drop due to the au- 
tonomous acceleration du/dt can be calculated from the linear 
acoustic-wave equation alone, without including the nonlinear 
convection-acceleration This autonomous acceleration 
is due to pulsative-flow conditions. Hence, finally, the pressure 
drop indicated by Equation [27] can be corrected approximately 
by the inclusion of an additional pressure drop calculated from 
the linear acoustic-wave equation. In order to estimate the 
pressure drop across the orifice due to oscillating fluid flow through 
the orifice, it is necessary to solve the linear acoustic-wave equa- 
tion 0*@/dt? = In spherical co-ordinates, a well-known 


term. 


solution is 


= Agr —Igi(wt — kr) 


= . [29] 


radial velocity of fluid, by definition 


distance from 
origin. 

Equation [28] represents waves emitted from a ‘‘point source.” 
Since the actual source in the present case is the orifice, it should 
be assumed that the orifice is fairly small compared to the pipe 
diameter. Relatively high fluid velocities will then occur only 


- near the source, and for this reason the influence of the pipe 
_ walls can be neglected. 
_ large as the pipe diameter D the 


If the orifice diameter d is 
“velocity of approach” 


nearly as 
correc- 
tion factor 


k, = [1 —(d/D)\ (see Equation [27] ) 
becomes important because the distance r from the origin is 
equal to D/2 at the nearest points on the inside of the pipe wall. 
Evidently, when d = D there is no orifice and hence no orifice 
impedance, and the correction factor becomes zero in this in- 
stance. Actually, it is the “kinetic energy of approach” that is 
significant, and this is proportional to the square of the fluid 
velocity in the pipe. Hence the ratio of the squares of the cross- 
sectional areas of pipe and of orifice becomes the ratio of the 
fourth powers of the orifice and pipe diameters. It will be as- 
sumed that k, is approximately equal to 1.0 in the subsequent 
analyses. 


In Equations [28] and [29] 


= arbitrary constant 
velocity potential at distance r and time ¢ po wh any = 
distance from origin te. 

2r/X A 
wave length = 

= frequency of oscillation edb 


linear-wave equation is sufficiently accurate whenever the total 
fluid velocity is small everywhere compared to the velocity of 
sound. This will be the case if the steady component of the fluid 
velocity is small compared to the velocity of sound, provided also 
that the pulse-pressure amplitude is small compared to the static 

_ pressure. When the pulse-pressure amplitude is small compared 

_ to the static pressure, the corresponding oscillating component of 
_ the fluid velocity will have an amplitude which is small compared 
to the velocity of sound, as can be shown from the specific imped- 


ance relation 
Kpo/e : 


Ea Oo 


p/u = pe = ‘ 
Substituting the value of @ from Equation [28] into Equation 
amplitude of pulse pressure in traveling wave AG u, = —do/dr = (ik +r—)o. . 
amplitude of oscillating component of gas-particle - 
velocity 
average absolute pressure of gas 


in which u, is the radial velocity of the fluid at distance r from the 
origin. 
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The excess pressure Pp due to a sound wave is given by a well- 
known formula 


where p is the fluid density. Substituting the value of @ from 
Equation [28] into Equation [31] gives the pulse pressure 


p = iwph = i(pc)ko.... [32] 


Dividing Equation [32] by Equation [30] gives the specific 
impedance p/u, of a spherical wave at distance r from the origin 


p/u, = (peikr)(1 + ikr)—.. . [33] 


in which pc is the specific impedance of a plane wave. Consider 
an orifice of radius ro in an infinite plane, and assume that ro 
is small compared to one quarter of the wave length. Let the 
fluid velocity in the orifice be u,. Consider a spherical surface 
of radius re such that the edge of the orifice is a great circle on 
the spherical surface. The surface area of each hemispherical 
surface is twice the surface area of the orifice. Therefore the 
flow velocity u, is twice the velocity u,o at the hemispherical sur- 
face (by continuity of the volume flow through each surface). 
Thus from Equation [33] on one side of the orifice 


(pi/ug) = (0.5)(pe)(ikra 1 + 


But on the other side of the orifice, the excess pressure p2 is 180 
deg out of phase with the excess pressure 7; 


(Pr/u,z) = + 


because if the fluid velocity at any instant is directed into one 
region, it is necessarily directed out of the other region. The 
total pressure difference p across the orifice at any time is the dif- 
ference between the excess pressures p; and p2 


p = ~Pi — P2 = pressure drop across orifice due to 


autonomous acceleration of fluid... [36] 


be Thus from Equation [36] the specific impedance is 
= (pc)ikro)(1 + tkro)— 
The corresponding specific impedance p,/u, associated with 
the convective acceleration described by Equation [27] is given 
approximately by 


= (pc . . [38] 


(po = average absolute pressure) 


in which the discharge coefficient C, is assumed to be 0.60, and 
the pipe diameter D is much greater than the orifice diameter d. 
If ro is much smaller than one quarter of the wave length, kr» 
can be neglected compared to 1.0, and Equation [37] becomes 


p/u, = ikrope... 
ei absolute value of Equation [39] is 
p/u, = kro(pe).... 


where p is the pressure drop across the orifice due to the au- 
tonomous fluid acceleration alone. 

The flow velocity u, is the same in Equation [38] and in Equa- 
tion [40], but the corresponding pressure differences across the 
orifice are very different for usual frequencies and orifice diam- 
eters. To see this, divide Equation [40] by Equation [38] 


p/p, = (wd/X)(po/p,)'” (since kro = md/X) 


Equation [41] shows that the pressure drop p due to the auton- 
omous acceleration of the fluid in the orifice is negligibly small 
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compared to the pressure drop p, due te the convective accelera- 
tion of the fluid in the orifice unless the pressure drop p, is very 
small compared to the average absolute pressure po. For 
example, assume that p = p,, so that the pressure drop due to the 
convective acceleration is equal to the pressure drop due to 
the autonomous acceleration; Equation [41] becomes 


P./Po = (wd/X)?... . [42] 


Suppose the orifice diameter d is 2 in. and the frequency is 50 
cycles per sec (eps). Let the velocity of sound be 1400 fps. 
Then the wave length J is 28 ft or 336 in. Then md/A is 1/53.5 
and p,/po is 1/2870. Thus in this example the autonomous 
pressure drop p can be neglected for any values of convec- 
tive pressure drop p, greater than po/2870. In an 800-psi sys- 
tem, for example, the autonomous effect will be negligible for 
any orifice meter reading much greater than 800/2870 = 0.28 psi. 
In any usual orifice-metering arrangement the pressure difference 
across the orifice will be much greater than 0.28 psi, probably 
about 1.0 psi to 10.0 psi, when used with an 800-psi system. 

The final conclusion is that for fundamental frequencies less 
than 50 eps, the autonomous acceleration of the fluid in a 2-in. 
orifice can be neglected, and the pressure drop is correctly repre- 
sented by Equation [27] at any instant of time during the cycle 
of oscillation. A slight error could arise from the higher har- 
monic frequencies composing a complex wave-form. 

For orifices larger than 2 in. diam, Equation [42] shows that 
the wave length X must be increased in proportion, and there- 
fore the corresponding frequency limit must be proportionately 
lowered below 50 eps, for the same limiting orifice-pressure drop 
ratio p,/po (in this case 1/2870). Evidently it is necessary to 
solve the complete nonlinear wave equation for flow through 
relatively large orifices at relatively high fundamental frequencies 
of oscillating flow. This problem is not treated in the present 
discussion. 

Since the reliability of Equation [27] has now been established 
for a certain range of conditions, it is possible to calculate the 
maximum indicated error in flow rate due to pulsations, by as- 
suming that the pressure drop and flow rate at any instant are 
in phase with each other and are related by Equation [27] during 
a cycle of the pulsative flow. 

At any instant, the fluid velocity u, in the pipe corresponding 
to the average fluid velocity u, in the orifice is determined by the 
necessity for continuity of fluid flow in the pipe and in the ori- 
fice, which requires 


u, = u,(D/d)?. [43] 


Substituting the value of u, from Equation [43] into Equation 
[27] and assuming that C, = 0.6 


Pp, = (1.39)F,pu,?[(D/d)* — 1). .. [44] 


which may be expressed as 


where 
= (1.39) ((D/d)* — 1) 


When the fluid velocity u, is constant, Equation [45] becomes 


Pe = Rpu?,.. 


where up is the constant velocity and p, is the constant pressure 
difference across the orifice. 

In Equation [45] define u, as 
1 uo + uW.. 


+ 
| 
a 
+ 
é 
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in which W is the wave-shape factor, and u is the amplitude of 
the velocity fluctuation. 
For a sinusoidal wave of frequency f 


W = sin(2zft) 


For a sinusoidal wave, the average pressure difference during a 
cycle can be easily calculated from Equations [45], [48], and [49] 


= F,Rp(uo + usin 


= 2xft, by definition. . 


The pressure difference p, is the pressure difference at the 
meter at any instant during a cycle of the wave motion, since 
there is no loss of pressure in the lines from the orifice flange taps 
to the meter. The pressure difference p,, which will be observed 
on the meter is the average value of p, over one cycle of the wave 
motion from @ = 0 to @ = 2x. This is found from Equation [50] 
with no difficulty provided u/u is less than 1.0, because in this 
case the fluid velocity u, at any instant is always positive, as 
indicated by Equations [48] and [49]. With this restriction F, 
is always 1.0 by definition and the average value of p, is found 
from Equation [50] to be 


Pm = = (uo + usin [52] 
Evaluating the integral in Equation [52] gives 
= + (0.5) pRu?*.. 
Dividing Equation [53] by Equation [47] 
Pm/Pe = 1 + (0.5)(u/u)* 


The ratio of the indicated flow rate to the true flow rate is 
found by taking the square root of both sides of Equation [54] 


. [54] 


Indicated flow 


= (Pm/Pe)'/* = [1 + 0.5 [55] 


True flow 


The greatest value that u/uo can have is 1.0, because the deriva- 
tion is not valid if u/uo is greater than 1.0. The value u/up = 1.0 
when substituted into Equation [55] gives 

Indicated flow 
True flow 


) = (1.5)'/* = 1.23 


Thus the indicated flow rate is higher than the true flow rate by 
23 per cent for this case. By a process of dividing the cycle of 
the oscillatory motion into separate parts, it is possible to obtain 
a result corresponding to Equation [54] which applies when u/uo 
is greater than 1.0, although this is usually only of academic value 
because the corresponding errors (larger than 23 per cent) can- 
not be corrected accurately enough by theory. It is important, 
however, to express the values of u and wu in terms of easily 
measurable quantities. 

If there are no standing waves, there is a simple relation be- 
tween the pulse-pressure amplitude P and the associated fluid 


velocity amplitude u 


u = cP(Kpo)™.. 


since the characteristic wave impedance pe can be written as 


 Kpo/c because c? = Kpo/p in which 
K = ratio of specific heats of gas t- rs 


po = average absolute pressure Wty 
c = velocity of sound 


p = density of gas 
Also, from Equation [47], Equation [53] can be written as 


Pm = + 0.5pRu? 


Dividing b both aid sides of Equation [58] by p,, 
Pe 0.5pRu*/p,, 


Substituting the value of u from Equation [57] and the value 
of R from Equation [46] into Equation [59] gives 


Pe/Pm = 1 1)... .. . [60] 


If D/d is fairly large (D/d)* — 1 is nearly equal to (D/d)‘, 
and the true flow rate divided by the indicated flow rate is 
found by taking the square root of both sides of 

Meter With Damped Pressure Lines. The previous case as- 
sumed no damping in the instrument lines, and perfectly damped 
differential-pressure gage element. Suppose, on the contrary, 
that the pressure pulsation in each line is damped before it 
reaches the differential pressure-registering element of the meter. 
In this case, one line to the meter will be at the average pressure 
just upstream of the orifice, and the other line will be at the aver- 
age pressure just downstream of the orifice. It is not necessary 
to describe the exact method of providing the damping in each 
of the lines as this will be different for each installation. Re- 
gardless of the method, however, the meter will give the same 
reading, provided only that the amount of the pulse damping is 
sufficiently complete. With this assumption, the meter must 
indicate directly the difference between the average upstream 
pressure, and the average downstream pressure. This is not the 
same as the average of the pressure differences (between up- 
stream and downstream) which occur during a cycle, such as 
was indicated in the previous case, when the meter lines were 
undamped. In fact, it will be shown that the error in the aver- 
age flow rate inferred from the meter with damped lines is much 
less than the error in the average flow rate inferred from the meter 
with undamped lines. It is necessary to describe the average 
flow rate as “inferred,” because any differential-pressure gage 
obviously cannot indicate any sort of a flow rate directly. From 
theory (Equation [27] for steady flow) it has been demonstrated 
that the flow rate is proportional to the square root of the pres- 
sure difference actually indicated by the meter. 

With damped lines, the meter indicates the difference between 
the average upstream pressure and the average downstream 
pressure. This is not equal to the average of the square roots 
of the pressure differences between upstream and downstream, 
as would be required to obtain a correct reading under the as- 
sumptions of the present problem. It is assumed here, as in the 
previous case (with undamped lines) that the autonomous-ac- 
celeration term is negligible. Therefore the use of Equation 
[27] is still suitable for relating pressure and flow at any instant 
during a cycle. 

By definition, let 


P-/Pm = 1 D/d)* 


True flow 


= | aya: 
Indicated flow ~ — .. 


[62] 


P,W + p, = pressure upstream of orifice at any instant 
P.W + p: = pressure downstream of orifice at any 
instant 
Then the pressure difference p, across the orifice at any instant 


is 


Pi = Pm + (Pi — Pr)W 


é 


Pm = Pi — p2 = difference of average values of up- 
stream and downstream pressures 


= average value of upstream pressure 
average value of downstream pressure 
pulsating component of upstream pressure at any 
instant 
pulsating component of downstream pressure at any 
instant 
wave-shape factor (=sin 6 for sine wave) ey 
When both the pressure lines to the differential-pressure meter 
are completely damped, the pressure p,, is the pressure indicated 
by the meter. The corresponding steady-flow velocity which 
would produce the same meter reading is u,,, where by analogy 
with Equation [47] 


but in this case u,, is not the true average flow velocity, because 
there is an additional “‘rectified’”’ component which results from 
averaging the square root of the variable pressure difference 
across the orifice during a complete cycle of the wave motion. In 
other words, the true value of the average flow rate is found by 
integrating the fluid velocity u, over a complete cycle. Substitut- 
ing the value of p, from Equation [45] into Equation [64] gives 


F,pRu? = + (Pi — P2)W 


Since p,, is the known meter reading with damped lines, it 
would be possible to calculate u, from Equation [67] if only a 
value of (P; — P2)W could be found at each instant during a 
cycle of the wave motion. This requires a knowledge of the 
exact value of pulse pressure at each instant both above and below 
the orifice. Unfortunately, the difference (P; — P:)W is very 
small relative to P;W because P,W is nearly equal to P.W. 
Only P,W or PW, separately, can be measured directly without 
special instruments, and it is desirable to be able to predict flow- 
rate errors from a previous estimate of the general pulse-pressure 
level in the region of the orifice, without knowing (P; — P2)W. 
Therefore it is desirable to eliminate the unknown value of (P: — 
P,)W from Equation [67] and express u,; in terms of P, or P; only. 
This requires determining an additional relationship between 
P;, P2, and u, From the characteristic wave impedance pe, 
if there are no standing waves in the system, it is possible to de- 
duce a fluid velocity u; or uz, associated with a pulse pressure P; 
or P2, which would occur in a long pipe with no orifice plate. 
The actual fluid velocity u, can only be estimated, without ex- 
plicitly solving the complete nonlinear partial-differential wave- 
and-flow equation. 

whew of Wu; and Ww are determined from 


F = 1.0 


For example, F = 1.0 when the orifice plate is in the discharge 
line of a compressor and F = —1.0 when the orifice plate is in 
the suction line of a compressor. Here W = wave-shape factor. 
Using the same notation as in the previous analysis with un- 
damped meter lines, let uo represent the average value of wu, 
during the cycle, which corresponds to the true flow rate 


when average flow and pressure waves travel 
in the same direction 


when average flow and pressure waves travel 
in opposite directions 


= Uo 
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At any instant during a cycle, the actual fluid velocity u, will 
be different from wo. It will not be uo + Wm, nor will it be 
uo + Wu2, but a good estimate is found by assuming an average 
value 


+ 0.5(u, + w)W. {71} 


Since the pipe has the same diameter upstream and down- 
stream from the orifice, u, must have the same value both up- 
stream and downstream from the orifice. 

Substituting the values of Wu, and Wu: from Equations [68] 
and [69] into Equation [71] gives 7 


U, = Ue + (2pc)-(P, + P2)WF 


or 
2pcu, = (2pc)uo + (P: + P:)WF 


Adding Equation [67] to Equation [72] with F = 1.0 gives 
an equation contaiming only the upstream-pulse pressure WP; 
and the unknown pressure difference W(P: — P;) has been 
eliminated 


F,pRu? + 2pcu, — (py + 2pcuo + 2P,\W) = 0... [73] 


Adding Equation [67] to Equation [72] with F = —1.0 also 
eliminates W(P, — P;). However, it gives an equation identical 
to Equation [73] except that +P,W is replaced by —P:.W 


Uy = Uo 


[72] 


F,pRu,? + 2pcu, — (p_ + 2pcus— 2P:2W) = 0... [74] 


Since the upstream pulse pressure WP, is nearly equal to the 
downstream pulse pressure WP, an average pressure “ampli- 
tude” P may be used in place of either P; or P2, where 


P = + P:) 


and the flow velocity u, may be found from a single equation 
containing FP which reduces to Equation [73] when F = 1.0 
and to Equation [74] when F = —1.0 
F,pRu? + 2pcu,— + 2pcuo + 2FPW) = 0... [76] 
As in the previous calculation of flow error with undamped 
pressure lines to the dp meter, only positive values of the instan- 
taneous fluid velocity u, will be considered in the present analysis. 
Therefore F,, = 1.0 by definition, in Equation [76]. 
It is convenient to express the pulse pressure P in Equations 
[75] and [76] in terms of a fluid velocity u defined as 


u = + ue).... 


From Equations [75], [68], and [69], since F = F~', substitut- 
ing into Equation [77] 


Using Equations [78] and [66], Equation [76] becomes 


Ru, + 2cu, — (Ru,,? + 2cuo + 2ucW) = 0 . [79] 


in which the density p has been eliminated by division since it 
oceurs in each term of the resulting equation. It should be 
observed that the velocity u may be either positive or negative 
according to the value of F in Equation [78] which may be 
either +1.0 or —1.0. 

Since it has been assumed that the fluid velocity u, is always 
positive, it is necessary to determine the condition under which 
u, will always be greater than zero, using Equation [79]. Let u, 
= 0 in Equation [79]. The result is 


Ru,,? + 2cuo + uc sin 6 = 


in which W has been replaced by sin 6 for a sinusoidal wave. 


J 
: 
| 
¥, 
: 
|| 
Wu, = ... 
“4 
| 


_ where z is defined by Equation [87]. 


fore (1 + 
_ power series in terms of z by the binomial theorem and each term 


JULY, 1957 


Solving Equation [80] for sin? 6 gives 


sin? 6 = (w/u)*{1 + 0.5R(u,, 


In this formula wo is unknown but does not differ greatly from 
u,, When the flow-rate error is small. Evidently, when uo is 
greater than u, the right-hand member will be greater than 1.0 
because the term containing u,,? is always positive. Thus it 
will be assumed that (u/uo)? and (u/u,,)? are each less than 1.0. 
Under this condition, the fluid velocity u, is always positive. 
Solving Equation [79] for u, gives 


u, = —c/R + [(c/R)? + + 2ucc/R + 2ucR- sin [82] 


The known value of u,, can be used as a standard velocity. 
Dividing both sides of Equation [82] by u,, gives 


= —b + [(1 + b)? + 2Ab + 2(u/u,,)b sin 6)'/*.. 
A= (uo — Um)/Um 
b = e(Ru,,)... 


[83] 


U,/Up 


In Equation [84] A is approximately equal to the relative frac- 
tional flow-rate error, which will be shown to be about three or 
four percent. Factoring the quantity (1 + b)* from the square 
root in Equation [83] gives 


U,/im = — + (1 +601 + B42) 
= 2b(1 + b)-%u/u,,) sin 6 
B = 2Ab(1 + b)~? 


The maximum value of |B| occurs when b = 1, as can be 
shown by differentiating b(1 + b)~? and setting the derivative 
equal to zero. Then the maximum value of |B} is (0.50) |A|. 
Therefore the value of |B| is always less than about 0.02 since |A 
is less than about 0.04 as will be proved later. Therefore B can 
be neglected compared to 1.0 in Equation [86]. The result is 


u,/u, = —b + (1 +61 


Equation [89] also can be written in another form by alge- 
braic rearrangement, which gives 


= 1—(1 + —(1 + [90] 
This form is more convenient in terms of the average integral 
which will be used to determine the average value of u, during a 
cycle. The average velocity (u,)avg corresponding to the true 
flow rate is the average value of u, over one cycle, from 8 = 0 to 
6 = 2r. Integrating both sides of Equation [90] from @ = 

to 0 = 2m and dividing both sides of the resulting equation by 


2m gives 
= 1—(1 —J,) = 


)ave/ Um 


in which 


= (1 4+2)"d0........... [92] 


The greatest value that |! 
can have is 0.5, as it was shown (following Equation [88] ) that 
the maximum value of b(1 + 6b)~* occurs when b = 1.0. There- 
‘2 can be expanded into an absolutely convergent 


of the resulting power series can be integrated from 0 = 0 to 
0 = 2m, as indicated by Equation [92]. The series is 


(1 + = 1 + (1/2)x — (1/8)z* 
+ (1/16)z* — (5/128)r4 +2... 19% 
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Define 


a 


x= [94] 


From Equation [87] 


= 2(u/u,,)b(b + [95] 
Inserting the value of (1 + z)'/* from Equations [93] and [94] 
into Equation [92] and evaluating the resultant integrals 


1 — J, = (0.0625)y%1 + 0.234 y? + 

The value of y? cannot exceed 0.25 because (u/u,,)? is assumed 
less than 1 and it has already been shown that the maximum 
value of y occurs when 6 = 1.0. Then the term 0.234 y? cannot 
exceed (0.25)(0.234), or 0.059, which produces a relative frac-~ 
tional difference of less than 6 per cent, if the value of 1 — J, 
in Equation [96] is replaced by 


1 — I, = (9.0625)y?. . (97] 
Substituting the value of y from Equation [95] into Equation 

[97] 
1 — J, = (0.25)(bu/u,,)*(1 + 


The value of b is found from Equation [85]. 
the value of R from Equation [46], and the value of u,, 
Equation [66] gives 


b = — 1] 


from 


in which use has been made of the formula for the velocity of — ; 
sound c? = Kpo/p. 

Substituting the value of b from Equation [85], the value of u _ 
from Equation [78], and the value of u,, from Equation [66] into 
the expression bu/u,, in Equation [98] 


bu/u,, = cu(Ru,,?)-! = FP/p,,.. 
Therefore Equation [98] becomes 
1 — I, = (0.25)(P/p,,)%1 + b)-*... 
Substituting the value of 1 — J, from Equation [101] into 
Equation [91] gives 


= 1 — (0.25)(P/p,,)%1 + b)-3 


Substituting the value of b from Equation [99] into Equation 
[102] gives 


true flow 
indicated flow 
= 1 —(0.25)(P/p,,)*{1 + . 


Uo/Um 
[103] 


in which [(D/d)* — 1] ~'/* has been replaced by its p appreciate 
value (D/d)~?, and where 


* 
P = pulse-pressure amplitude at orifice 


(= half peak-to-trough value) 
pressure difference across orifice, indicated by meter 
with damped lines 
= average absolute pressure 
ratio of specific heats of gas 
pipe diameter 
= orifice diameter 


From Equation [100], since b = 1.0 and u/u,, = 1.0 under the 
maximum pulse conditions assumed in deriving Equation [102], it — 
follows that P/p,, = 1.0. Then Equation [102] shows that 


Substituting 


[99] 


| 
| 
| 
| 
| 
D 


( true flow 
max = indicated flow/ max 


= 1— 0.031 


which corresponds to a 3.1 per cent error in flow rate under the 
maximum pulse conditions assumed in the derivation. Including 
the correction term 0.234 y? in Equation [96] would indicate 3.3 
per cent error under these conditions. 


Sounb-WavE From A VIBRATING SURFACE 
From equation (4.17), chapter 4, of ‘‘Acousties,’’ by Leo L. 
Beranek (McGraw-Hill Book Co., New York, 1954), for a vibrat- 
ing disk in an infinite plane 
P, = F pm fpoS/r 


When the wave length is greater than the diameter of the disk, 
the directivity factor 


Fp = 2Ji(ka sin 0)/(ka sin 6) 


. . [104] 


is nearly equal to 1.0. For any wave length, the factor Fp is 
also equal to 1.0 on the axis (where 0 = In the foregoing 


amplitude of pulse pressure at distance r from center of 
disk 

= maximum velocity of surface of disk 

r=. 
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frequency of vibration of disk 
density of gas 
surface area of disk 
distance from center of disk to point at which pre ware 
is measured 
wave length = c/f 
velocity of sound 
angle between axis and line from center of disk to 
point where pressure is measured 
= Bessel function = y/2 for small y 
=radiusofdisk = 


where po is the average absolute pressure and K is the specific-heat 
ratio C,/C,, it follows that 


po = Kpe/c? 


wk 


Un = 


where z,, is maximum excursion of the disk from its average 
position. Substituting the value of p, and u,, from Equations 
{105} and [106] into Equation [104] gives 


p,/Po = (6. /c)*KSz,,/r. 
Po 
-tode anew 4 
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wer = of the Volute on Performance 


of a Centrifugal- 


By R. D. BOWERMAN! anp A. J. 


An experimental study of volute influence on radial 
flow-impeller performance was conducted by operating a 
single impeller with three different sets of volute vanes. 
In each case, over-all performance was measured and an 
internal-flow study within the volute was made. The re- 
sults show that at their respective design flow rates the in- 
fluence of the volutes is least and the deviation of per- 
formance from the free-impeller operation is small. At 
off-design flow rates there are major changes in the im- 
peller performance resulting from the presence of the 
volutes. Large real fluid effects, coupled with a nonuni- 
form velocity pattern at the impeller exit, result in a flow 
through the volute that does not resemble a potential flow. 
Even so, the fluid losses through the volute are compara- 
tively small. 


NOMENCLATURE 


The following nomenclature is used in the paper: or 


outlet area of impeller tude 
impeller-passage height 

absolute fluid velocity 

absolute meridional component of fluid velocity 


absolute tangential component of fluid velocity 


static-head coefficient = H,g/u;? 
gravitational constant 


total head (referenced to total head at impeller inlet) 
static head (referenced to total head at impeller inlet) 
flow rate 

radius from impeller axis 

radial co-ordinate of volute vane 

Reynolds number = r2*w/v 

torque 

impeller tangential velocity = wr 

impeller-vane angle 

volute-vane angle 


Poe 


efficiency = 


3 


angular co-ordinate of volute vane; absolute angular co- 
ordinate 

fluid density 

flow-rate coefficient = Cm2/u2 = Q/Aste 

impeller-design flow-rate coefficient 

total-head coefficient = 


torque coefficient = 


>. 
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Pump Impeller 


ACOSTA? 


= 
v= 


angular velocity of impeller —— 
kinematic viscosity 
Subscripts 
1 = impeller inlet (8,) 
impeller outlet (83, r2, u2, As, Cm2) 
= impeller only 
= ‘‘whole pump” (impeller with volute) ,) 
design quantity (W,, 2, 72) 
refers to volute quantity (y,, C,) 


INTRODUCTION 


The pump-research program of the Hydrodynamics Laboratory 
of the California Institute of Technology has been directed 
towards determining basic design information by systematically 
studying the performances of pump components and by correlating 
performance with internal-fiow phenomena. Previously, exten- 
sive work has been conducted on centrifugal impellers operated 
with a vaneless diffuser; i.e., an annular passage of constant 
breadth. Thus, polar symmetric conditions existed for the im- 
peller over the complete range of flow rates. An impeller operated 
in this manner is herein termed a free impeller. In the present 
work, effects of the volute case on the aggregate pump have been 
studied by successively combining three simplified two-dimen- 
sional volute shapes with a single impeller (previously studied as 
a free impeller) and conducting over-all performance and internal- 
flow experiments on the combinations. 

The information sought can be divided roughly into two cate- 
gories: (a) the over-all performance for comparison of the dif- 
ferent impeller-volute combinations and determination of the 
volute effect on the impeller itself; and (b) the nature of the flow 
through the volute, its agreement with potential theory, and its 
correspondence with the features of the over-all performance. At 
a given speed of rotation, the over-all performance is described 
completely by the head and torque as functions of flow rate from 
which the water power and efficiency can be calculated. The flow 


y 


in the volute is determined by measurements of the total-head and © 


static-head distributions from which velocity can be calculated. 

With regard to the over-all performance of the impeller-volute 
combinations, a distinction is made between impeller performance 
based on averaged head measurements made at the impeller exit 
and pump performance based on averaged head measurements 
made at the volute exit. Furthermore, as the definition of pump 
performance indicates, the “pump’’ of this test is not directly 
comparable to a commercial pump, as the latter also includes final 
collection of the discharge into a single pipe with the consequent 
additional adjustment of the flow pattern to uniform pipe flow. 
Thus, the complete pump is subject to additional mixing losses 
which are not accounted for in the volute losses reported here. 
It should be noted also that, unlike commercial tests, the torque 
resulting from disk friction and other mechanical losses is not i in- 
cluded in the present tests. 


DesIGN AND CONSTRUCTION 


The impeller employed in the investigation was a two-dimen- 
sional design with a 20-deg inlet angle and a 23.5-deg outlet angle, 
and has been described thoroughly in previous publications (1, 2, 
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12.0"R a os 3). The two-dimensional volute cases were formed by fitting the rf 
LUCITE TOP SHROUD < volute vanes between parallel diffuser shrouds, as seen in Figs. 


1(a), (6), and2. Double-volute construction was chosen to meet 
SHEET ALUMINUM ' space limitations and to make an added study of fiow symmetry. 
VOLUTE VANE / YY It should be noted that the volute vanes extend inward quite close 
to the impeller vanes. This close proximity is not common in 
commercial designs; however, for the purposes of this study, the 
maximum effect of the volutes was desired. 
The volute-vane shapes were derived by considering the ele- 
mentary theory of constant angular momentum. In two dimen- | 
sions this yields the equation of the familiar logarithmic spiral — 


ALUMINUM BOTTOM 


SHEET ALUMINUM r, = 


wetbanieets ie where r, and @ are the radial and angular co-ordinates of the 
SUCTION es volute vane, @ and W are dimensionless coefficients of the flow 
F rate and head, respectively, and 7 is the efficiency. Calculation of 
a volute shape was made by choosing a volute-design flow rate 
¢, and taking the corresponding W, and n, data from the free-im- 
peller characteristics. The ratio ¢,,/W, which is the tangent of 
the volute-vane angle is also the tangent of the actual flow-dis- 
charge angle from the impeller at the chosen flow rate. The 
three sets of volutes resulted from the choice of @, equal to 75, 
100, and 120 per cent of the free-impeller design point, @,. All 
pertinent dimensions and design constants are given in Table 1 
The volute vanes were formed of !/;-in. aluminum sheet, 1.2 in. 
wide, bent to match metal templates cut to the r, and 6-co-or- — 
ordinates. The vane leading edges were rounded. The templates 
also were used to scribe the vane positions on the diffuser shrouds 
and the vanes were held in position with screws. A single set of 
shrouds was made to accommodate all three sets of vanes. 


Fie. l(a) Axrat Cross Section or Test Pump 


EXPERIMENTAL WorK 


Test Program. The following experiments were made on each 
of the impeller-volute combinations: 


I Static-head measurements around the impeller periphery. 

II Total-head measurements at the radial probe stations in 

Fia. 1(6) Layout or Vanes in Dirruser Surovups. Posi- the volute passage. Total-head measurements were made at five 
TION OF PrEZOMETER Taps SHOWN AS FoLLows: lawations 


O Indicates static tap 
@ Indicates static tap and total-head probe oe = Ill Input-torque measurements. 


Additional pressure-distribution meas- 
urements on the volute vanes and tuft 
studies in the volute passages were made 
but are not reported herein. 

Instrumentation. The Laboratory facili- 
ties have been described thoroughly in pre- 
vious publications (1, 2) and will not be © 
further recorded here. The static-pressure 
measurements of Test I were made by 
means of 42 static piezometer taps (0.020 
in. in diam) that were spaced around the 
impeller periphery */i. in. from the impel- 
ler exit. 

The total and static-pressure data 
needed in Test II were measured by static 
holes and total-head probes set into brass 
inserts which were set into radial slots 
machined in the top shroud. Separate in- 
serts for static and total-head measure- 
ments were used. The angular direction 
and elevation of the total-head probes 
were maintained by pouring melted wax 
around the base of the probes. The total- 


3 Numbers in parentheses refer to the Bib- 
liography at the end of the Paper 
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TABLE OF CONSTANTS 


” 
Volute equation: re = me 


Impeller-vane angles: 6: = 20°, 
i 6 = 1.2 in, 


re = 5.15 in. 

Per cent free-im- 
peller design 
point ox* 

0.0878 

0.1170 

0.1404 


B2: = 23.5° 
oe = 0.1170 


Volute 
designation 
75% volute 

100% volute 


0.3163 120% volute 


Running Clearances 


Radial: 0.005 — 0.008 in. 


Inlet seal: 0.004 in. 


head-tube proportions were slightly unusual. The design and 
calibration are given in Fig. 3. The location of the static-pres- 
sure holes and inserts for total and static-pressure determination 
is shown in Fig. 1(b). The completely instrumented volute is 
shown in Fig. 4, together with the multi-tube manometers used 
to read the pressure signals. 

All pressure measurements were referenced to the total head at 
the inlet of the impeller. 
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TOTAL HEAD 
REGISTERED BY PROBE 


-20° 10 10° 
DEVIATION OF PROBE FROM FLOW DIRECTION 


‘1G. 3 ANGLE Sensitivity or Totat-Heap PRoBes 


Volute tongue: 
0.015 in. from impeller shrouds 
0.020 in. from impeller vanes 


* Measured free-impeller characteristics, ¥ measured '/i¢ in. from impeller exit. 


Torque measurement was accomplished by balancing the reac- 
tion torque of the motor case with weights suspended over a 
pulley from a lever arm. The balance position was indicated by a 
Statham displacement gage and fixed-bridge circuit. 

Procedure. All tests were conducted at 150 rpm over an estab- 
lished set of flow rates. To minimize the effect of probe inter- 
ference, all static-head data were taken independently of the total- 
head data and total-head data were taken with the probes evenly 
divided between the two volute passages to maintain flow sym- 
metry. 

The torque tests required careful technique as the bridge drift 
and general laboratory vibration contributed to scatter in the 
readings. As the torques involved at the low rpm were small 
(0.20.5 ft-lb), the percentage error was large. Continual checks 
were made on the bridge zero and statistical methods were ap- 
plied to the taking of each reading. As only the torque due to the 
impeller-vane action was wanted, the tare torque which in- 
cluded the motor windage and the fluid-disk friction on the out- 
side of the impeller had to be measured. This was done by run- 
ning the impeller empty but with a temporary basin holding water 
atop the impeller, simulating the operating condition. 
tion of actual running conditions was difficult and the reading 
was sensitive, but identical technique was employed for all the 
torque tests. Estimated final torque error is within +2 per cent. 


RESULTS AND DiscussIon 


Presentation of Data. All quantities are reported as dimension- 
less coefficients as defined in the nomenclature. The curves of 
Figs. 5(a), (b), and (c) represent the impeller head as a function 
of the angular position from the volute tongue. 
values is the average of five head readings taken over the breadth 
of the impeller. The over-all impeller head is the average of the 
data of Fig. 5 and it should be recognized that these averages 
cannot be accurate where the curves differ widely. The over-all 
pump head (Fig. 13) was obtained by an integrated average of the 
head values over the volute exit. Velocity coefficients were cal- 
culated from the difference in total head and static head, and it 
was necessary to assume that the static head at the top shroud 
was a representative of that across the passage depth. 

With regard to free-impeller-head values, some explanation is 
required as to the manner in which they were obtained. In Fig. 6, 
curves A and B are the result of earlier work on the impeller 
where curve A represents measurements made '/,. in. away from 
the impeller-vane exit and curve B, */s in. away. The difference 
of these curves was considered in reference (1), wherein at low 
flow rates it was decided that large mixing losses occur imme- 
diately following the impeller exit. Values from curve A were 
used in calculating the volute shapes. The data for curve C were 
currently taken in an identical manner as the data with volutes; 
i.e., 5/s2 in. away from the impeller exit. Curve C, generally in 
accord with curves A and B, is teken as the free-impeller per- 
formance for comparison with the data of the volutes. 
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Effect of Volutes on Performance 


Over-All Results. The experimental results show 
that the volute shape is quite prominent in determ- 
ining the performance characteristics of a pump. 
The significant result is that the performance is con- 
trolled by the influence of the volute shape on the 
impeller operation rather than by the addition of 
losses to the fluid within the volute. Conclusive 
evidence that the impeller operates differently with 
different volute shapes is found in the torque curves 
(Fig. 7). Although there is not too much difference 
in the torque curves at low flow rates, above @ = 
0.09 the curves are distinct, and at ¢ above 0.14 there out aa alieaaa 
is considerable variance. The 75 and 100 per cent | 
combinations generally require somewhat greater 0.15 
torque than the free impeller, whereas the 120 per ¢@ + FLOW RATE COEFFICIENT 
cent combination torque requirement is about the pi, 7 
same as the free impeller. 
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Additional evidence of volute effect on im- 
peller performance is given by the impeller- 
head curves (Fig. 8). The heads are similar 
over the span of the design points; however, 
at low flow rates and high flow rates, there 
are large differences in the head curves. In 
general, it can be concluded that each volute 
causes different loss distribution within the 
impeller and immediately following it for 
these reasons: At very low flow rates 
each of the four cases must have a different 
impeller Joss because the heads are quite dif- 
ferent even though there is little change in 
the torque. At high flow rates, the impeller 
heads of the 120, 100, and 75, per cent com- 
binations successively decrease and are lower 
than the free-impeller values; 
torques progressively increase, all being as 
high or higher than the free-impeller require- 
ment. The impeller-efficiency curves (Fig. 9) 
reflect the effect of these losses. 

Effect of Volutes at Design Points. The 
operation of each volute-impeller combina- 
tion is optimum at approximately the indivi- 
dual volute design flow rate. The heads pro- 
duced by the 100 and 120 per cent combina- 
tions are almost the same as the free-impeller 
head measured 5/3; in. away from the impeller 
exit. At the flow rate 0.75¢,, the free-im- 
peller head measured at 5/32 in. away is below 
that measured '/,. in. away, and the 75 per 
cent volute combination produced a head 
between these two free-impeller values. 
Evidently in the 75 per cent case the presence 
of the volute alleviates the conditions causing 
the losses immediately following the impeller. 

The internal-flow data also support the 
fact that the volutes operate best at their 
design points. In each case, the radial surveys of 
total and static head and their consequent velocity 
distributions are smooth, Figs. 10 and 11, and the 
impeller total heads, measured at the various angular 
positions, Fig. 5, are nearly equal. 

Likewise, the static pressure distribution around 
the impeller periphery is quite uniform, Fig. 12. 
These results indicate that the volute can be designed 
without taking into account the effect of friction, at 
least for the relatively high Reynolds numbers (2.4 
X 105) of these tests. 

Complete Pump Performance. 


COEFFICIENT 
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however, the 


PUMP DEVELOPEC 


The pump-perform- 
ance curves (Figs. 7, 13, 14) are seen to be not sig- 
nificantly different from the impeller-performance 
curves. There are some losses as the fluid passes 
through the volute, as demonstrated by the total- 
head curves compared in Fig. 15. At the volute- 
design points, the losses through the volutes in each 
case are approximately 3 per cent of the total head 
of the impeller (which amounts to about 20 per cent 
of the volute exit-velocity head). However, except 
at the volute-design flow rates, the losses incurred in 
the volute are of a lesser magnitude than the changes 
in impeller performance of the three volute combina- 
tions. All impeller-volute combinations have nearly 
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0 6 equal best efficiency (about 87 per cent) which is probably due 
75% VOLUTE to the fact that the design points of the volutes are within the 
o Wj high-efficiency region of the free impeller. It is not likely that 
& Wp a volute designed below the high-efficiency region of the impeller 
would give good performance. 

Flow Patterns Through the Volute. As happens in many other 
flow problems, the flow in the volute has an approximate poten- 
tial flow static-pressure distribution, but the velocity distribution 
is not at all that predicted by theory. The local total and static- 
head curves and horizontal velocity-profile plots, Figs. 10 and 11, 
show that at design points the velocity diminishes to some degree 
with increasing radius to about one third of the volute-passage 
width, and from there on to the volute vane it is nearly constant. 
Potential flow requires the velocity to diminish inversely as the 
radius. Furthermore, over the entire range of flow rates there ap- 
pears to be a region of high-velocity flow along the concave side of 
the volute vane that would not ordinarily be expected. It is be- 
lieved that this result is due to a secondary flow of the high-energy 
fluid coming from the impeller-shroud boundary layer. Con- 
siderable flow disturbance is caused by this discharged-impeller 
boundary layer, as can be seen in Figs. 10, 11, and 16. The effect 
is notably more pronounced on the bottom surface as the bottom 
100% VOLUTE impeller shroud has a larger diameter. The fluid elements with 

°o. (Wi . varying total energy necessarily mix at the impeller exit, and this 

a VW process accounts for some of the observed losses. 

Discussion 


It would be of interest to be able to predict, roughly, the direc- 
tion and magnitude of the volute-impeller interference effects. 
Early investigators, e.g., Straszacker (4), have made attempts in 
this direction by assuming the absolute flow to be irrotational and 
inviscid, so that potential theory could be used. Straszacker was 
concerned chiefly with the flow and streamline picture at the 
impeller exit rather than with performance calculations. 

At off-design conditions high velocities can occur «t the volute 
tongue and these disturbances may cause substantial deviations 
in the velocity pattern. If the impeller is considered to have an 
infinite number of blades, it can be shown (5) that these devia- 
tions will give rise to a nonuniform total head around the periph- 
ery of the impeller and, as a consequence, the flow leaving the im- 
peller will not be irrotational. The same conclusions also may be 
obtained if the impeller is considered to have a finite number of 

0.25 vanes; however, the discussion proceeds more easily with an in- 
ee finite number of vanes. 
120% VOLUTE | The influence of the volute on the impeller performance (from 

: ¥ i an elementary point of view) comes from the nonuniform distribu- 

ye tion of radial velocity around the impeller. If it may be assumed 
that the infinite number of vanes perfectly guides the relative 
flow, then the torque required can be determined from the 
momentum law. From this computation it is easy to show that 
any variation in radial velocity around the impeller leads to a de- 
crease in required torque. If the impeller efficiency were un- 
changed, the impeller head would thus be reduced. 

The foregoing deduction is not borne out by the present ex- 
periments. Practically all cases show an increase in the torque 
required by the impeller. It must be concluded that either the 
foregoing simple picture is inadequate or the principal assump- 
tion, i.e., that the flow is perfectly guided by the impeller vanes, 
is erroneous. Probably both situations occur. In potential flow, 
with a finite number of blades, the Kutta condition is applied 
at the impeller tips and replaces the perfect guidance of the in- 
finite-vane case. The presence of the volute tongue gives rise to 
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trailing vorticity and nonsteady flow patterns in both the relative 
and absolute flow patterns. Their precise influence on torque is 
not known, although the situation is qualitatively similar to the 
infinite-vane case. Since the volute vanes were only about !/j. in. 
from the impeller, enormous nonsteady disturbances could occur 
there, and it does not seem unreasonable that the real fluid flow can- 
not always adjust itself to stream smoothly off the blade tips. If the 
condition of perfect guidance (for an infinite number of blades) is 
relaxed, then it is possible for an increase in torque to occur. This 
result also follows from the intuitive notion that near the volute 
tongue, the absolute flow leaving the impeller is determined by 
the volute-vane angle. Thus, at high flow rates, the tangential 
component of absolute velocity (and thus torque) would be 
greater than in the free-impeller case. If it were not for a simul- 
taneous decrease in impeller efficiency, a larger average head 
would result. An inspection of Fig. 5 does show that the head 
measured 60 deg from the volute tongue is consistently high for 
the high flow rates and low for the low flow rates, showing that 
the head there is controlled by the volute vanes. 

This discussion is admittedly speculative in part and should be 
subjected to further investigations. It appears, however, that 
potential theory cannot be used to describe the flow at off-design 
conditions. At the present time no satisfactory method of ac- 
counting for off-design performance is available. 


ConcLusIONsS 
From a series of experiments on a two-dimensional impeller and 
simplified volute shape, the following observations can be made: 


1 For efficient operation, the volute must be matched to the 
impeiler at the desired design flow rate. 

2 At the design point of the volute, its influence is relatively 
small and it can be designed without considering the effect of fric- 
tion at the Reynolds numbers of these experiments. 
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3 At off-design conditions large changes in pump performance 
occur that are due primarily to changes in impeller performance. 

4 There are large real fluid effects in the volute flow that arise 
from the discharge of the rotating boundary layer into the volute 
channel. The resulting velocity distributions are only qualita- 
tively similar to a potential flow; i.e., constant angular momen- 
tum at design conditions and depend markedly on flow rate. 


In the present experiments, the maximum influence of the 
velute vanes has been studied. The degree of volute-impeller in- 
terference is, of course, dependent upon the spacing between 
them. It is hoped that investigation of this variable, as well as 
that of Reynolds number, will be undertaken in the future. 
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Pressure Drop and Flow Characteristics 
of Short Capillary Tubes at 
Low Reynolds Numbers 


4 
The pressure drop and flow characteristics of short cap- 


illary tubes have been investigated experimentally for 
length-to-diameter ratios varying from 0.45 to 18 at 
diameter Reynolds numbers ranging from 8 to 1500. In 
the range of the dimensionless modulus (Ly) /(VD%p) from 
4 X 10-* to 3 to 10~', the experimental data agree within 
15 per cent with a mathematical theory by Langhaar 
(1).4 At a value of (Lu)/(VD? p) of about 0.3 the experi- 
mental data approach the Poiseuille laminar-flow theory 
(2). For very short tubes (L/D < 0.5) the experimental 
results deviate from Langhaar’s theory at values of Lu/ 
less than 4 X and at Lu/VD"p equal to 5 X 10~, 
the pressure drop is twice as large as that predicted by 
Langhaar’s theory (1). The experimental results for tubes 
having very short aspect ratios are in agreement with data 
obtained by Zucrow (12) with short square-edged jets. 
It was found that the flow rate Q through a short capillary 
tube can be related empirically to the over-all pressure 
drop Ap raised toa power N. The exponent Nis a function 
of the length-to-diameter ratio L/D varying from 0.5 at 
L/D equal to 0.45 to 0.91 at L/D of 18. The trend of the 
curve suggests an asymptotic approach to unity, the ex- 
ponent for Poiseuille-type flow. The results of this study 
have application to: (a) Simulating flow through screens, 
doors, cracks, and fissures in small-scale model testing of 
buildings in atmospheric wind tunnels. (6) Automatic 
control devices where capillary tubes are used as hydraulic 
resistances in a larger line and in nozzle-flapper combina- 
tions. (c) Heat pumps and air-conditioning equipment 
where short capillary tubes are used as two-way control 
valves. (d) Flow through compact heat exchangers and 
porous materials. 


NOMENCLATURE 
The following nomenclature is used in the paper: 


C = orifice coefficient, defined by Equation [10] 
D = diameter of tube, in. 
= 32.2 ft-lby/Ibr — sec? 
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By FRANK KREITH? anp RAYMOND EISENSTADT? < 


a 


fave = integrated apparent friction coefficient, oy by 
Equation [8] 
= characteristic flow exponent, defined by Equation [1] _ 
length of tube, in. 
characteristic pressure-drop exponent, 1/2k 
static pressure, psf 
static pressure drop, psf 
= total pressure difference between reservoirs connected 
by capillary tubes, psf or in. H,O 
= volumetric flow rate, cfm 
mean velocity, 9.6 Q/m D?, fps 
distance from the inlet section, illustrated in Fig. 4. 
= Reynolds number, 0.8Q o/m Du, dimensionless 
dynamic viscosity, /ft-sec 
mass density, lby /ft® 


INTRODUCTION 


It is usual to express the pressure drop of an incompressible 
fluid flowing through a duct or an orifice as a function of velocity 
by a relation of the type 


Ap ia 
= 4farp D ) const ( ) 


where the exponent k in Equation [1] depends upon the flow 
system. For some common flow systems Equation [1] yields 
the following relations between pressure loss and velocity: 


1 Orifices, screens, or grids (above critical Reynolds number, 
Fave = const) 


2 Turbulent flow in ducts (fare = const/Rep-?) 
Ap ~ =0.9.. 
3 Fully developed laminar flow in ducts (fare = const/Rep) 
Ap~ V,k =0.5.... 


While numerous investigations have been made to determine 
the flow characteristics of the foregoing systems in fully de- 
veloped laminar and turbulent flow, the data available for lami- 
nar flow in short tubes are scant and inconclusive. A survey of 
available experimental data and analytical investigations on 
laminar flow in the inlet zone of ducts (2 to 7) is contained in 
reference (8). 

The interest in this flow regime arose originally as a result of 
the need to simulate various types of flow through screens, 
doors, windows, and the like, in tests of small-scale models of 
buildings in an atmospheric type of wind tunnel. 

It is well known that the pressure drop of a fluid under laminar- 
flow conditions in short tubes is considerably larger than the 
value predicted from the Poiseuille law. This is a result of the 
changes in the velocity profile occurring near the tube entrance. 
Wher a Suid enters a duct, i one particles adjacent to the 
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wall are slowed down by the viscous forces while the particles in 
the inner core are not directly affected by these forces for some 
distance from the entrance. Under the influence of the frictional 
forces the thickness of the retarded fluid layer grows. Since the 
mass-flow rate remains constant, it is necessary for the fluid in the 
inner core to speed up until finally a parabolic velocity distribu- 
tion is reached some distance from the entrance. The change in 
momentum of the fluid in the inner core can only be produced 
by a force over and above that which is required to overcome 
the friction between the fluid and the pipe wall. This force 
shows up as an increase in the pressure difference required to 
move a given quantity of fluid through a short tube. 

The superposition of the pressure drop resulting from the 
momentum change upon the pressure drop caused by the trac- 
tive forces at the wall of a duct offers the possibility of obtaining 
various values of the exponent k in Equation [1] by a proper 
balance between the two mechanisms. Thus, by a proper selec- 
tion of the length-to-diameter ratio, it is possible to simulate 
various types of flow system, even if the reduction in scale of the 
prototype results in length dimensions for openings in the model 
which produce purely laminar flow. 

Numerous other engineering problems involve laminar flow 
through ducts having such short length-to-diameter ratios that 
a parabolic velocity profile cannot be established. For example, 
in recent designs of heat pumps and air-conditioning equipment 
(11), short capillary tubes have been used to replace more com- 
plicated two-way control valves. Also in the design of pneu- 
matic instruments and compact heat exchangers or regenerators 
such entrance effects may be appreciable. : 


JULY, 1957 


OBJECT 
The purpose of this investigation was as follows: 


1 Determine experimentally the pressure drop character- 
istics (i.e., k) of capillary tubes having small length-to-diameter 
ratios. 

2 To provide experimental data for laminar flow through 
tubes in the range of the dimensionless quantity (L/DRep) from 
4 X 10~‘ to that value of (L/DRe,) where the Poiseuille law 
holds. 

APPARATUS AND EXPERIMENTAL PROCEDURE 


A schematic flow diagram of the equipment used in this investi- 
gation is shown in Fig. 1. Compressed air from a large settling 
chamber passes through a needle valve, filter, and air drier to the 
test section. The test section consists of two 6-in-diam pipes 
between which a thin plate of aluminum or lucite is tightly 
clamped with rubber gaskets and flanges. At the inlet side, a 
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Fie. 1 Scuematic DIAGRAM OF THE EXPERIMENTAL APPARATUS 


of the incoming stream. 

Capillary holes of about 1/32 or '/s4 in. were drilled and reamed 
perpendicular to the face of the circular plate. The entrance 
and the exit of the holes were square-edged with sharp corners. 
Plate thickness of about 1/64, 1/32, 1/16, 1/s, and 1/2 in. were used 
to obtain the desired length-to-hole diameter ratios. 

It was decided to use several capillary holes in a parallel ar- 
rangement (see detail in Fig. 1) instead of a single hole, for two 
principal reasons: (a) The flow rate through a single capillary 
hole is exceedingly small and the available flowmeter would not 
have been suitable. (b) It is rather difficult to measure the 
diameter of a single capillary hole accurately and a larger number 
of holes offers a better means of obtaining a more reliable “‘aver- 
age’’ size. It was arbitrarily decided to use 50 holes per plate. 
The holes were drilled about one or two thousandths of an inch 
undersize and then reamed to the final diameter. The size of 
the holes was measured by means of “go’’ and ‘‘no-go’’ gages, 
different in diameter by 0.001 in. Test data were reduced on the 
basis of a hole diameter halfway between the two gage diameters 
and, for purposes of evaluating the accuracy of the results, it was 
assumed that the diameter of an average hole was known 
to within 0.0005 in. on a 20:1 odd basis. 

In order to ascertain whether or not the material or its rough- 
ness has an effect on the results, some of the earlier tests were 
first performed with the holes drilled in lucite plates and then 
repeated with aluminum plates. Since no effect could be ob- 
served only lucite plates were used in the later stages of the work 
because the transparent material permitted visual inspection of 
the holes. 

To insure that there was no interference effect between the 
emerging air streams, check runs were made during which one 
half of the holes were plugged. It was found that the spacing 
of the holes had no effect on the results. 

The principal data consisted of measurements of flow rate, 
pressure, and temperature in the downstream chamber of the 
test rig, and the differential pressure across the plate containing 
the capillary holes. The flow rate was measured by means of 
a stop watch and a vane-type wet flowmeter which had been 
calibrated carefully before the test program was initiated. The 
pressure and temperature on the downstream side of the holes 
were measured by means of an inclined manometer and a mer- 
cury-in-glass thermometer, respectively. The differential pres- 
sure (or the total pressure drop) was measured by means of an 
inclined manometer with a precision level. 

Each test was repeated at least twice and the data were ac- 
cepted only if the results agreed to within 3 per cent. Special 
care was taken at low flow rates where the differential-pressure 
measurements were the source of the largest potential uncertainty. 

The pressure in the supply tank was not affected measurably 
by the outflow as would be expected from the small amount of 
air involved in any one test run. Therefore no pressure regulator 
was required. 


Accuracy oF RESULTS 


The accuracy of the experimental results was determined in 
accordance with a method suggested by Kline and McClintock 
(9) for single-sample experiments. Table 1 presents the per- 
centage accuracy of the results in terms of uncertainty intervals 
based on 20-to-1 odds. This means that the odds are 20 to 1 
against the per cent error in any one value of a result exceeding 
the stated percentage. The uncertainty intervals in the table 
are based on a combination of statistics and judgment, and they 
should be regarded as best estimates rather than absolute values. 
It is believed however that the accuracy of the final correlation 
of the data, represented by the curve drawn through all of the 
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experimental points (Fig. 5) is considerably better than the 
percentage figures for individual test points in Table 1. 


TABLE 1 UNCERTAINTY INTERVAL FOR ANY ONE VALUE ON 


A 20-TO-1 ODDS BASIS 


-—High differential— 
pressure 
in. 
diam 


Low differential ~ 
pressure 
in. in, 
diam diam 
5 y 2 
1/4 
5 


in. 
diam 


1/2 
RESULTS AND DISCUSSION 


The test results are tabulated in Table 2 and are presented 
in Fig. 2 in the form of curves in which the flow rate per tube 
is plotted against the total pressure drop between the reservoirs. 
Each of the curves represents the data obtained in a series of 
tests with one particular test section (e.g., one capillary tube). 
Inspection of Fig. 2 shows that the curves for tubes of larger 
aspect ratios (L/D) have steeper slopes than those of smaller as- 
pect ratios. The slope of each curve was measured and the 
results are plotted in Fig. 3 with the slope as ordinate and 
the aspect ratio as abscissa. The resulting curve shows that the 
exponent .V in an equation of the type 


Q = const Ap” 


increases from 0.5 at an aspect ratio approaching zero, to 0.91 
at an aspect ratio of about 17. The exponent N in Equation [2] 
is related to k, the exponent of the velocity head in Equation [1] 


N = 1/2k.... 
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Hence, the trend of the curve in Fig. 3 suggests an asymptotic 
approach to an exponent of unity, a value predicted from the 
Poiseuille law. The curve in Fig. 3 can be used to simulate, 
within the range of the variables shown in Fig. 2 and Table 2, 
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various types of flow characteristics, since it is possible to obtain 
any value of k between 0.5 and 1.0 by a proper choice of the 
length-to-diameter ratio. The curve also shows that entrance 
effects can be appreciable in capillary tubes even at length-to- 
diameter ratios as large as 50. 

The experimental data can also be correlated by means of an 
analysis originally proposed by Langhaar (1). The pressure drop 
between a reservoir and a downstream section in the tube x 
(Fig. 4) can be broken into three parts, or 


P—p. =A. p+A:p+Asp 


where 


(p — p,) = drop between reservoir and a downstream section x 
A: p = pressure drop between reservoir and inlet cross 
section (x = 0) 
A: p = drop in pressure due to increase in kinetic energy 
in length z 
A; p = pressure drop due to frictional loss in length z 


If the stream tube between the reservoir and the section zr = 0 
is frictionless and has a bellmouth shape, the velocity at the in- 
let is approximately uniform (1, 7) and equal to the mean ve- 
locity V. Thus the pressure drop between the reservoir and 
the inlet section equals one velocity head assseding | to Bernoulli’ 3 


l 
Aip=—pV? 
29, 


Using the Navier-Stokes boundary-layer equations and Helm- 
holtz’s principle of least dissipation the remaining two pressure- 
drop terms, A, p and A; p, have been evaluated by Langhaar (1) 
who showed that there exists for streamline flow in the transition 
length of tubes a unique relationship between (A; p + A; p) and 
a single parameter (x/DRep). His results are shown graphi- 


cally in Fig. 5 where 

(Az p + As p)/(p V*/2g.) 
is plotted versus (r/DRep.) The pressure-drop term (A: p + 
A; p) also can be expressed in terms of a pipe-friction factor (8) 


by the equation 


A:p + Ap _ 


z 
= 4 — = ¢ (x/DRep).. [8] 
D 
29. 29. 


where fapp is an integrated apparent friction coefficient defined 
by Equation [8] and @ denotes a functional relation. The 
integrated apparent friction coefficient farp includes the effects 
of the viscous shearing stress as well as the change in velocity 
head or momentum flux caused by the change of the velocity pro- 
file between the inlet section (z = 0) and the section where p, 
is measured. 

With capillary tubes of the size used in this study it was not 
possible to obtain local static-pressure measurements. Instead, 
the pressure difference between the reservoirs upstream and down- 
stream of the tubes were measured. To compare the experi- 
mental results with Langhaar’s theory it was assumed that the 
static pressure at the outlet of the tube is equal to the downstream 
reservoir pressure (10). It was further assumed that as the fluid 
enters a tube it forms a stream tube having the shape of a bell- 
mouth so that the assumptions regarding the term A, p are valid. 
Then the pressure difference between the reservoirs Ap is re- 
lated to po — p, by the relation 
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The experimental results are shown in Fig. 5 where Ap/ 
(pV?/29,) — 1 is the ordinate and (L/DRep) is the abscissa. 
Also shown on this graph are the analytical curve of reference 
(1), the Poiseuille relation for fully established laminar flow, 
and the averaged experimental results of reference (8). These 
experimental data were obtained with water and air in the en- 
trance section of a 1.25-in-ID tube with a bellmouth entrance. 
The diameter Reynolds numbers Rep used in reference (8) were 
large and resulted in turbulent flow downstream from the transi- 
tion section. 

Inspection of the data points and the curves of Fig. 5 shows 
that the experimental data for laminar flow in capillary tubes 
agree within the uncertainty interval (see Table 1) with the 
analysis of Langhaar (1) at values of the dimensionless quantity 
(z/DRep) greater than 4 X 10~', but deviate considerably at 
smaller values of (x/DRep). The test runs in this regime were 
repeated with three different test sections to verify the results. 

The reason for the discrepancy between Langhaar’s theory 
and the experimental results at (r/DRep) less than 4 K 10-* 
can be found by examining the assumptions regarding A, p. 
It was assumed that the stream tube formed by the fluid entering 
a tube has a bellmouth shape and that the velocity at the entrance 
section is uniform and equal to the average velocity V. How- 
ever, even at very low Reynolds numbers small eddies form be- 
hind a sharp edge entrance and cause a vena contracta with some 
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friction losses. These losses, which are not considered in Lang- 
haar’s analysis, affect the over-all pressure drop appreciably 
when the tubes are so short that the total pressure drop between 
the reservoirs is of the order of one velocity head. Since the 
test data at (r/DRep) less than 4 X 107% were obtained in 
tubes having square-edged entrances and aspect ratios L/D of 
0.45, the experimentally measured pressure losses are larger 
than those predicted by Langhaar’s analysis. The geometry of 
these short tubes actually approaches that of an orifice for 
which the flow rate can be related by Torricelli’s equation in the 
form 


The orifice coefficient C for the capillary tubes with an L/D 
ratio of 0.45 was found to be 0.76 + 0.03 in the Reynolds- 
number range Rep between 100 and 800. This result is in 
agreement with data obtained by Zucrow (12) in the same 
Reynolds-number range with benzol flowing through square- 
edged jets having an aspect ratio L/D of 0.33. 

The experimental results obtained in the range of Jarge values 
of (x/DRep) approach those predicted from the Poiseuille 
laminar-flow theory for a parabolic velocity distribution at 
values of (x/DRep) equal to 0.3. 


CONCLUSIONS 


From an experimental study of the flow characteristics of short 
capillary tubes the following conclusions can be drawn: 


1 Measured values of the pressure drop between reservoirs 
upstream and downstream of capillary tubes with square-edged 
entrances are in agreement with Langhaar’s theory for (L/DRep) 
larger than 4 X 10~* and (L/D) larger than 2. 

2 Measured values of the reservoir pressure drop for tubes 
having an aspect ratio L/D equal to 0.45 are considerably larger 
than those predicted by Langhaar’s theory, but can be correlated 
by the usual orifice equation. The orifice coefficient for the range 
of Reynolds numbers Rep between 100 and 800 was found to be 
0.76 + 0.03. 

3 By proper selection of length-to-diameter ratios of short 
capillary tubes it is possible to simulate various flow character- 
istics in small-scale models for tests in atmospheric wind tunnels 
or in pneumatic control devices. 
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Discussion 


M. A. Rivas, Jr.6 The experimental data presented in the 
paper are quite valuable due, in particular, to the care taken by 
the authors in their experiments. However, the writer takes ex- 
ception to the lack of emphasis on what constitutes the governing 
design parameter for laminar flow in tubes (or capillaries). As 
has been shown by theoretical and experimental investigations 
(the authors’ references (1), (3), (4), (5), and reference® of this 
discussion), the sole parameter which governs the flow is L/D/Rep 
or Re, /Rep*. 

In particular, the writer is disturbed by the correlation pre- 
sented in Fig. 3 of the paper where the exponent N in equation [5] 


Q = const. Ap’. eas 


is depicted as a function of L/D alone. It will be shown that it is 
legitimate to write an expression as given by Equation [5], but 
that V, however, in this expression is a function of L/D/Rep and 
not of L/ D. 

It is easily shown (e.g., from Equations [8] and [9]) that the 
total pressure drop between the two reservoirs (assuming that, as 
the fluid enters the tube, it forms a stream tube having the shape 
of a bellmouth—for a detailed discussion of flow on bellmouth 
entries (see reference’ of this discussion) is given by 


: z 
AP = (1 + 4farp 


AP = (1 + 4fapp 


transposing 


(p/2) Vil + 4farpr/D) 


4 and 5 in reference® or Fig. 5 
of the paper), 


(a) If (x/D)/Rep is very small <10 


then 


4fapp D 


and therefore, from Equation [12] 


' First Lieutenant, USAF, Directorate of Research, Fluid Dynamics 
Research Branch, Aeronautical Research Laboratory, Wright Air 
Development Center, Air Research and Development Command, 
Wright-Patterson Air Force Base, Ohio. Assoc. Mem. ASME. 

‘Friction Factor in the Laminar Entry Region of a Smooth 
Tube,” by A. H. Shapiro, Robert Siegel, and S. J. Kline, Proceedings 
of the Second U. 8. National Congress of Applied Mechanics, June, 
1954, pp. 733-741. 

7“On the Theory of Discharge Coefficients for Rounded-Entrance 
Flowmeters and Venturies,” by M. A. Rivas, Jr. and A. H. Shapiro, 
Trans. ASME, vol. 78, 1956, pp. 489-498. 
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The same result is obtained if 4fapp(x/D) is constant. 


(b) If (2/D)/Rep is high >0.5 
then 


z 
4f app D >1 


and therefore, from Equation [12] 


ap” 


Q~ 


: ~ but since, in this range 


D 
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we then have 


i tr y treks ‘The exponent n can be calculated readily from the curve given in 
Se 6, la : oe ‘Fig. 5 of the authors’ paper; however, the curve in Fig. 5 in 
a ab ws: _reference® has been used instead, since it is in a form that yields a 
If 10-8 < greater accuracy. Having calculated n, N is readily computed 
" ) from Equation [16]. The results of these calculations are pre- 

’ sented in Fig. 6. 
a ee * eon The apparently successful correlation given by the authors in 
: ne a) 7 their Fig. 3 is explained as follows: If, from the authors’ Table 2 
and from their Fig. 3, we construct Table 3 and plot these data on 
ake Fig. 6 in the manner shown, where each solid horizontal line repre- 
sents for each L/D the range of (L/D)/Rep at its corresponding 
N-value, and each circle represents the mean value of the (L/D) /- 
Re, range, we can see how the authors were able to arrive at the 
smooth correlation shown in their Fig. 3. Therefore, it was quite 
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In particular we could define an exponent n such that 


fortuitous that the authors chose such an (L/D)/Rep range for 
each of their L/D’s, and had they extended the range of (L/D) /- 
Rep extensively for any of the L/D’s chosen they would have ob- 
served a variation in the value of N for each value of the L/D’s 
used, 

One concludes from the foregoing that, although it is per- 
missible to write an expression as given by Equation [5] of the 
paper, N in this expression must be regarded as a function only of 
(L/D) /Rep, the important sole parameter which governs the flow 
in tubes. 

In regard to the deviations from tube-flow theory observed for 
low values of L/D, (L/D = 0.45), the writer agrees with the 
authors that this is the result of a vena-contracta effect due to the 
sharp-edged entrance. This effect undoubtedly exists just as well 
in sharp-edge-entry tubes with the larger L/D’s, but the effects 
become obscured by the wall-friction losses being of a much 
larger magnitude for tubes with larger L/D’s. It is suggested 
that a systematic investigation, in which (L/D) /Rep is kept con- 
stant and L/D (in this low-value range) is varied, would be ex- 
tremely valuable. The present state of the art does not provide 
the designer with the criterion to distinguish at what values of 
L/D, for a particular (L/D) /Rep range, deviations from tube-flow 
theory should be expected for tubes with sharp-edged entries. 


A. H. Suariro.’ It is essential to the unambiguous interpreta- 
tion of the experimental results given in this paper to appreciate 
that they refer to a capillary tube into which the flow is introduced 
from a large space via a square-edged orifice. Consequently the 
pressure drop depends both on the flow in the orifice and the flow 
in the capillary. Viewed in this light, the experimental results 
are less likely to be applied to circumstances in which they are not 
valid. 

For example, it is true that the single dimensionless parameter, 
z/DRep, governs the entire flow when the flow at the entrance of 
the capillary is uniform, and that it thus controls the dimension- 
less pressure drop in the capillary, 2Ap/pV?, for such a uniform 
entry. But, for a given orifice geometry, the governing number 
for the orifice is simply Rep, and the latter controls the dimension- 
less pressure drop as the flow accelerates into the orifice. Further- 
more, Rep controls the character of the flow entering the capillary, 
and thereby the pressure drop in the latter. From all this we are 
forced to conclude that the dimensionless pressure drop for the 
entire system depends on two dimensionless groups, say 


=) 
9 pv? 


rather than on 2/DRep alone. 

Accordingly, Fig. 5 of the paper must be used with some 
caution, for a more extensive series of tests, perhaps with less 
scatter, would surely reveal on this chart a series of curves, one 
for each value of z/D. The authors obtained what seems to be a 
single curve only because of the experimental circumstance that 
an increase in z/D was accompanied by a general increase in the 
experimental values of z/DRep. 

This point may be elucidated by considering two extremes. If 
x/D is very small, say less than 0.10, the effect of z/D itself 
vanishes, the system behaves like a sharp-edged orifice, and 
2Ap/pV? depends only on Rep. Thus, if several orifices with very 
small (but different) values of z/D were tested, each would yield 
a different curve on the chart of 2Ap/pV? versus z/(DRep), but 
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all would yield the same curve on a chart of 2Ap/pV? versus Rep. 

At the other extreme, consider large values of z/D, say always 
greater than 100. Then the nature of the inlet is relatively in- 
consequential, and all the experimental data may be expected to 
be in agreement with Langhaar’s theory, even for very low values 
of z/DRep. 

The foregoing discussion suggests that it would be of interest to 
carry out further systematic experiments with the goal of estab- 
lishing the individual curves of z/D in Fig. 5. 

To the authors’ account of theoretical and experimental work on 
laminar flow in tube entries, it might be added that in reference (6) 
several additional theories are presented. One in particular, 
based on the theory of thin, laminar boundary layers, is especially 
accurate for very small values of z/(DRep), where Langhaar’s 
theory seems to be in error. 

The best experimental data for short tubes are those of refer- 
ence (6), also given in reference (8). They are in remarkable 
agreement with the theories, differing from the latter by less 
than 1 per cent in the range of x/(DRe,) between 10-* and 
10-8. 


J. F. D. Smrrx.* The authors of this paper have been loose in 
their dimensional treatment of the subject. The units specified 
are quite inconsistent and awkward. For example, in Equation 
{1} the authors divide a pressure drop in pounds (force) per square 
inch by a mass density in pounds (mass) per cubic foot. In the 
same equation V is given as a velocity in feet per second. The 
part in parentheses (V?/2) is raised to a variable power k, which 
means that the friction coefficient has dimensions in this case 
which vary with k. 

The writer would suggest that the authors revamp the units 
and equations to insure dimensional consistency and rigor. For 
example, any factor raised to a variable power, as in this equa- 
tion, must be dimensionless if no other dimensions are changed 
elsewhere. 

This is not to be construed as a criticism of the results, but is a 
plea for a more satisfactory and rigorous mathematical presenta- 
tion. 


J. R. Sproat.” A paper was presented at the Appalachian 
Gas Measurement Short Course held at West Virginia University 
in August, 1955. Simple working formulas were developed by the 
writer for determining the dimensions of capillary tubes required 
to produce desired flow rates for gases and liquids. The conclud- 
ing remarks of that paper may be of interest to those contemplat- 
ing further investigations or use of capillaries: 

“In the design of a capillary, the Reynolds number should be 
calculated to determine if the flow is laminar. If the Rep is 
found too high, using the available diameter tube, it may be 
necessary to divide the flow, say in 10 parallel tubes. 

“Roughness of the bore has no effect on the flow rate, because 
there is no flow at the wall of the tube. 

“The capillary should be calibrated with dry air or a known 
gas such as nitrogen; boiled or distilled water. After calibra- 
tion the capillary can be used on any other fluid if its viscosity is 
known. The flow will vary inversely as the viscosity; i.e., as the 
viscosity increases the flow decreases. Calibration is necessary 
due to the fact that the flow varies as the fourth power of the 
diameter and it is difficult to obtain tubing with exact bore 
through the entire length of section. 

“If the capillary is to be coiled, calibration should be made 
after coiling. 


* Dean, Division of Engineering, Iowa State College, Ames, Iowa. 
1 Measurement Engineer, Carbide and Carbon Chemicals Com- 
pany, So. Charleston, W. Va. Mem. ASME. 
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“The differential pressures should range from 20 to 300 inches 
of water. 

“The length should be greater than 50 times the diameter. 

“The area preceding the inlet should be at least 20 times the 
capillary area. 

‘A filter or screen should be installed upstream of the capillary. 

“The temperature affects the diameter of the capillary and the 
viscosity of the flowing fluid; therefore, for accurate work a tem- 
perature bath or some suitable means should be provided to main- 
tain uniform temperature of both capillary and fluid. 

“Since the flow varies inversely as the viscosity, once the 
capillary has been calibrated with a fluid of known viscosity, such 
as air, nitrogen, or water, the viscosity of any other fluid may be 
determined. Several makes of viscosimeters use this method as 
a means of calculating viscosity. 

“The capillary has many uses as a measuring device, especially 
for a small quantity of gas or liquid. They are accurate, inex- 
pensive, and simple to construct.” 


Avtruors’ CLosURE 


The authors wish to thank the discussers for their interest in 
the paper. Some of the comments are pertinent and valuable 
and the authors will attempt to answer, as far as possible, the 
questions raised. 

Lieutenant Rivas’ comments represent a valuable contribu- 
tion to the paper, but unless the assumptions made in the course 
of his analytical derivation of the flow exponent N are under- 
stood clearly, the application of his results could lead to erroneous 
conclusions. His assertion that the flow exponent N depends 
solely on the parameter (L/D)/Rep is not entirely true. As 
pointed out explicitly in the paper as well as in Professor Shapiro’s 
discussion, and implicitly also in the last paragraphs of Lieut. 

tivas’ discussion, the pressure drop in flow through short. capil- 

lary tubes into which the flow is introduced from a large space 
via a square-edged orifice depends on L/D as well as Rep, or 
((L/D)/Rep]. Fig. 3 is an empirical correlation and therefore 
applies only within the range of the variables investigated. Its 
primary purpose is to show that by selecting appropriate values 
of L/D, flow exponents ranging from about 0.5 to 1.0 can be 
attained. The actual value of L/D required to obtain a specific 
value of N for a specified, but limited, range of Reynolds numbers 
Re, depends also on the Reynolds-number range. 

Lieut. Rivas’ analysis can be used to predict N when A, p in 
Equation [7] of the paper is sufficiently small compared to (A: p 
+ A; p) so that deviations of the actual value of A; p from the 
assumed value of one velocity head are negligible. However, for 
small values of L/D, irrespective of the value of (L/D)/Rep, the 
theoretical curve shown in Fig. 6 does not apply because vena- 
contracta effects which are not considered in the analysis become 
important. 

To elucidate this point and to illustrate the vena-contracta 
effects at least qualitatively, Fig. 7, based on Fig. 5 and Equa- 
tion [16], has been prepared. In this figure curves of N, calcu- 
lated on the assumption that A; p = pV?/2g., are shown as a 
function of L/D. Each curve is for a given value of Rep. The 
crosses represent the experimental values of N from Fig. 3 and 
the accompanying vertical lines show the range of Reynolds 
numbers covered in the tests (see Table 2). The circles repre- 
sent values of N calculated from experimental data reported 
by Linden and Othmer"' for aspect ratios of 0.20, 0.30, and 0.58 in 
the Reynolds-number range indicated by the accompanying ver- 
tical lines. 

An examination of Fig. 7 shows that N depends both on L/D 


11 ‘Air Flow Through Small Orifices in the Viscous Region,”’ by He 
R. Linden and D. F. Othmer, Trans. ASME, vol. 71, 1949, pp. 765- 
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and Rep or (L/D)Rep. The observed values of N represent 
average values for a specific length-to-diameter ratio over a 
limited Reynolds-number range. The experimental values agree 
fairly well with the predicted values for L/D > 2. Fig. 7 fur- 
ther shows, as pointed out by Lieut. Rivas, that if a much wider 
range of Reynolds numbers had been covered with any of the test 
sections, the relation between Ap and Q could not have been 
approximated by a single straight line. It is also apparent that 
for small values of L/D the experimental results deviate appre- 
ciably from the values predicted by Lieut. Rivas’ analysis. For 
very small values of L/D the data of Linden and Othmer yield 
values of N below 0.5 which is the lower limit of the analysis. 
For the purpose of relating Ap to Q empirically, it would therefore 
appear acceptable, and maybe even preferable, to treat N, the 
flow exponent for the system investigated, as a function of L/D 
within a limited, but specified, range of Reynolds numbers rather 
than to treat N solely as a function of (L/D)/Rep as suggested 
by Lieut. Rivas. 

It should also be noted that in Fig. 5 of footnote 6 which was 
used by Lieut. Rivas for his calculations, no experimental data 
for (L/D)/Rep above 1 X 10-* are shown. In the range of 
(L/D)/Rep between 1 X-10~* and 5 X 107! in which the bound- 
ary-layer flow gradually merges into fully developed Poiseuille 
flow and the variation of N takes place, the results of the various 
theories shown differ by as much as 10 per cent from one another. 

In an effort to determine which of the theories is valid in the 
range of the experimental results of this investigation, the ex- 
perimental data are compared in Fig. 8 of this closure, with the 
analytical results summarized by Shapiro, et al.,6 which was 
published after this paper was submitted. The solid line repre- 
sents the average of the results of this investigation for tests 
with (L/D) > 4. As predicted by Shapiro, et al.,6 the ex- 
perimental results agree in the range of (L/D)/Rep between 
5 X 10-* and 5 X 107! more closely with results obtained by 
differential-equation methods (1 and 5) than with results calcu- 
lated by integral methods. 

Professor Shapiro’s comments emphasize succinctly the im- 
portance of the entrance conditions. In an effort to shed more 
light on the pressure drop, the authors reviewed available data, 
including those for very small values of L/D where conditions 
approach flow through a sharp-edged orifice.'* 

An incidental observation made in the course of this study is 
that orifice coefficient in the laminar-flow range may be affected 


2 “Orifice Coefficients for Reynolds Numbers From 4 to 50,000,” 
by H. W. Iversen, Trans. ASME, vol. 78, 1956, pp. 359-364. 
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by L/D variations even when L/D is of the order of 0.1. The 
ISA and ASME codes specify the maximum thickness of orifice 
plates, ¢, as a fraction of the pipe diameter, D,; i.e., t < 0.02 D,. 
For a small orifice in a large pipe it is therefore quite possible that 
the pressure drop through the orifice, although designed accord- 
ing to specifications, will deviate from the results predicted from 
a simple orifice equation (e.g., footnote 8). To safeguard against 
such deviations it is suggested that the maximum orifice thickness 
be specified in terms of the orifice diameter. 

The information available to-date is unfortunately insufficient 
to give quantitative answers to the questions raised by Pro- 
fessor Shapiro’s valuable and pertinent comments which, how- 
ever, are broader in scope than the limited objectives for which 
the tests reported in this paper were conducted. Qualitatively, 
we can conclude that only for conditions when A, p in Equation 
[7] is of the order of (A: p + A; p) will deviations from the pres- 
sure drop predicted from Equation [| and Fig. 5 be appreciable. 

The authors agree with Lieut. Rivas and Professor Shapiro 
that additional experiments, especially at Reynolds numbers be- 
tween 500 and 2100 and in the low L/D range, are desirable. 
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The tests reported by the authors were conducted within the 
scope of a large research project in the course of which experi- 
mental data for flow of air through capillary tubes in the pressure- 
drop range of 0.03 and 2.0 in. water were required. These con- 
ditions yield (L/D)/Rep values between 1 X 10-5, the maximum 
value for which data were available and 0.5, the value at which 
Poiseuille flow is approached. The data were published simply 
because they fall into a range of variables in which no experi- 
mental results were heretofore available. When comparing the 
accuracy of the experimental results of this study with those of 
Shapiro, et al.,° it is well to keep in mind that the pressure drop, 
which more than any other measurement limits the accuracy of 
the apparent friction coefficient at low Reynolds numbers, is much 
smaller in the range of variables covered by the authors than 
in the range of variables covered by Shapiro, et al. The original 
equipment was returned to the sponsor at the termination of the 
contract, but an improved version is at present being built at 
Union College to conduct further tests along the lines suggested 
by the discussers. 

Dean Smith’s comments regarding the units and the dimen- 
sional treatment of the subject seem to have been prompted by 
an error in the preprint of this paper, where instead of the pro- 
portional sign an equal sign was used in Equation [1]. Equa- 
tion [1] is dimensionally consistent as shown and the parame- 
ters Ap/(p V?/2g,) and (L/DRep) are dimensionless quantities. 
One could, of course, express p in slugs/ft* instead of lbw /ft® and 
thereby eliminate the explicit use of g,. This choice of units 
may be more satisfactory to some, but it would not affect the 
mathematical rigor. 

Mr. Sproats comments on the application of capillary tubes to 
flow measurements will be of value to those contemplating the 
use of capillaries for this purpose. It would seem, however, 
that the minimum length should be specified in terms of (L/D)/ 
Re, instead of L/D. The experimental results of this study 
confirm theoretical predictions® which show that for the center- 
line velocity to approach the Poiseuille value within 1 per cent, 
(L/D)/Rep moust be at least 0.3, but probably close to 0.6. 
With the lower figure as a limit, the minimum length-to-diameter 
ratio required to establish a parabolic velocity profile at Rep 
of 2000 is 600, which is twelve times larger than the value sug- 
gested by Mr. Sproats. 
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Orifice-Metering Coefficients and Pipe 

Friction Factors tor the Turbulent ; 


Flow of Lead-Bismuth Eutectic 


sy H. A. 


Pipe friction factors and orifice-metering coefficients 
are reported for the turbulent flow of lead-bismuth eutectic 
and are found to be in satisfactory agreement with the re- 
sults for water flow when compared on the usual dimen- 
sionless basis. 

NOMENCLATURE 


The following nomenclature is used in the paper: 


= area of orifice, sq ft 


inside diameter of pressure-drop test pipe, ft 


Weisbach friction factor defined as f = (pu?/2g,D) 


= conversion faction, 4.17 108 Ibn ft/Ib¢ hr? 
head loss across orifice, ft lbs/Ibm of flowing fluid 
Ww 


orifice flow coefficient, defined as K = 4/29, 


mean fluid velocity, fph 
mass rate of flow, !bm/hr 
pressure drop per unit length of pipe, psf /ft 
surface roughness of pipe, ft 
kinematic viscosity, ft?/hr 
= fluid density, lbm/ft* 


= 


INTRODUCTION 


Liquid metals, because of their low vapor pressure and high 
thermal conductivity, have appeared promising for use in nu- 
clear power plants. As a result, considerable engineering in- 
formation for liquid metals has been accumulated. The purpose 
of this paper is to report some additional engineering data, more 
specifically pipe friction factors and orifice-metering coefficients, 
which may be of use to those designing a liquid-metal system. 

A knowledge of the friction factor is necessary to calculate the 
pumping power requirements for any given system. A review of 
the literature indicated only one previously reported investiga- 
tion of friction factors of liquid metals (1).6 The present inves- 
tigation presents friction factors for turbulent flow of lead- 

1 Professor of Mechanical Engineering, University of California, 
Berkeley, Calif. Mem. ASME, 

2 Associate Professor of Mechanical Engineering, University of 
Minnesota, Minneapolis, Minn. Assoc. Mem. ASME. 

3 Engineer, Atomic Power Equipment Department, General Elec- 
tric Company, San Jose, Calif. Assoc. Mem. ASME. 

«Product Design Engineer, Light Military Electronic Equipment, 
General Electric Company, Utica, N. Y. Assoc. Mem. ASME. 

’ Numbers in parentheses refer to the Bibliography at the end of the 
paper. 

Contributed by the Hydraulic Division and presented at the 
Semi-Annual Meeting, Cleveland, Ohio, June 17-21, 1956, of Tue 
AMERICAN SocreTy oF MECHANICAL ENGINEERS. 

Norte: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, January 
26, 1956. Paper No. 56—SA-16. 


1079 


JOHNSON,' J. P. HARTNETT,’ W. J. CLABAUGH,? anv L. FRIED‘ 


bismuth, thereby allowing a comparison with this earlier reported 
work. In addition, friction factors were obtained for water flow 
in the same tubes making possible direct comparison of water 
friction factors with those for liquid metals. 

In many liquid-metal systems it is either necessary or desirable 
to determine the liquid flow rate, and consequently flowmetering 
equipment is necessary. It is realized that there are many dis- 
advantages in the use of orifice meters in permanent liquid-metal 
installations; however, the low cost and availability of such a de- 
vice may sometimes offset these disadvantages, particularly in 
small-scale or experimental investigations. The use of such 
orifice meters for liquid metals is reported in references (2 to 7). 
Generally these orifices have not been calibrated directly with the 
liquid metal, but rather it was assumed that the flow coefficients 
for liquid metals were equivalent to those for water when com- 
pared on the usual dimensionless basis. However, it has been sug- 
gested in reference (6) that nonwetting may result in a different 
calibration for those liquid metals which do not wet the orifice 
surface. Therefore it was felt worth while to investigate the 
problem directly. 


APPARATUS AND PROCEDURE 


Lead-Bismuth Flow Circuit. The lead-bismuth flow circuit, as 


_ shown in Fig. 1, consisted essentially of a centrifugal pump sub- 


Fic. Leap-Bismutra Circuit 

merged in a closed sump tank, an orifice-metering section, the 
pressure-drop test section, a calibrated volume tank, and the 
necessary piping. Nichrome resistance wire was wrapped around 
all of these components to permit preheating the system above the 
melting temperature of lead-bismuth (257 F) before operation. 
Provisions were made to evacuate the system and to maintain a 
helium-gas atmosphere over the molten metal at all times. 

The belt-driven centrifugal pump, expressly built for this sys- 
tem, was a vertical-shaft, end-suction volute type which operated 
submerged in the lead-bismuth. The sump tank was ellipsoidal 
in shape to minimize the required metal charge and, at the same 
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time, to insure a reasonably constant suction head on the pump 
during the metering period. 

The pump discharged through a bellows-sealed flow-control 
valve and then through the pressure-drop test section to the verti- 
cal orifice-metering section. From the metering section the 
fluid flowed through the cooler and into a horizontal line carrying 
the fluid over to the calibrated volume tank which normally 
emptied into the sump. During the metering period the dump 
valve was closed. An overflow line from the top of the volume 
tank served to return the fluid to the sump in case the dump valve 
was not opened before the volume tank was filled completely. 

On shutdown the system was secured by using helium pressure 
to force the liquid lead-bismuth into the isolated melt tank. The 
melt tank also served in preparing the eutectic from pigs of lead 


and bismuth. 
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Pressure-Drop Test Section—No. 1. The first pressure-drop test 
section, designated as No. 1, is shown in Fig. 2 and consisted of 
an 87!/,-in. length of */,-in., schedule 80 XS seamless pipe of 5 
per cent chromium, '/2 per cent molybdenum (0.742 in. ID, 
1,050 in. OD). The pipe was welded at the two ends to socket re- 
ducers, which in turn were welded to 1'/2-in. ring-joint flanges. 
This 94'/,-in. unit was flanged into the permanent lead-bismuth 
loop as shown in Fig. 1. 

The first pressure tap was located 21!/2 in. from the entrance of 
the */,-in. pipe, thereby allowing 29 pipe diameters as a hydro- 
dynamic calming section. The two remaining taps were located 
at distances of 33°/,. in. and 627/, in., respectively, from the first 
tap. 

The pressure taps were made by drilling '/g-in. holes in the 
pipe at the noted positions, taking precautions to insure no burrs 
on the inner pipe surface. Standard '/,-in. pipes were then 
welded in position over the holes. As shown in Fig. 1, these pipes 
in turn were welded into the bottom of the individual seal pots. 
The seal pots were connected to the 8-ft mercury manometers 
through appropriate valving. For each run, three separate pres- 
sure-drop values were obtained, across taps 1-2, 2-3, and 1-3, 
thereby giving an indication of the reliability of the test measure- 
ments. 

Pressure-Drop Test Section—No. 2. The second pressure-drop 
test section, Fig. 3, was of the same material and of the same 
length as section No. 1; however, the location and construction 
of the pressure taps were altered. The first tap was located 20'/; 
in. from the entrance, a distance of 27 tube diameters. The re- 
maining taps were positioned 31'/s in. and 62'/, in., respectively, 
from the first one. 

Orifice-Metering System. The orifice-metering section, shown 
in Fig. 4, consisted of the orifice flanges, the orifice plate, and the 
upstream and downstream sections of pipe. A duplicate section 
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was assembled and used for the calibrations with water. The 
orifice flanges were of the 1'/:-in. 600-lb, welding-neck, ring-joint 
type with ASME flange taps. The combination ring-joint gasket 
and orifice plate was so designed that the orifice plate conformed 
to the ASME specifications for a sharp-edged orifice. A total of 
eight orifices, two each of four sizes, were calibrated in both the 
water and lead-bismuth-metering sections. 

In the lead-bismuth system, each flange tap was connected by 
a }/s-in. pipe to the bottom of a seal pot on which was mounted a 
lead-bismuth level indicator, Fig. 1. The pots were constructed 
of 4-in. lengths of 5-in. steel pipe with welded ends of 1-in. steel 
plate. The level indicator consisted of a hollow float with a thin 
stem extending upward into an 1l-mm-OD, 3-mm-ID glass 
tube which in turn was glass-to-metal seal-welded to the pot. 
The liquid-metal level was controlled by introducing or removing 
helium through a suitable valving arrangement. 

The seal pots were connected by steel tubing to the legs of an 
8-ft mercury manometer made of 12-mm-high pressure pyrex 
tubing fitted into special stainless-steel manometer blocks. A 
trap on each manometer leg insured against the blowing of mer- 
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cury into the iead-bismuth system. The manometer could be iso- 
lated from the system by !/s-in. diaphragm valves in the line to 
each manometer leg. 

Metering Tank. The metering tank was constructed of a 36-in. 
length of 8-in. extra strong chrome-moly pipe with a chrome- 
moly welding cap as the base and a slip-on welding flange for the 
top with the cover plate a tongue-and-groove blind flange. The 
inside diameter of this tank had been measured carefully at several 
positions along the length with inside micrometers. The lead- 
bismuth entered through a 1'/:-in. pipe near the top and drained to 
the pump sump through a bellows-sealed Y-valve in the 2-in. line 
at the bottom of the tank. A 2-in. overflow pipe connected the 
top of the metering tank to the sump tank. 

Three '/,-in. steel rods, 50 in. in length with conical tips, ex- 
tended through the tank cover into the volume tank through 
Teflon-packed glands. To minimize the temperature of these 
glands, which served as pressure-tight connections and electrical 
insulators, they were mounted on '/2-in. pipes 5 in. above the 
cover. The rods, insulated from each other and from the tank, 
extended to different depths and could be adjusted to any de- 
sired vertical position. Since all three rods were the same length, 
the distance between probe tips could be determined from ex- 
ternal measurements. 

The external ends of the rods were connected to an electrical 
timer which was energized when the rising liquid metal con- 
tacted the lower rod and was stopped when it reached the upper 
one. A switch on the timer allowed selection of any two of the 
three probes for this metering process. Liquid surface waves 
were reduced by baffles which directed the flow down the side 
walls and by a 3-in. pipe surrounding the rods. There were no 
indications of entrapment of helium in the flowing metal as had 
been encountered in previous investigations (4). 

Experimental Procedure. Periodically throughout the test pro- 
gram, the pressure-drop sections and the orifice meters were re- 
moved from the lead-bismuth circuit and, without cleaning, check 
runs with water were made. For these water tests the pressure 
differentials were measured with mercury-water or inverted 
water manometers over most of the test range. At low water- 
flow rates it was necessary to use a Prandt] manometer to meas- 
ure the small deflections. Water-flow rates were determined 
directly by weighing. After such water tests the test surfaces 
were cleaned before placing the units back into the lead-bismuth 
circuit. 

Pressure differentials in the liquid-metal testing were normally 
read on mercury manometers which were connected to the test 
sections as shown in Fig. 1. At low flow rates the small deflections 
made it necessary to use a cathetometer and abandon the mer- 
cury manometers. In these cases the cathetometer was sighted 
on the seal-pot floats which were open to a common helium pres- 
sure over the liquid-metal surface. Zeroing was accomplished 
at a no-flow condition by sighting on the seal-pot floats under a 
constant head of lead-bismuth. 


Discussion oF Resutts 


Pipe Friction Factors. The friction-factor values for water 
flow through the two test sections, as shown in Fig. 5, are in agree- 
ment within 5 per cent over the Reynolds-number range of 10‘ to 
2 X 10°. This agreement also includes water data taken im- 
mediately after lead-bismuth operation, thereby indicating 
negligible effect of the liquid metal on the surface roughness of 
the pipe. The observed 5 per cent test scatter agrees with the 
calculated probable error based on the accuracy of instrumen- 
tation. 

Visual inspection of the internal surface of the test section in- 
dicated that the chrome-moly surface more closely approximated 
a drawn-tube surface than that of a pipe. This is confirmed by 
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the results shown in Fig. 5, where the experimental friction-factor 
results lie midway between the recommended values (6) for drawn 
tubing (€/D = 0.0001) and tubing with a relative roughness €/D 
of 0.0004. 

The friction-factor results for lead-bismuth eutectic flow are 
shown in Figs. 6 to 8. Although the predicted probable deviation 
is only 5 per cent, the test results for pipe No. 1 scatter +20 per 
cent about the curve obtained from the water friction-factor 
measurements. This same scatter is observed for test section No. 
2. The summary of all lead-bismuth tests is revealed in Fig. 8, 
where it is seen that the major portion of all the liquid-metal re- 
sults lie in a region extending from 15 per cent above to 15 per 
cent below the experimental water friction-factor curve. 

The observed spread in the liquid-metal data was not a com- 
pleteiy random variation. In general, those data taken during a 
giver: test sequence, that is, on any given day of operation with no 
interrupting shutdown period, were consistent and would fall on a 
friction-factor curve roughly parallel to the one found for water. 
During the next sequence the general level of the results would 
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shift, either up or down, but the results would remain consistent 
throughout the sequence. Since the water tests before and after 
the liquid-metal tests were in agreement no major changes in 
surface roughness occurred during the lead-bismuth testing. If 
surface effects are responsible for the pressure-drop variation, 
such effects may be of the nature reported in reference (8) where 
local detachments at the wall surface of liquid metal flowing 
through a glass tube were observed. 

Since the water tests were performed at 60 F, while the liquid- 
metal tests were at 400 F, the errors caused by the neglect of 
thermal expansion should be considered. The coefficient of ther- 
mal expansion for the chrome-moly pipe is 6 X 10~* deg F~! and 
thus accounts for a 1 per cent difference in the friction factors of 
liquid metal and water, a small value compared to the observed 
variations. 

The results of Hartmann (1) are shown in Figs. 6 and 7 where it 
is seen that his water and mercury test ranges did not overlap. 
However his mercury data do indicate a smooth extension of his 
water results allowing the conclusion that friction-factor results 
for water and mercury are the same when compared at the same 
Reynolds number. This same general conclusion is substantiated 
by the present lead-bismuth tests; however, the shifting of the 
lead-bismuth friction-factor results from one test series to the 
next requires additional experimentation. 

Orifice-Metering Coefficients. Eight orifice plates, two each of 
four sizes, in a 1'/2-in. pipe with flange taps were calibrated with 
water and lead-bismuth. The resulting orifice-flow coefficients 
are presented in Figs. 9 and 10. The probable error, based on the 
instrumentation accuracy, was calculated to be 1'/2 to 3 per cent 
at the maximum and minimum flow rates, respectively, for both 
water and lead-bismuth. 

The reproducibility of the flow coefficients for duplicate orifices 
is demonstrated by the results of the-water and lead-bismuth 
tests. As shown in Figs. 9 and 10, the flow coefficients for the 
duplicate orifices for each fluid are in agreement within 11/2 per 
cent. 

The maximum water rate was limited by available pumping 
equipment, while the minimum lead-bismuth flow was fixed by 
the necessity of obtaining a readable manometer deflection. 
Accordingly, it was impossible to cover the same range of Reyn- 
olds numbers for both fluids. There was, however, a sufficient 
range of common values of Reynolds modulus with the three 
smaller-size orifices to show that the flow coefficients for the two 
fluids are in agreement within the calculated experimental ac- 
curacy of 1!/:to3 percent. There is also revealed in Figs. 9 and 
10 the tendency for the lead-bismuth coefficients to be somewhat 
lower than those for water and to continually decrease with in- 
creasing Reynoldsnumber. It was anticipated that minor differ- 
ences would be found since separate arifice assemblies were used for 
the water and lead-bismuth teste. (The orifice meters, however, 
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were interchanged between these units for the calibrations with 
both fluids.) In all cases, however, the agreement of the water 
and lead-bismuth coefficients is within the estimated accuracy of 3 
per cent. It is concluded, therefore, that orifice-meter flow :o- 
efficients obtained with water will apply without correction for 
lead-bismuth at the same value of the orifice Reynolds number. 
The smallest pipe for which the ASME reports coefficients is a 
2-in. pipe. As shown in Figs. 9 and 10, the ASME recommended 
curve for the 2-in. pipe deviates from the values obtained in 
the present 1'/:-in. pipe by only 1'/2 per cent with the ex- 
ception of orifices Nos.7 and 8. These two large orifices yielded 
coefficients which are below the ASME curve below 20,000, but 
in this range the ASME values are suspected due to lack of sup- 
porting data. Thus the 1'/2-in. pipe-flow coefficients may be 
predicted within 1'/; per cent by the ASME recommendations 
for a 2-in. pipe at orifice Reynolds numbers in excess of 20,000. 


CONCLUSIONS 


Pipe Friction Factors. Pipe friction factors for the turbulent 
flow of lead-bismuth eutectic agree with those for the flow of 
water when compared on the usual dimensionless basis. However, 
a relatively large unexplainable spread (+15 per cent) occurs in 
the results for lead-bismuth eutectic which requires further ex- 
ploration. 

Orifice-Metering Coefficients. When compared at the same 
orifice Reynolds number and for the same pipe size the flow co- 
efficients for lead-bismuth eutectic and for water are equivalent 
for sharp-edged orifices with flange taps. 
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Discussion 


©. E. Dwyer.’ The authors have gone a long way toward 
settling the question of whether or not the dynamical behavior 
of heavy metals in flow equipment is the same as that for ordinary 
fluids. Since degree of wetting was mentioned as a possible 
factor in distinguishing between the behavior of the two types of 
liquids, it would be desirable to have seen some discussion on this 
question, with reference to the experimental results. For 
example, to what extent, if any, did the Pb-Bi wet the pipe or the 
orifice edges? We at Brookhaven have found that, in the case 
of bismuth (about 200 ppm Zr and 100 ppm Mg) at 1000 F, high 
velocity is capable of effecting complete wetting on steels. 

The authors state that when their apparatus was once running 
fairly constant results were obtained; but that from run to run 
duplicability was not nearly as good. We have observed the 
same phenomenon in a mercury loop at our laboratory; and the 
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writer is of the opinion, in agreement with the authors’ sus- 
picion, that entrapped gas is mainly responsible; i.e., in the case 
of a nonwetting system. In this connection, it is significant to 
note that the friction-factor data for water scattered appreciably 
less than those for the Pb-Bi. It would have been interesting 
to determine the effect of wetting on duplicability from run to 
run, by adding an alkali or alkaline-earth metal to the Pb-Bi 
to induce wetting. The amounts needed would not have been 
enough to change the physical properties of the Pb-Bi. 


R. R. Mitter.’ It is of interest that similar friction factors 
and orifice metering coefficients are found for the metals and 
water but, considering the properties of liquid metals in general, 
it is not surprising. The liquid metals are simpler in molecular 
structure and should be more ideal than the customary liquids. 
While we have done no work in connection with friction factors 
of flow and relatively little on viscosity, the most unusual phe- 
nomena are those attributed to the condition of nonwetting. This 
condition can be aggravated and perhaps extended by the ocelu- 
sion of gases in liquids as found by Boarts, et al. (reference 8 of 
the paper), where decreases in density of mercury up to 12 per 
cent were found to be due to entrapped gases. It is not entirely 
clear from the present paper whether or not gases could be 
trapped during the operation of this apparatus. The entrapment 
of gases and nonwetting appear to be the only characteristics 
with which we are acquainted which could cause the variation in 
the friction factors. However, these would appear to cause 
variation only in one direction away from the water values and 
it does not appear to be a complete explanation of the effects 
found. 


T. Trockr® anp R. A. Epwarps.* In this paper, the authors 
have contributed some significant experimental work and they 
are to be commended on it. The experimental program and the 
test. equipment were quite adequate to meet their objectives. 

One question which arises in our minds is why a simple per- 
manent magnet, magnetic-type flowmeter was not investigated 
at the same time. For laboratory installation, a magnetic flow- 
meter should not be any more expensive than the orifice with 
its instrumentation. It would be valuable to have more calibra- 
tions of magnetic flowmeters by use of a metering tank. 

Another question arises with regard to the control of tempera- 
ture during these experiments. Some of the scatter may be 
accounted for by variation of temperature among different runs 
of the test. 


Autuors’ CLOSURE 


The authors wish to express their appreciation to the dis- 
cussers for bringing out some significant points which were not 
covered adequately in the paper. In answer to Dr. Dwyer’s 
questions regarding wetting, visual inspection indicated that 
the lead-bismuth did not wet the pipe or orifice plates. No at- 
tempt was made to cause wetting by the use of additives, since 
after the pressure-drop tests it was planned to obtain heat- 
transfer data under nonwetting conditions. With regard to the 
question of entrapped gas raised by both Dwyer and Miller, it 
was pointed out in the paper that there were no indications of 
such a condition during the present tests. Several of the present 
authors had reported in 1951 (reference 4 of the paper) the severe 
effects of small amounts of entrapped gas on the heat-transfer 
performance of liquid metals and consequently extreme care was 
exercised to eliminate, or at least minimize, such effects during 
the present tests. However, it is possible that some small 
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amounts of gas may have been in solution in the lead-bismuth 
and possibly these may come out of solution at the wall of the 
tube. If one postulates such an occlusion of gases to be respon- 
sible for the random behavior of the pipe-friction factors, it is 
difficult to understand why the orifice-metering coefficients were 
not influenced in a similar manner. 

A magnetic-type flowmeter, as suggested by Messrs, Trocki 
and Edwards, was not tried in this Pb-Bi test loop since the 
authors had been advised early in the development of the meter, 
that its performance would be sensitive to a lack of wetting and 
the electrical output response poor for Pb-Bi, as compared with 
Na or Na-K. On the other hand, the authors certainly agree 
that calibrations of the magnetic flowmeter would have been 
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worth while here since the metering-tank performance was quite 
satisfactory. 

With reference to the suggestion that temperature variation 
may have contributed to the scatter, a review of the data reveals 
that 52 per cent, for test section 1, was observed in the tempera- 
ture range 350 to 370 F; 10 per cent at 400 to 450 F; and for 
test section 2, 75 per cent at 370 to 390 F and 10 per cent at 400 
to 415 F. The results for temperatures above 400 F showed the 
same scatter and could not be distinguished from the results for 
the temperature range 355 to 365 F. Although this indicates 
that temperature is probably not a cause for the excessive scatter, 
better temperature control is to be desired. 
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} The purpose of this paper is to provide the power indus- 
try with an up-to-date method for predicting the per- 
formance of large steam turbine-generator units. 

The efficiency-calculation method given has been ad- 
justed carefully to show a true comparison between 
machines of different types, sizes, steam conditions, reheat 
and nonreheat, and so on. 

The level of performance obtained by use of this method 
is judged to be the highest justifiable for prediction pur- 
poses at the present state of the art. Fig. 1 shows the 
correlation of the method with recent representative test 
results. 

Based upon the performance-calculation method pre- 
sented in this paper, relative heat-rate curves have been 
prepared comparing the performance of various turbine- 
generator units at normal nameplate rating. A complete 
heat-balance diagram and an efficiency-calculation ex- 
ample are included illustrating the use of the method. 


cross-compound, single-flow; single 1800- 
rpm exhaust section is on a separate 
shaft. 

cross-compound, double-flow; 1800-rpm 
double-flow exhaust sections are on a 
separate shaft. 

cross-compound, quadruple-flow; parallel 
3600-rpm TCDF reheat sections. 

cross-compound, six-flow; parallel 3600- 
rpm TCTF reheat sections. 

single-casing; without crossover to 
single-flow exhaust section. 

tandem-compound, single-flow; 
flow exhaust section. 

tandem-compound, double-flow; 
flow exhaust section. 

tandem-compound, triple-flow; 
flow exhaust section. 


NOMENCLATURE 


The following nomenclature is used in the paper: 


Turbine Types 
CCSF (3600/1800) 


CCDF (3600/1800) 


CCQF (3600/3600) 


CC6F (3600/3600) 


single- 
double- 


triple- 
Bearing sepa- 


a) rates inlets to high-pressure and reheat 


sections. 
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TCTF(2) = tandem-compound, triple-flow; _ triple- 
flow exhaust section. No bearing be- 
tween inlets to high-pressure and re- 
heat sections. Bearing separates high- 
pressure end of reheat section into two 


parts joined by a crossover. 
Definitions 


Bowl = space immediately ahead of nozzles of a turbine stage. 

Design flow = flow which turbine is expected to pass with control 
valves wide open. 

Exhaust-pressure ratio = exhaust pressure/exhaust pressure at 
design flow. This may be estimated with sufficient accuracy by 
multiplying the throttle flow ratio by the K-factor given in 
Fig. 2. 

Nameplate rating = generator output of turbine when operating 
at rated initial steam conditions, 3'/:-in-Hg abs exhaust pres- 
sure, with 3 per cent evaporated feedwater makeup, and with 
& margin to design flow of 5 per cent to assure that shop 
tolerances on drawing areas, variations in flow coefficients from 
expected values, etc., will not prevent the turbine from meeting 
its capacity commitments. 

Reheat turbine flow ratio = reheat turbine flow/design reheat 
turbine flow, numerically the same as the exhaust-pressure 
ratio. 

Throttle flow ratio = throttle flow/design flow. 

Velocity ratio = ratio of blade speed at pitch-line to steam velocity 
corresponding to available energy of stage. 

Volume flow = weight flow in pounds per hour multiplied by 
initial specific volume in cubic feet per pound. 


Symbols 


available energy or isentropic enthalpy difference, 
Btu/lb 

exhaust loss, Btu/Ib 

expansion-line end point, Btu/Ib 

enthalpy, Btu/Ib 

condenser end point, ELEP plus corrected exhaust loss, 
Btu/lb 

enthalpy ahead of intercept valves, Btu/lb 

mixed enthalpy, the enthalpy resulting when leakage 
steam is mixed with Hiv 

high pressure 

throttle enthalpy, Btu/lb 

enthalpy at throttle entropy and exhaust pressure, 
Btu/Ib 

conversion factor to obtain approximate exhaust-pres- 
sure ratio from throttle flow ratio (Fig. 2) 

low pressure 

per cent moisture in exhaust steam at expansion-line 
end point, per cent 

number of parallel-flow sections at beginning of ex- 
pansion 


3 

@ 

— 
: 

AE : 
SLEP : 
TC a8 
Hxs 
K = 
LP? 
N 


nonreheat 

pressure immediately ahead of nozzles of first stage of 
a section, psia 

power factor 

pressure at exit from governing stage, psia 

pressure ahead of intercept valves, psia 

throttle pressure, psia 

= exhaust pressure, psia 

flow in pounds per hour at beginning of expansion 

reheat 

entropy ahead of intercept valves, Btu/lb deg F 

mixed entropy, entropy corresponding to Piy and H,, 

= throttle entropy, Btu/lb deg F 

temperature ahead of intercept valves of a reheat tur- 
bine, deg F 

throttle temperature, deg F 

specific volume in cubic feet per pound ahead of stop 
or intercept valves. If they are absent, use first- 
stage bowl specific volume 7 

velocity, fps 
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INTRODUCTION 


Over the years, the Large Steam Turbine-Generator Depart- 
ment of the authors’ company has attempted to present basic data 
on the performance of large steam turbine-generator units to the 
power industry. The Warren-Knowlton paper of 1940* repre- 
sented the first of these attempts to show relatively the over-all 
performance of turbine-generator units. The Elston-Knowlton 
paper in 1952‘ extended the area of application, and was based 
upon considerably more test data. The present paper again at- 
tempts to extend the area of application and usefulness. In 
particular, a system for predicting partial-load performance is 
included. 

The performance-calculation system presented in this paper re- 
flects a considerable increase in the available test data, particu- 
larly on modern reheat units, where few test data were formerly 
available. 

A large number of these recent test results were analyzed and 
rationalized. These analyses were complemented by tests of com- 
ponents and models to obtain information in certain areas. Fig. 1 
shows how test results of various representative types and sizes 
of large steam turbine-generator units compare with the method 
of calculation presented. 

The method developed has been derived for steam turbines of 
wheel and diaphragm design. It is believed that it can be applied 
to turbines of other design philosophies with satisfactory results if 
proper consideration is given to the difference in design factors; 
e.g., internal and external packing leakages, degree of reaction, 
velocity ratios, arrangement of governing stages, and general 
quality of aerodynamic design of the steam flow path. 


THEORY UNDERLYING THE METHOD 


A large steam turbine is actually not a single machine, but a 
series of relatively independent components referred to as stages. 
Logically, the over-all efficiency can be calculated by combining 
the performance of the individual stages, or, calculating it 
“stage by stage.’’ Stage-by-stage calculation methods are being 
used by the authors’ company to evaluate existing turbine de- 
signs. For purposes of predicting the performance of new units in 
the o study and proposition stage, however, stage-by-stage calcu- 


3‘*Relative Engine Efficiencies Realizable From Large Modern 
Steam-Turbine-Generator Units,’’ by G. B. Warren and P. H. Knowl- 
ton, Trans. ASME, vol. 63, 1941, p. 125. 

«“‘Comparative Efficiencies of Central-Station Reheat and Nonre- 
heat Steam-Turbine-Generator Units,’’ by C. W. Elston and P. H. 
Knowlton, Trans. ASME, vol. 74, 1952, p. 1389. 
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lation systems are usually extremely long and tedious since they 
require a detailed knowledge of the turbine design which is 
normally unavailable at that time. 

As the Warren-Knowlton’ and Elston-Knowlton‘ papers note, 
analysis of the test results indicates a remarkable consistency in the 
efficiency of groups of stages once the basic thermodynamic dif- 
ferences have been accounted for. 

The method presented in this paper is based upon this underly- 
ing observation. In general, it assumes that given a pressure 
ratio and an initial volume flow, regardless of the initial condition 
of the steam, the stages designed will be similar in construction 
and will have essentially the same efficiency. A corollary of this 
assumption is that the same group of stages, operating under other 
initial conditions but with the same pressure ratio, will have the 
same efficiency. A turbine operating with various throttle flows 
typifies this condition and indicates the importance of this 
corollary. Minor variations from this rule have been detected 
and have been compensated. 

As the volume flow increases, the height of the steam-path 
components must increase proportionately, and consequently, 
stage leakages, root and tip-interference losses, and rotation 
losses are reduced in their effect on the over-all steam-path ef- 
ficiency. Thus, the greater the volume flow passing through a 
set of stages, the more efficient they may be expected to be. Test 
efficiencies of turbines with the same pressure ratio plotted 
against volume flow have a characteristically hyperbolic shape. 
In the method presented this hyperbolic shape is represented by 
assuming base efficiencies corresponding to infinite volume flows 
and subtracting from them quotients of constants divided by 
volume flows. 

The prediction of efficiency 
multiple-admission governing stages is complicated by the effect 
of the governing stage. While the succeeding stages may still be 
analyzed using the constant-efficiency for constant-volume flow 
approach, the governing stage violates both the constant-pres- 
sure-ratio and the constant-volume-flow criteria. As a conse- 
quence, means must be formulated to take into account the change 
in governing-stage efficiency with the volume flow and pressure 
ratio, the effect of the governing-stage design-velocity ratio, the 
size of the governing stage, and the variation in the energy drop 
on the first stage relative to the energy drop on the succeeding 
This latter effect must be taken into account not only as 
it varies from one turbine design to another but also as it varies 
from one throttle flow to another for the same design. 

If the design-velocity ratio is standardized for single and 
double-row governing stages then the effect of the governing- 
stage velocity ratio may be considered as implicit in the base 
efficiencies and the volume-flow corrections. Velocity ratios at 
design flow of 0.5 for single-row governing stages and 0.31 for 
double-row governing stages were assumed. 

Knowledge of the performance of a governing stage has little 
value when separated from the succeeding stages. Therefore, it 
was decided to treat the efficiency of turbine sections preceded by 
governing stages as a unit rather than to calculate the perform- 
ance of the governing stage separately and factor in its effect 
afterward. An advantage of this approach is that a minimum of 
information about the governing stage is required. Since this re- 
quired governing-stage information has a very small effect on the 
over-all performance it may be reasonably assumed without in- 
troducing significant errors. The effect of the governing stage is 
accounted for by the first-stage pitch-diameter corrections and 
noncondensing exhaust-pressure corrections, and is the major part 
of the partial-load correction for sections with governing stages. 

Condensing turbine sections normally operate with their latter 
stages in the moisture region. Operation in the moisture region is 
substantially less efficient than in the superheat region. There is 
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an average reduction in stage efficiency of approximately 1 per 
cent for each per cent of average stage moisture as read from the 
expansion line. The correction curves for moisture and the cor- 
rection to expansion-line end point for exhaust pressures other 
than 1.5-in-Hg abs account for the losses due to operation in the 
wet region. 

Different types of turbines have somewhat different basic 
efficiencies owing to their construction. Among the characteris- 
tics which affect efficiency are pressure drops in crossover piping, 
the number of parallel exhaust sections, and changes in internal 
leakage due to inherent differences in shaft span and packing 
diameter. All of these factors have been lumped together in the 
form of ‘“‘type’’ corrections. 

The substitution of an 1800-rpm low-pressure section affects 
efficiency because of the differences in efficiency between 3600- 
rpm and 1800-rpm low-pressure sections. The procedure used to 
obtain this mixed efficiency has been to calculate the efficiency of 
the reheat section as if the whole were operating at 3600 rpm and 
then to apply the calculated difference between the two low-pres- 
sure sections to the 3600-rpm efficiency. The curve, “Efficiency 
Correction for Substitution of an 1800-rpm Section,’’ gives the 
calculated difference between 3600-rpm and 1800-rpm low-pres- 
sure sections in curve form. 

The method presented is based on operation at full-valve points 
where there is a minimum of throttling in the governing valves. 
In the early stages of design, it is difficult to predict accurately 
where the valve-intercept points will occur. It has become 
customary to draw ‘‘mean-of-the-valve-loop’’ performance curves 
which give the same average performance as a valve-loop curve 
would give. Efficiency-correction curves for mean-of-valve-loop 
performance are given for sections preceded by governing stages. 

To simplify the use of this method, procedures to be followed 
have been outlined in tabular form in Table 1. The applicable 


procedure is selected from those listed at the top of the table, and 
the efficiency is calculated by following the sequence outlined in 
the column beneath it. 

This calculation method may be applied to 50-cycle turbine- 
generator units by using a suitable type correction to account for 
design differences such as shaft span, packing diameter, and possi- 
ble differences in average velocity ratio. : 


Expansion LINES 


The method presented here predicts what are known as “in- 
ternal efficiencies’ or ‘“expansion-line efficiencies.’’ These inter- 
nal efficiencies include all internal losses from ahead of the main- 
stop valves, reheat-intercept valves, or turbine-inlet flange to 
the outlet flange of the turbine section. They include thermody- 
namic losses within the equipment supplied by the turbine 
manufacturer except for exhaust loss of last stages in condensing 
sections. The latter is discussed under the heading of Exhaust 
Loss. Packing leakages and other external flows entering or leav- 
ing the turbine must be accounted for in the heat-balance calcu- 
lations. 

Internal ‘‘used energies’ for determining end points of expan- 
sion lines are obtained by multiplying the “internal efficiency’’ by 
the isentropic enthalpy drop or “available energy’’ of the section. 
Thus, for noncondensing turbines with governing stages, the ex- 
pansion-line end point may be obtained by multiplying the in- 
ternal efficiency by the available energy from ahead of the main 
stop valves to the turbine-exhaust flange and subtracting this 
from the enthalpy of the steam ahead of the main stop valves. 

For condensing turbines the available energy should be taken 
from ahead of the main stop valves, reheat-intercept valves, or 
equivalent inlet point, down to 1.5-in-Hg abs exhaust pressure. 
Owing to the treatment of exhaust loss, the expansion-line end 
point thus obtained is more or less fictional since no such measura- 


end point. 


= 

ble condition exists. To obtain the expansion-line end point for 
exhaust pressures other than 1.5-in-Hg abs, a direct Btu/Ib differ- 
ence in enthalpy is applied. This difference depends upon the 
efficiency of the turbine in that part of the moisture region. 

Expansion lines are drawn on Mollier charts from the initial 
conditions ahead of the turbine section to the exhaust pressure and 
expansion-line end point. For performance calculations, the ex- 
pansion lines are assumed to be loci of extraction steam points. 

The shape of the expansion line is an integral part of this 
method since changes in the curvature of the expansion line will 
produce changes in the heat rate. All expansion lines are as- 
sumed to be drawn on the Mollier chart of Keenan and Keyes.$ 

Expansion lines for nonreheat units are drawn with Keuffel & 
Esser Curves No. 1864-41. The convex edge of the curve is 
placed with the rounded end of the curve projecting about 3.5 in. 
below the 1.5-in-Hg abs expansion-line end point. The upper end 
of the curve is positioned at the throttle enthalpy and at an en- 
tropy greater than that at throttle conditions by 0.007 entropy 
unit and 0.014 entropy unit for one-row and two-row governing 
stages, respectively, at design throttle flow. Partial-flow expan- 
sion lines are drawn from the calculated 1.5-in-Hg abs expansion- 
line end points keeping a constant entropy difference between the 
Fig. 20 shows the construction of expansion 
lines for nonreheat turbines with governing stage. 

Expansion lines for the high-pressure section of reheat units 
are drawn as straight lines. The upper end of the expansion line 
for the high-pressure turbine may be taken at throttle enthalpy, 
and at an entropy greater than that at throttle conditions by 
0.007 entropy unit and 0.014 entropy unit for one-row and two- 
row governing stages, respectively, at design throttle flow. 
Partial-flow expansion lines are drawn parallel to the design-flow 
expansion line through the calculated expansion-line end points. 
Fig. 18 shows the construction of these high-pressure turbine-ex- 
pansion lines, 

Expansion lines from reheat to exhaust of reheat units are 
drawn with Keuffel & Esser Curve No. 1864-31. The concave 
edge of the curve is positioned with the tip of the small end of the 
curve at the upper end of the expansion line and the lower edge 
‘passing through the 1.5-in-Hg abs exhaust-pressure expansion- 
Partial-flow expansion lines are drawn in the 
same manner. Fig. 19 shows the construction of expansion lines 
for the reheat section. 


expansion lines. 


Exnaust Loss 

The internal efficiency, by means of an expansion line, has been 
used as a measure of the internal losses of the turbine. It is very 
difficult, however, to distinguish at the exhaust end of the con- 
densing section of a turbine as to where internal losses end and 
external losses begin. It has been implied earlier that this line 
was to be drawn at the exit from the last stage of the turbine but 
at the pressure existing at the condenser flange. 

This division recognizes that losses occur between the last stage 
and the condenser which cannot be counted properly as internal 
losses. These losses are referred to as exhaust losses. They are 
made up primarily of the energy loss due to the velocity of the 
steam as it leaves the last stage, the pressure drop which normally 
occurs between the exit from the last stage and the condenser 
flange, and the losses which occur if the latter stages have in- 
sufficient pressure drop due to low volume flow, the assumption 
being, as stated previously, that the internal efficiency is inde- 
pendent of the state of flow. These component losses are referred 
to as the leaving loss, hood loss, and turn-up loss, respectively. 

The magnitude of the exhaust loss was obtained by combining 
calculated leaving-loss and turn-up-loss data with hood-loss data 


5‘*Thermodynamic Properties of Steam,’’ by J. H. Keenan and 
F. G. Keyes, John Wiley & Sons, Inc., New York, N. Y., 1936. 
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obtained from model tests. The resulting exhaust-loss curves 
were then checked by running turbine-performance tests at vari- 
ous exhaust pressures and observing the correlation of the tests 
with the calculated performance data. 

By treating exhaust loss in the manner outlined, it may be con- 
sidered as an external loss; that is, it may be dealt with inde- 
pendently of the solution of the efficiency and flow calculations in 
the heat balance. 


MECHANICAL AND GENERATOR LossEs 

The mechanical losses given in Fig. 25 include bearing losses, 
oil-pump losses, and shaft-grounding-device losses. All mechani- 
cal losses of the turbine plus the bearing losses for the generator 
are included. All units are assumed to have steam-sealed shaft 
packings. 

The generator losses shown in Figs. 22, 23, and 24 include all 
mechanical and electrical losses of the generator except the bear- 
ing losses. 

PackInG LEAKAGES 

The method presented in this paper assumes that all leakages 
which flow to the feedwater heaters or which by-pass groups of 
stages are treated as external flows in heat-balance calculations. 

Shaft-packing leakages used have been calculated by use of 
Martin’s formula for leakage of steam through labyrinth seals.* 
Clearances assumed are based on average shaft packing clear- 
ances as measured on machines during normal overhauls. This 
packing leakage calculation procedure is substantiated by station 
performance tests. 

Martin’s formula is given in the Appendix. Information neces- 
sary to evaluate this formula for typical packings used by the 
authors’ company for various types of turbines is included. 


ComPARATIVE Heat Rates 
The preparation of comparative heat-rate information, even with 


® Articles on ‘‘Leakage of Steam Through Dummy Pistons,”’ by 
H. M. Martin, Engineering, Jan. 10, 1908, and Jan. 3, 1919; also, 
see ‘‘Kent’s Mechanical Engineering Handbook,” John Wiley & Sons, 
Inc., New York, N. Y., vol. 2, 1950. 


ond whe fo af. 
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the aid of the data presented in this paper, is laborious. To assist 
those who wish closely calculated performance differences between 
various types and sizes of machines, comparative heat-rate curves 
are given for reheat turbine-generator units at normal nameplate 
ratings from 50,000 kw to 500,000 kw. The specific heat rates for 
any desired machine may be obtained by using the heat-balance 
example given in this paper as a base. 

The relative heat rates given in Figs. 26, 27, and 28 are on a net 
basis to make comparisons between units at various initial pres- 
sures more realistic. A boiler-feed-pump efficiency of 70 per cent 
and a pump-motor efficiency of 95 per cent have been assumed 
throughout. 


CONCLUSION 


In this paper the fundamental concept of appraising turbine- 
stage performance by stage groups developed by Warren, Know]l- 
ton, and Elston has been followed. The basic efficiency factors 
and efficiency corrections have been re-evaluated in the light of 
more recent experience. Partial-load performance and extended 
and refined procedures have been introduced. 

Additional comparisons of test results with the method pre- 
sented here will indicate if and when further refinement may be 
necessary. 

The method given, at its present stage of development, permits 
the realistic economic evaluation of relative performance of steam 
turbine-generator units. 
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TABLE 2 


Expansion line end points, mechanical, and generator losses used inthe sShestrative heat balance. diagram 
given in Fig. 3 are worked out below with explanatory notes. 


Turbine Nameplate Rating: 250,000 kw. 


=) 
EXAMPLE OF USE OF THE METHOD r+ 


Turbine Type: Cross-compound double-flow, 3600/1800-rpm, 43 inch last-stage buckets, 247. seq < 


total iast-stage annulus area. 


Steam Conditions: Initial 2400 psig, 1000 F, reheat 1000 F; exhaust pressure 1.0 in. Hg abs. 


Feedwater Heating Cycle: Seven heaters, top heater connected to reheat point; heater terminal 
differences and heater arrangement as shown on Fig. 3; pressure drop 


turbine flange to heater five percent; final feedwater temperature ap- 
- proximately 470 F; no feedwater makeup; 10 percent reheat oeeed 


Pp. 


Extraction Stage Pressures: Selected for optimum cycle performance and turbine stage — | 


Leakage Flows: Calculated. 


+ 

Load Point: Approximately 250,000 kw. han ee 

Estimated Throttle Flow Required: 1,559,000 lb/hr. 


METHOD OF CALCULATION EXAMPLE 


2. Calculation of high-pressure turbine efficiency and expansion line end point 


Design Throttle Flow Q = 1,770,000 Ib/hr 


Throttle Flow Ratio i de TFR = 1,559,000/1,770,000 = 0.881 


= 88.1 percent 


Exhaust Pressure Ratio (Fig. 2) ..% Exhaust Pressure Ratio 
= K x Throttle Flow Ratio ee, = 1.004 x 88.1 = 88.45 percent 


Base Efficiency (Table 1:3600 Rpm, Non- Base Efficiency = 87.00 percent 
condensing, 1-row Governing Stage) 


Design Volume Flow = Design Throttle Qxv 
Flow x Specific Volume at 2400 psig, 
1000 Degrees 


1,770,000 x 0.3185 
564,000 cu ft/hr 


Correction = -1,005,200 x N/Q x v 
= -1,005, 200/564,000 = - 1.78 
percent 
Eff, = 87.00 -0.0178 x 87.00 = 85.45 


Correction for Volume Flow (Table 1) 


percent 
Correction for Pitch Diameter of Governing | Correction = +0.22 percent at 36 inches | 
Stage (Fig. 7), 36-inch Pitch Diameter Effg = 85.45 + 0.0022 x 85.45 = 85.64 
Is Assumed percent 


from extraction s ne flan e per ressure d 
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TABLE 2 (continued) 


METHOD OF CALCULATION 


EXAMPLE 


Correction for Exhaust Pressure (Fig. 6) 


Throttle Pressure : 
Design Exhaust Pressure’ 


Where: 


Design Exhaust Pressure = Exhaust 
Pressure from Heat Balance Divided 
by Exhaust Pressure Ratio 


Correction for Pitch Diameter of Governing 
Stage at Partial Load (Fig. 8) 
Correction tor Partial Load 
(Fig. 9) 


Correction for Mean of Valve Loops 
(Fig. 12), Four Control Valves Assumed 


‘Throttle Enthalpy (at 2415 psia, 1000 F) 


Available Energy to 542 psia 


Correction = -2.13 percent at 3.935 and 
564,000 cu ft/hr 
Eff, = 85.64 - 0.0213 x 85.64 = 
cent 


83.82 per- 


Correction = -0.14 percent at 88.45 percent 
and 36 inches 
Eff4 = 83.82 - 0.0014 x 83.82 = 
cent 


83.70 per- 


Correction = -0.83 percent at 88.45 percent 
and 3.935 
Effs = 83.70 percent -0.0083 x 83.70 = 83.01 
percent 


Correction = -1.52 percent at 88.1 percent 
Effg = 83.01 - 0.0152x 83.01 = 81.75 percent 


H, = 1461.2 Btu/Ib 


AE = 181.5 Btu/lb 


ELEP = 1461.2-0.8175 x 181.5 = 1312.8 a 


Btu/lb 


3. Calculation of reheat turbine efficiency and expansion line end point 


Estimated Heat Balance Reheat 
Turbine Flow 
Reheat Turbine Flow Ratio 


Reheat Turbine Flow Ratio = High 
Pressure Turbine Exhaust Pressure 
Ratio 


Base Efficiency (Table 1: 3600/1800-rpm, 
Condensing, without Governing Stage) 


Design Volume Flow = Design Reheat 
‘Turbine Flow x Specific Volume at 1000 F 
_ and at Design Pressure Ahead of 


Intercept Valves 
Correction for Volume Flow (Table 1) ahi. 


Use one-half of Design Volume Flow for 
two Parallel Reheat Sections (N = 2) 


Correction for Turbine Type (Table 1) 


Base Efficiency = 89.05 percent 


Q x v = 1,575,000 x 1.535 

= 2,420,000 cu ft/lb 
Design Pjy = 488/0.8845 = 552 psia 
Read v at 1000 F and 552 psia 


730,620 x 2 


Correction = 3459 900 = -0.60 percent 


Eff = 89.05 - 0.0060 x 89.05 = 88.51 
percent 


Correction = -0.14 percent 
Eff2 = 88.51-0.0014 x 88.51 = 88.39 percent 


| 


Py ~ 54270.8845 = 
< 
= 
: 
ap ' 
spansion Line End Point = - Eifg x AE 
Design Reheat Turbine Flow Q = 1,949,000 lb/hr 
..... 
oF 
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TABLE 2 (continued) 7 7 


METHOD OF CALCULATION 


EXAMPLE 


Correction for Moisture (Fig. 14) 


Correction for Partial Load (Fig. 13) 


Correction for 1800-rpm Section (Fig. 15) 


Crossover Volume Flow = Crossover 
Flow x Specific Volume at 125 psia and 
1360 H. (Expansion Line at Assumed 
Crossover Pressure) Consider 2 I.P 
Sections 


Available Energy Ratio (Read at Sj,) 
_ AE of 1800-rpm Section 
~~ AE of Reheat Turbine 


Enthalpy Ahead of Intercept Valves ; 
(at 1000 F, 488 psia) 


Available Energy to 1.5 in. Hg abs 


Expansion Line End Point at 1.5 in. Hg abs 
= Hiy - — x AE 


Moisture at sialon Line End Point, 
1.5 in. Hg abs 


Change in Expansion Line End Point 
from 1.5 in. Hg abs to 1.0 in. Hg abs 
(Fig. 16) 


4. Exhaust loss, condenser end point enthalpy at 1.0 inch Hg abs 


Q x v x (1-M) 


Annulus Velocity = x 


a, Use Percent Moisture at Expansion 
Line End Point at 1.0 in. Hg abs 


Exhaust Loss (Fig. 21a) 


Corrected Exhaust Loss = Exhaust Loss x 
0.86 x (1-M) 


Condenser End Point Enthalpy at 1.0 in. 
Hg abs = Expansion Line End Point + 
Corrected Exhaust Loss 


Correction = +2.28 percent at 1000 degrees, 
488 psia 
= 88.39 + 0.0228 x 88.39 =90.41 percent 


Correction = -0.11 percent at 88.1 percent 
Eff4 = 90.41-0.0011 x 90.41=90.31 percent ; 


Q x v = 1,319,626 x 5.275 = 6,961,000 
cu ft/hr 
Q x v Per LP Section = 6,961,000/2 
= 3,480, 300 cu ft/hr 
Curve Value = +1.16 percent 


AE Ratio = 


Correction = +1.16 x 0.67 = +0.78 percent 
= = 90.31 + 0.0078 x 90.31=91.01 percent 


- 0.67 


sy = 1519.9 Btu/Ib 


ane 
AE = 564.4 Btu/Ib 


ELEP at 1.5 in. Hg abs 


= 1519.9 = 0.9101 x 564.4 
1006.2 Btu/Ib 


M at 1.5 in. Hg abs = 9.15 percent 


AELEP = -19.4 x (1-0.0915) = -17.6 Btu/lb | 


ELEP at 1.0 in. Hg abs = 1006. 2- 17.6 
988.6 


y = 1,055,521 x 652.3 x (1-0. 103) _ 
3600 x 247.6 


M at 1.0 in. Hg abs = 10.3 percent 


Exhaust Loss = 12.0 Btu/lb 


Corrected Exhaust Loss 
= 12.0 x 0.86 x (1-0.103) = 9.3 Btu/lb 


He at 1.0 in. Hg abs = 988.6 + 9.3 = 997.9 
Btu/Ib 


ve 
| 
t 
| 
-- 
Expansion Line End Point at 1.0 in. Hg 
ii 
. 


METHOD OF CALCULATION 


EXAMPLE 


5. Mechanical loss (Fig. 25) 
HP: Read at 250,000 kw, CC-HP 
LP: Read at 250,000 kw, CCDF-LP-43 


. Generator loss (Fig. 22, 23, and 24) 


Generator Kva Rating = Gen. Output 


at 30 psig H2 pressure 


_ Generator and Operation at 15 psig 
H» Pressure (See Notes on Fig. 22) 


Assume Conventionally Cooled a 


- _ Generator Loss = (Rated 30 psig H2 kva) 


Factor 1 
x 


Percent of Rated 30 psig Hg kva 
100 


x Factor 2x Factor 3 


BFP Flow x BFP Enthalpy Rise 
_ BFP Motor Efficiency x 3412.75 


7 _ BFP Enthalpy Rise = 
Isentropic Enthalpy Rise at 326.3 F 


to 3020 psia 
BFP Efficiency 


(See Reference 4, Fig. 3) 


HP Mechanical Los 
LP Los 


3600-rpm Generator 30 lb kva mattag 
128,571 


Generator Loss (3600) 
1.06 91.9 


= 164,614 x X 0-94 x 1.00, 


1507 kw 


1800-rpm Generator 30 lb kva Rating 

_ 120,784 _ 

= 0019 x 0-85 154,622 kva 
Generator Loss (1800) 


154,622 x tt x SE? x 0.94 x 1.00 


a 


Generator Output of 3600-rpm Generator 
= 130,788 - 710 - 1507 = 128,571 kw 


Generator Output of 1800-rpm Generator 
= 123,027 - 760 - 1483 = 120,784 kw 


BFP Power = 1,959,000 x 13.4 _ § 444 kw 
0.95 x 3412.75 


bia 


TABLE 2 (continued) 
‘ 
4 
#£i*'| 
= 760 k 
7. Generator outputs 
wie Mechanical Losses-Generator Losses 
8. Boiler feedpump power 
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multiplied by on available energy taken between initial : 
bow! conditions and the exhoust pressure, and subtracted 
from the initial bow! enthalpy. Pressure drops between 
the turbine inlet ond the bow! of the first stage may 
be considered os external. 
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. Read the exhoust loss at the annulus velocity obtained from 
the following expression: 
Ven* Gano a 
3600 Aan 
2. To obtain the enthalpy of steam entering the condenser, in- 
creose the expansion line end point by the quantity obtained 
from the following expression: 
DELEP =Exhoust loss « 0.86 « (i-M) 


5. This exhoust loss curve Includes the loss in interna! efficiency 
which occurs at light flows os obtained in tests. 


LEGEND: 
Van = Annulus velocity in feet per second. 
Condenser fiow in pounds per hour 
V=Soturoted dry specific volume in cubic feet per 
pound corresponding to the actual! exhoust pressure 
(when end point is in superheat region V = actuo 
specific volume ot end point). 
Aon =Annulus area in squore feet. 
ANNULUS VELOCITY-FEET PER SECOND M= Percent moisture ct expansion line end point. — 
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EXHAUST LOSS-BTU PER LB 


.1, Reed the exhoust loss at the lus velocity obtained from 
a the following expression 
QgVit-m) 


3600 Aon 
2. To obtoin the enthalpy of steam entering the condenser, in- 
crease the expansion line end point by the quontity obtained 
from the following expression: 
SELEP =Exhoust loss « 0.66 « (i-mM) 


3. This exhoust loss curve includes the loss in interna! efficiency 
4 which occurs at light flows os obtained in tests. 
~ LEGEND: 
Non =Annulus velocity infeet per second. 
Qgq = Condenser flow in pounds per hour. 
200 400 V =Soturcted dry specific volume in cubic feet per 
pound corresponding to the octuol exhaust pressure 
(when end point is in superheat region V= octuve! 
specific volume at end point). 
Aon™ Annulus oreo in squore feet. 
M = Percent moisture ot expansion line end point. 
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|. Generator Loss KW= 
Rated 30 Lbs KVA x Factor Percent of Hote*. 30 Lbs KVA 


x Factor 2 x Factor 3 


2. Rating of generators: 
Generotors are normally matched to rated turbine—generotor output KW at 91.9% 
of rated 30 Lbs KVA and rated power factor 

3. Conventionally cooled generators: 

Mox. 5 Lbs KVA=0.919 x Rated 30 Lbs KVA 
Mox 0.5 x Rated 30 Lbs KVA 
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L Mechonicol losses for both sections of cross-compound units are 
reod at the rated turbine-generotor output. 

2. Conventionally cooled generator 
Conductor-cooled generator 

3. Letters and numbers on curves designate type ond length of last 
stage buckets, respectively 
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NOTE: 
Letters on curves indicate turbine type 


Numbers on curves are length of last stage in inches. 
The letter A ofter the number indicotes oxial-fiow 
exhaust. 


Steam Conditions 
50,000 KW to 100,000 KW-1450 Psig, |OO0 F/IOOOF 
100,000 KW to 200,000 KW-1800 Psig, IOOOF/IOOOF 
200,000 KW to 500,000 KW-2400 Psig, IOOOF/IOOOF 


Cycle 
50,000 KW to 100,000 KW- 5 Htr. Cycle, 430 FF WT 
100,000 KW to 200,000 KW-6 Htr. Cycle, 450 FF WT 
200,000 KW to 500,000 KW-7 Hftr. Cycle, 470 FF WT 
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Letters on curves indicote turbine type. 


Numbers on curves ore length of last stage in inches. 
The letter A ofter the number indicates oxial-fiow 
exhoust. 


Steam Conditions 
50,000 KW to 100,000 KW-1450 Psig, F/ IOOOF 
100,000 KW to 200,000 KW -1800 Psig, |OOOF/I|OOOF 
200,000 KW to 500,000 KW -2400 Psig, |O00F/IOOOF 


Cycle 
50,000 KW to !00,000 KW- 5 Htr. Cycle, 430 FF WT 
. 100,000 KW to 200,000 KW-6 Htr. Cycle, 450 FFWT 
200,000 KW to 500,000 KW-7 Htr. Cycle, 470 FFWT 
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Letters on curves indicate turbine type. 


Numbers on curves are length of last stage in inches. 
The letter A ofter the number indicates axial-fiow 
exhoust 


Steam Conditions 


50,000 KW to 100,000 KW-i450 Psig, |000 F/IOOOF 
100,000 KW to 200,000 KW -1800 Psig, F/ IOOOF 
200,000 KW to 500,000 KW-2400 Psig, IOOOF/IOOOF 


Cycle 
50,000 KW to 100,000 KW- 5 Htr. Cycle, 430 FF WT 
100,000 KW to 200,000 KW- 6 Htr. Cycle, 450 FFWT 
200,000 KW to 500,000 KW-7 Htr. Cycle, 470 FFWT 
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CALCULATION OF Packing LEAKAGE FLows 


Martin’s formula 
| 1 — (P./P,)2 > 
é N — log.( P2/P;) u 


packing flow, lb/hr 
factor for packing type (see Fig. 29) 
— area, sq in. 


X packing diameter in inches X clearance in mils 


1000 

initial pressure, psia 
final pressure, psia 
initial specific volume, cu ft/lb 
number of stationary teeth 
packing constant from Table 3 


Fig. 29 is based on results of packing-flow tests. Clearances as- 
sumed are measured on machines during normal overhauls. 
Information for evaluating Martin’s formula for typical pack- 
ings used by the authors’ company is given in the form of a con- 
stant C in Table 3. 


CALCULATION OF VALVE-STEM LEAKAGE FLows 

Valve-stem leakage flows vary widely and are difficult to pre- 
dict. The rough method of estimating these flows given in the 
following has been found to be sufficiently accurate for heat- 
balance-calculation purposes. 

Total Valve-Stem Leakage 
Reheat turbines: F 
Nonreheat turbines: 


= 2 X throttle pressure, psia : 

F = 1.5 X throttle pressure, psia 
Second Valve-Stem Leakage 

= 1.8 X high-pressure section exhaust 


pressure, psia 
F = 1.5 X highest extraction pressure, psia 


Reheat turbines: F 


Nonreheat turbines: 
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Discussion 


W. E. Hopkins’ T. J. WHetan.s The authors are to be 
commended for their excellent presentation of basic turbine-gen- 
erator design data. Their extension of the Warren-Knowlton and 
Elston-Knowlton data, to include part-load performance, conduc- 
tor-cooled generator and sizes up to 500 mw, will be of great value 
to all those concerned with the design of steam power stations. 

The writers’ comments consist of questions that have come up 
during the past few weeks while using the data presented in con- 
nection with economic evaluations to determine size of unit and 
size of turbine-exhaust end. 

The statement is made that the level of performance obtained 
by use of the data presented is judged to be the highest justifiable 
for prediction purposes at the present state of the art. It is not 
clear, however, whether this predicted level of performance takes 
into account a margin to take care of the usual uncertainties of 
manufacture and testing, in which case it might be expected to be 
comparable to the guaranteed level of performance. 

Fig. 25 of the paper shows the mechanical losses for reheat 
units. However, no new data are presented for mechanical 
losses for nonreheat units. Would it be correct to assume that 
the data given in Fig. 13 in the Elston-Knowlton paper for me- 
chanical losses for nonreheat units are still applicable? 

The method presented requires that an assumption be made as 
to pitch diameter of the governing stage, and the number of con- 
trol valves. Although these data have only a small effect on 
over-all performance, a brief discussion of the factors influencing 
their selection would be of interest and would be of assistance in 
making reasonable assumptions. 

Figs. 26, 27, and 28 show relative net heat rates at 1.0, 1.5, 
and 2.0-in-Hg abs, respectively, for the several exhaust-annulus 
areas which may be selected for a given size of unit. If similar 
data at 3'/:-in-Hg abs were available, they could be used to cal- 
culate relative design flow and, in turn, maximum expected 
capability at the lower exhaust pressures which must be consid- 
ered in an evaluation to determine economic size of exhaust end. 

The writers are hopeful that the presentation of the authors’ 
paper will lead representatives of other large steam turbine- 
generator manufacturers to furnish similar data. 


E. H. Krrea.* This paper is most stimulating and valuable to 
those engineers interested in selecting the most economical tur- 
bine-generator so that the plant may enjoy optimum economy. 

To those who must “read while they run,’’ Figs. 26, 27, and 28 
can convey a remarkable story, such as comparisons between: 


1 1450 psi and 1800 psi (both 1000/1000 F) on the 100-mw 
abscissa. 

2 1800 psi and 2400 psi (both 1000/1000 F) on the 200-mw 
abscissa for TCTF-26 also CCSF-43 downflow and axial-flow 
turbines. 

3 TCTF turbines with 23-in. and 26-in. buckets, also CCSF 
turbines with 38-in. and 43-in. buckets. 

4 All types of turbines at 1I-in., 1'/:-in., and 2-in-Hg abs ex- 
haust pressure. 


Those who determine the plant performance and its economy 
know that the incremental dollar savings do not always balance 
the incremental headaches. To them a comparison of the Fig. 26 
curves at 1 in. and the Fig. 28 curves at 2 in. will be of interest in 


7 Mechanical Engineer, Stone & Webster Engineering Corporation, 
Boston, Mass. Mem. ASME. 

8 Mechanical Division Engineer, Stone & Webster Engineering 
Corporation, Boston, Mass. 

* Vice-President, Stone & Webster Engineering Corporation, 
Boston, Mass. Mem. ASME. 
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highlighting the “loss’’ incurred when units with a large exhaust 
annulus operate at poor vacuums. 

These curves will facilitate greatly comparisons between the 
many types of turbines available in this country, and the power 
industry is indebted to the authors for making these data avail- 
able. 


5S. W. W. Mircuety.” The authors have presented an ex- 
tremely fine paper, the scope and usefulness of which exceed that 
of any papers heretofore published on the determination of 
turbine-generator performance. They are to be commended for 
their excellent contribution to the industry. 

It is quite apparent that considerable review and analysis of 
field and laboratory test results were necessary for the compila- 
tion of the basic efficiencies and correction factors enumerated in 
Table 1. We have been studying the relative efficiencies of one- 
row and two-row governing stages, utilizing results obtained 
from laboratory-controlled tests and by thermal determination 
during the over-all testing of large turbine-generator units of 
varied initial pressures and arrangements. The experience of 
many such tests indicates a smaller difference than that shown in 
the columns of Table 1 headed 3600 rpm, noncondensing. We are 
hopeful that further testing and study by the industry will result 
in a clarification of the efficiencies of these two types of governing 


stages. 


J. A. Trcurnenast.'! The manufacturers of large steam tur- 
bine-generators have done a good job over the past years design- 
ing machines to utilize at equal or even better efficiencies the high 
temperatures and pressures which progressively have been utilized 
to obtain better thermodynamic-cycle performance. This paper 
gives a fine summary of the present state of these efficiency levels. 
We say present levels of efficiency because we know that the de- 
signers of turbines will not rest on their laurels but will con- 
tinually improve performance even though facing problems such 
as the higher steam pressures that dictate, for instance, first 
stages that are too small for best flow proportions. An example of 
this is the 4500-psi Philo No. 6 machine on the American Gas and 
Electric System which, although admittedly of less than optimum 
capacity for its steam conditions, has first-stage buckets, which 
are only */;-in. long and a second-stage diaphragm, which is ap- 
proximately 4 to 5-in. thick. 

This paper puts into easily workable form information which 
the designers of steam cycles can utilize to eliminate many vari- 
ables which arise and which must be evaluated when a turbine is 
to be selected. The advantage of making information of this type 
generally available is that the large number of alternatives which 
should be considered can be condensed more easily, so that only 
the most promising ones need be given detailed study. 

In selecting designs for large steam power plants we always ex- 
pect to receive from turbine manufacturers machines with the 
best levels of internal efficiency economically possible in the state 
of the art at the time of the machine’s purchase. With good in- 
ternal efficiency, however, we must combine good cycle design to 
obtain the best over-all plant performance. Several good papers 
have been published recently on the effect of the initial steam 
conditions on cycle performance. These have dealt with some of 
the other parameters of cycle arrangement, such as number of re- 
heats, reheat pressure, and so on. It would seem that a very 
worth-while paper could be written which would deal in a con- 
venient, and perhaps to a degree approximate, manner, with other 
variables of cycle arrangement, which would not require detailed 
calculations for evaluation but which would allow the elimination 


1 Steam Division, Westinghouse Electric Corporation, So. Phila- 
delphia, Pa. 

11 Staff Engineer, American Gas and Electric Service Corporation, 
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of a large number of alternative arrangements which might be 
less than satisfactory. Variables of cycle design to which we re- 
fer are arrangements and spacing of feedwater heaters, particu- 
larly around reheat points, pressure drop in reheaters and extrac- 
tion lines, location of boiler feed pumps at various temperature 
levels, effect of terminal temperature difference on feedwater 
heaters, use of drain coolers and drain pumps at various tempera- 
ture levels, use of heat-recovery items, such as hydrogen coolers, 
GSLO condensers, and the like, in the condensate cycle, and 
other features. 


Autuors’ CLosuRE 


The kind remarks of Messrs. Hopkins and Whelan are appreci- 
ated. The level of performance obtained by use of the data pre- 
sented in this paper does take into account a margin to take care 
of the usual uncertainties of manufacture and testing. The order 
of magnitude of this margin is illustrated in Fig. 1. Rather than 
reading mechanical losses for nonreheat units from Fig. 13 in the 
Elston-Knowlton paper, the authors suggest the use of Fig. 25 of 
the paper presented here. Although the losses shown here are for 
reheat units, better consistency is insured this way. Specific 
information on losses of nonreheat units may be obtained from 
the authors. 

Design considerations of turbine rotors and shells determine the 
diameters of governing stages. For 3600-rpm, HP turbines, the 
authors’ company normally uses 38-in. pitch diameter governing 
stages at 1450 to 1800 psig initial pressure and up to 1050 F initial 
temperature. At steam conditions of 2400 psig and 1050 F 36- 
in. pitch diameters are favored. Higher initial temperatures tend 
to require reduced diameters, below 36 in. On supercritical 
pressure units where no particular pattern has been established 
as yet, 38-in. pitch diameters should be assumed at 1050 F initial 
temperature. At initial pressures as high as 1800 psig, the 
authors’ company normally uses eight independent control valves. 
At 1800 psig, for larger sized units, the number of control valves has 
sometimes been reduced to six. Six valves have also been used 
on 2000 psig turbines, while higher initial pressures normally 
require four independent control valves. The largest sized units 
may require simultaneous opening of two or three control valves, 
thus reducing the effective number of admissions. The authors 
hope to find time to have estimating data prepared permitting 
the calculation of relative design flows and maximum expected 
capabilities and performance data at 3.5 in. Hg abs and other 
exhaust pressures, all consistent with the paper presented here. 

Mr. Krieg’s remarks are sympathetic and the authors are 
grateful. 

The authors thank Mr. Mitchell for his gracious comments on 
the value of the paper. The difference in efficiency between tur- 
bines with one and two-row governing stages is based on perform- 


ance tests of turbines and components built by the authors’ com- 
pany. It represents the most up-to-date comparative information 
available to them at the present time. 

Mr. Tillinghast’s stimulating remarks are much appreciated. 
Several people in the authors’ company are continuously working 
on problems concerning the analysis of the performance of turbine 
feedwater heating cycles. Results are being made available to 
the industry periodically and the authors are confident that, with 
the aid of new calculating methods, such as high speed electronic 
computers, more accurate and more complete analysis of turbine 
feedwater heating cycles will soon be made possible. 

The authors have noted that there has been some confusion re- 
garding the assumption of standard design velocity ratios of 0.5 
for single-row governing stages and 0.31 for two-row governing 
stages. These are the normal design conditions for large turbines 
built by the authors’ company. 

If the velocity ratio at design flow is other than 0.5 or 0.31, then 
an equivalent design flow should be obtained and used throughout 
the procedures in place of the design flow except in connection 
with Figs. 5, 12, and 13. For example, if a reheat unit, due to 
design considerations, has been designed with a velocity ratio 
less than 0.5 at design flow, the unit would be considered by the 
authors’ paper to be operating at partial load, even though the 
unit were passing maximum flow. The following tables give 
multiplying factors which may be used to obtain equivalent de- 
sign flows. 


Single Row Governing Stages 
at 
design ~Equivalent pitch diameter* 
flow 34 in. 36 in. 38 in. 
0. 1 
0. 048 


0.46 
0 014 


1.092 
1.062 
1.038 
1.01 
1 

0 


1. 
1.0% 
1 

1 


0 1000 
.984 


0.52 0.988 0.5 
0. 0.977 0.¢ 0.970 
Two Row Governing Stage 
W/V at 
————Equivalent pitch 
in. 37 in. 40 in. 
1.161 
1.000 
0.901 
0.833 
0.781 
0.813 0.744 
* Norte: Equivalent pitch diameter 
_ Pitch diameter X rpm 
3600 


790 
xy Pw; at throttle condition te 


: 
40in 
1.100 
1.068 
1.042 
1 090 
2 
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A New Way to Simplify the Steam 
Power Plant 


By H. A. KULJIAN! ano W. J. FADDEN, JR.,2 PHILADELPHIA, PA. 


a The purpose of this paper is to present a new approach 


to the ever-urgent problem of simplifying the installation 
and operation of steam power plants. Two alternative 
methods are involved, both of which combine regenerative 
feedwater heaters in a single shell. One integrates the 
closed-type heat exchangers; the other employs a new 
method of using open-type heat exchangers with inter- 
mediate locks. By either method, it is the conclusion of 
the authors that a saving in initial investment of from 


$10.00 to $15.00 per kilowatt will be obtained. ee 


INTRODUCTION 


ODERN power plants are notoriously complicated and 
M appear to the layman as a baffling maze of various ma- 
4 chines, heat exchangers, and tanks, all interlaced to- 
gether with many pipes and valves of unknown functions. Yet, 
basically, all of this equipment in a steam power plant can be 
classified under three major groups; namely, the steam-generating 
unit, the turbogenerating unit, and the heat exchangers. All of 
the other equipment is either used to intereonnect these, or con- 
tribute to their operation. beat 
at = 
PowerR-PLANT EQuIPMENT 

The steam-generating unit includes the economizer, air pre- 
heater, waterwalls, superheater, forced-draft fan, induced-draft 
fan, pulverizers, and furnace, in addition to the boiler itself. All 
of these are fairly compact in arrangement. 

The turbogenerating unit includes the condenser and controls, 
and it, too, is compactly arranged. 

But by contrast, the heat-exchanger equipment in a multistage 
bleeding installation usually includes several low-pressure 
heaters, a deaerating heater, high-pressure heaters with boiler 
feed pumps, and endless piping located wherever it can be 
squeezed in. The result is a complicated installation. 

The importance of heat exchangers in attaining high thermal 
efficiency in modern plant operation is well known to all engineers. 
Going to higher and higher pressures and temperatures will not 
by itself answer the problem of better efficiencies for the steam 
power plant. This cannot be accomplished without the use of re- 
generative feedwater heaters. 

In power plants, most machinery such as circulating water 
pumps, condensate pumps, boiler feed pumps, forced and in- 
duced-draft fans are all rotating apparatus, either pumping water 
or air into the boiler furnace, or sucking the products of combus- 
tion from the furnace. They make a considerable amount of 
noise and hum in the power plants. In the heat exchanger, how- 
ever, there are no moving elements. Only fluids are in motion; 
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one is the water which runs through the coils with fairly high 
velocity, at the rate of 6 or 8 fps, the other is steam, which is bled 
from the turbine connected to the shell of the heat exchanger, 
being condensed continuously, transferring its energy into the 
water, thereby increasing the thermal efficiency of the plant. If 
it were not for these heat exchangers, it would be impossible to use 
generated power so cheaply in our industries or in our homes. 

While the supercritical-pressure stations constitute a radical 
change in power-plant practice, by far the greatest change now 
imminent is the use of nuclear energy for generating electric 
power. Naturally, more complex equipment will be added. It is, 
therefore, of paramount importance that the feedwater-heating 
cycle be kept as simple and as effective as possible. 

Take for example a 150,000-kw unit. The condenser, with ap- 
proximately 100,000 sq ft of condensing surface, is manufactured 
in a single shell. For the same size unit, eight single-stage heat 
exchangers are used with a combined total heating surface of less 
than one half that of the condenser. 

The basic concept of incorporating all the stages of feedwater 
heating in a single compact shell reduces costs by: 


(a) Greatly simplified piping. 

(6b) Reducing the number of engineering drawings. 

(c) Reducing installation cost and time. 

(d) Reducing building volume, particularly valuable floor 
space. 


In the aggregate, these four economies indicate a total saving of 


from $10.00 to $15.00 per installed kilowatt. a 


Two types of combined heaters are offered for both power plants 
and industrial plants. The closed heater will be referred to as type 
K feedwater heater. The other is an open heater called type K-F. 
Each type will be described. 

Type K Feedwater Heater. The type K feedwater heater is 
basically a series of closed shell-and-tube type heaters that have 
been combined in a single vertical shell, and factory-built and 
tested as a single unit. Flow is accomplished by pumping feed- 
water directly from the condenser hotwell through the coils of the 
stages directly to the suction of the boiler feed pumps. The 
suction-head requirements of the boiler feed pumps are satisfied 
by proper selection of the discharge pressure of the condensate 
booster pump. The tubes carrying the feedwater are arranged in 
flat spirals in the horizontal plane and are of such a size and num- 
ber as to give the best heat transfer. Steam bled from the turbine 
at the desired point passes around these tubes to raise the tem- 
perature of the feedwater to the boiler and raise the over-all 
thermal efficiency of the power plant. 

Operation of K Feedwater Heater. Figs. 1-4 and the accompany- 
ing description are based on a 150,000-kw turbogenerator 2000 
psig, 1050 F, 1000 F reheat, with eight stages of extraction heat- 
ing. 

The type K feedwater heater, with its spiral-wound heat-ex- 
changer tubes, consists of a tower-like, cylindrical shell parti- 
tioned into stages, one stage for each heater. 

This feedwater-tower assembly stands in a vertical position on 
the condenser floor, as close to the turbogenerator as possible, with 
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the highest-pressure stage at the top. Condensed extraction 
steam is cascaded from each stage heater to the next lower pres- 
sure unit. The condensate level in each stage is maintained with 
a level-control valve. The accumulated extraction condensate 
from the lowest-pressure stage heater is pumped into the inlet 
manifold combining with the condensate booster-pump discharge. 
The stage-heater vents are also cascaded from one unit to the next 
lower pressure unit, finally cascading to the condenser. 

Condensate from stage heaters, as well as from main condenser, 
enters the lowest-pressure stage-heater manifold at the bottom. 
It then passes through a number of parallel coils into another 
manifold which becomes the inlet manifold for the next higher 
pressure stage heater. These manifolds are entirely internal and 
are welded to the partition plates at one point only, to allow free 
expansion of the manifolds and coils without causing any ap- 
preciable stress. The remaining stages operate in a similar man- 
ner. 

In high-pressure stages of the feed cycle, energy is kept at the 
highest possible temperature level by use of desuperheating and 
drain-cooling zones. In drain cooling, entering feedwater picks up 
heat from the leaving condensate before it is flashed to the lower- 
pressure heater and releases its heat at a lower temperature. The 
feedwater temperature is thereby raised a few degrees which it 
could not realize from the same heat in the lower-pressure heater. 
In the desuperheating zone, the leaving feedwater picks up heat 
from the incoming superheated steam, thereby raising the water 
temperature higher than the saturated-steam temperature corre- 
sponding to the pressure. The K feedwater heater includes both 
drain-cooling and desuperheating zones as required. 

The cycle efficiencies obtained by using the type K feedwater 
heater are equal to those obtained by using conventional re- 
generative cycles. 

Type K-F Feedwater Heater. The new type K-F feedwater 
heater uses standard tray-type open heaters and deaerating 
heaters, as now manufactured, which are combined in a vertical 
tower. 

Flow from one heater to another is accomplished by gravity 
through a novel arrangement of receiving and discharging locks. 
A pair of locks is interposed between each heating stage. One 
lock is steam equalized to the heating stage immediately above 
and receives water from that stage by gravity flow. The other 
lock is steam equalized to the next heating stage and discharges 
water by gravity to that stage. 

When a lock is emptied and the other is full, a transfer valve is 
automatically operated to interchange the functions of the locks 
so the full one discharges to the high-pressure stage and the 
empty one receives water from the low-pressure stage. 

This operation continues with a frequency of transfer as re- 
quired by the boiler load. 

By this means water flows from the low-pressure stage to the 
high-pressure receiver without requiring pumps. 

In the case of the open-type heater, feedwater is finely divided 
to mix with the extracted steam, since small particles present the 
most surface to absorb the vapor. Steam condenses on the water 
droplets heating them to a value approaching the boiling tempera- 
ture. Direct-contact heaters remove all dissolved oxygen in ex- 
cess of 0.03 ml per liter. When such a unit is designed to reduce 
the dissolved oxygen to 0.005 ml per liter, it becomes a deaerating 
heater. Removal of dissolved gases depends on heating the 
feedwater to the boiling point, agitating it, and presenting as big a 
surface as possible to liberate the gas and absorb heat by con- 
densing the steam. 

In the type K-F heater, feedwater is fed into a series of trays 


*“‘Heat Exchangers” by B. G. A. Skrotzki and S. S. Waldron, 
Power, vol. 98, June, 1954, pp. 75-106. 


and falls from tray to tray by overflowing. Steam completely 
envelops the trays, and heats and deaerates the feedwater along 
its path to the bottom of the shell. It is a well-known fact that 
direct-contact heating of feedwater has the advantage of 0 deg F 
terminal difference over that of indirect heating. 

Operation of the Type K-F Feedwater Heater. The K-F feed- 
water-heater-tower assembly is also a completely factory-built 
and tested unit. It starts with the lowest-pressure heater at the 
top, progressing downward to the highest-pressure direct-contact 
heater and finally to the receiver at the bottom. The receiver is 
held at the same pressure as the highest extraction stage. The 
highest-pressure extraction steam is first desuperheated in the 
closed heater and enters the receiver at approximately saturated 
condition. The condensing zone for this closed heater is com- 
pletely open to the steam space in the receiver. Condensed steam 
(drains) is automatically included in the receiver liquid space (re- 
fer to Figs. 5 and 6). 

Inasmuch as the feedwater temperature at the boiler feed-pump 
suction is below that for vaporization, these pumps will not get 
steam bound but operate under a positive suction head at all 
times. With this design, net positive suction head for boiler feed 
pumps is no longer a station design factor. 

Figs. 5 and 6 and the description which follows are based on a 
150,000-kw turbogenerator, 1800 psig, 1000 F, 1000 F reheat, 
with seven stages of extraction heating. Refer to Fig. 7 for heat- 
balance diagram. The operation for the 150,000-kw unit is as 
follows: 

Exhaust steam from the turbogenerating unit is condensed in 
the condenser and collected as condensate in the condenser hot- 
well. Make-up is added at this point. The condensate pumps 
discharge this condensate through the condensate control valve 
to the condensate inlet at the top of the heater. Condensate 
enters the first heater by spilling over the edges of inlet distribut- 
ing troughs in weir fashion, requiring only a very low head. Con- 
densate is then intimately mixed with steam by spilling over the 
heating trays. Steam from the first extraction enters the heater 
uncontrolled; along with vented steam from the receiving lock. 

The remaining open heaters operate in the same manner as just 
described. No storage is provided within each heater, however, 
as the receiving lock in each case acts as an effective storage com- 
partment. With the exception of the lowest-pressure heater 
which vents to the condenser, all other stage venting is taken care 
of by the equalizing steam connection. 

The receiver contains two desuperheaters, one for the 6th ex- 
traction and one for the 5th extraction. A 7th extraction closed 
heater is also mounted within the receiver. 

Suction to the boiler feed pump is taken from the receiver and 
discharged through the 7th extraction closed heater to the boiler. 

Control System for K-F Heater. The control system for the K-F 
heater is designed to maintain a practically steady flow to 
each heater for a given load on the turbine, thus minimizing 
fluctuations in the extraction line pressures. Basically, the 
control system for each stage is made up of three elements: (1) 
primary demand, (2) correction for head variation, and (3) cor- 
rection for flow to the succeeding stage. 

Heat Balance for K-F Feedwater Heater. It is interesting to 
note that the heat rate for the regenerative cycle, when using the 
K-F feedwater heater combined with a closed heater, is better 
than that of the same cycle employing conventional closed 
heaters. 

Fig. 7 is a heat balance for a 150,000-kw, 1800-psig, 1000 F, 
1000 F reheat, 1'/; in. Hg, preferred standard turbogenerator with 
seven stages of feedwater heating. With the exception of the 
direct-contact-heater terminal differences, the assumptions made 
were comparable to manufacturers’ handbook assumptions; how- 
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ever, the heat rate for the K-F cycle is 0.425 per cent better than 
that found in the handbook.‘ 


Assumptions 

(a) Three per cent pressure drop turbine shell to extraction 
flange. 

(b) Five per cent pressure drop extraction flange to heater. 

(c) Boiler feed-pump power included. 

(d) Nine hundred pounds per hour ejector steam. 

(e) Generator H- pressure 0.5 psig. 

(f) Zero per cent make-up. 

(g) Ejector condensate leaves at 135 F. 


It is possible in the foregoing heat balance to improve the heat 
rate still further by bettering the terminal difference of the high- 
pressure heater. The foregoing assumptions were made for com- 
parison purposes. In the case of the 150,000-kw heat balance, the 


‘Turbine Specialist’s Data Book,” General Electric Company, 
Schenectady, N. Y., Steam Performance, 1954, sec. 404 TS, pp. 3, 4, 9; 
and curves, sec, 452 TS. 

5 “Thermodynamic Properties of Steam,’’ by J. H. Keenan and F. 
G. Keyes, John Wiley & Sons, Inc., New York, N. Y., first edition, 


: PNUEMATIC CONTROLLER 
pont 4 WAY THROTTLING 
= 
i 
| 
 TOBOLER 
tok 
FROM BOILER 
FEED PUMPS — -RECEIVER= - } 
P 
™ oe 
TO BOILER 
FEED PUMPS 


2546 
j 


1006 
te135.5 


103,35 
4 
* 1220.1 
ibe 172.4 


198.4 

1614 

3 


P= 505 

Me 1174.2 
ts 261.6 
ine 296.5 


4466 41017 


(2968060 
P84466 
13358 
1°4555 
4362 


@ 981076 
Ps 
He 14804 | 


ts 
677 


= 
c 


1000 of 
on 


9 


nei403 


4 


h=432 2 


41347 
he 198 a ws 


Paik 


] 


\P=426 3 


he 2965 


505 
J 

4 ne43i2 


He 1196.2 r —— 7 
ts 369.4 
342 


16127 


t= 3887 
365.6 


MBINED 
FEEDWATER HEATER 


Fia. 7 
heat rate in Fig. 7 can be improved by approximately 8 Btu per 
kwhr by using the desuperheating coils for heater No. 6 to im- 
prove the terminal difference on heater No. 7. 

— Heat-balance studies of other size units indicate approximately 
—1/, per cent better heat rates than those found in the handbook, 
using the same assumptions. 


7 + Inbu STRIAL APPLICATION OF K-F Lock ror SINGLE DEAERATING 
HEATERS 


So far in this paper, multistage open-type heaters and utility- 


“The | new K- F lock is applied to the 
single deaerating-heater installation for industrial use. The 
heater can be located at the same level as the boiler feed pumps, 
' ~ thus eliminating expensive supporting structure. In addition, 

savings will be made in the reduction of the boiler-feed-pump 

horsepower and initial pump costs. 
_ Where boiler-drum pressure is maintained on the boiler-feed- 
4 pump suction, pumping horsepower need only overcome static 
_ head plus friction drop in piping. 
Maintenance of K and K-F Feedwater Heaters. Reliability and 
ease of maintenance of equipment are always foremost in the 
minds of power-plant operating personnel; however, design engi- 

neers sometimes lose sight of these problems. In the K and K-F 

heaters, emphasis has been placed on rugged design and simplicity 

_ of construction so that maintenance problems will be kept to a 
‘minimum. 
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In the type K-F feedwater heater, the valves and controls are _ 
of simple construction and should require very little attention. 
Both open and closed heaters are provided with access manholes 
in the shell for easy inspection and maintenance. 


CONCLUSION 


The last decade was a tremendously active and stimulating one 
in the power industry. But the power engineer’s problem, pro- 
duction of the maximum amount of power with the minimum 
amount of fuel, is still the same. 

The complicated feedwater heating apparatus in present-day 
power plants must be simplified. The use of a single, integrated, 
multiple heat exchanger will substantially reduce building size, 
piping systems, erection time, and many other costs. Both the 
types described in the foregoing are designed to meet this need 
for streamlining the modern power plant. ae eS 
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It is the purpose of this paper to inquire into systematic 
procedures for optimizing the selection of equipment com- 
prising a steam power plant. The inquiry is not motivated 
by any conviction that plants as designed depart signifi- 
cantly from optima, but rather stems from the belief that 
the labor of the inevitable cut and try process of final 
component selection can be reduced. It appears to be 
possible by analytical techniques to narrow the range in 
which detailed explorations are required. = © 


NOMENCLATURE 
The following nomenclature is used in the paper: 


A,, = exhaust annulus area, sq ft 
condensing surface, sq ft 
investment increment associated with unit change in 
exhaust annulus, $/sq ft 
investment increment associated with unit change in 
condenser heat-transfer capability, $/(Btu hr deg F) 
rate of fixed charges, ($/yr)/$ 
operating cost per unit of output,$/kwhr 
fixed charges, $/yr 07: 
= operating costs, $/yr 
enthalpy, Btu/Ib 
steam flow rate, lb/hr 
capital investment, $ 
load factor based on generator output 
number of feedwater heaters 
generator rating (and output for purposes of optimization 
analysis), kw 
heat transfer, Btu/hr 
temperature, deg F 


= = over-all coefficient of condensing heat transfer = G@—t)A’ 


sq ft-hr-deg F 
U* = over-all coefficient of condensing heat transfer 
Btu 


= f ling-tower plant 
(i, —t,)A,’ sq ft-hr-deg F 


zx = quality 
7.0: 


for conventional plant 


= efficiency 
Turbine heat rate = -“—, Btu/kwhr 


Subscripts 


( » = boiler 
( = circulating water 
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Selection of Power-Plant Components 
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( )ex = exhaust system 
( ), = generator 
( ); = boiler (referring to heat addition to cycle) 
( )» = turbine exhaust (state) 
1, 2, 3, 4, 5, 6, 7—plant components (1, 2, 5, and 7 are fixed in 
price; 3 is the boiler. 4 is the feed heaters; 6 is the exhaust 
system including circulating water system, condenser, and tur- 
bire-exhaust annulus). 


()= 


Superscript 


Optimum DEFINED 


( )° = stagnation 


The economic problem of optimization is to minimize the total 
cost of performing a given task where that cost is the sum of two 
parts; (a) operating costs and (b) fixed charges. In the case of 
a power plant the former are closely related to the heat rate and 
the latter to the total capitalinvestment. In general, the heat rate 
can be improved by increasing investment. In fact, aside from 
aesthetic considerations, the only justification for increased in- 
vestment is reduction of operating cost. Presumably, then, there 
exists for a family of plants of particular capability and built to 
consistent standards of reliability and safety a velationship be- 


tween — cost and investment 


p =f (1) 
and 


= f (1) (negative quantity) 


Cop = Operating cost per unit output ($/kwhr) ¥; 


If the rate of fixed charges is c, ($/yr)/$, the seit cost, 
dC,($/yr), of an increment of investment is 


dCp = cy dl ($/yr) 


I = capital investment ($) 


corresponding to an increment of operating cost, dC.» ($/yr); 


and 


Te. dCop = dcop P L 24 X 365 sensi 


= 8760 P L dcop 


where P is the generator rating in kw and L is the load factor 
based on that rating. An optimum investment is one for which 
the total of operating costs and fixed charges is indifferent to the 
investment; i.e. 


dcop 
dJ = 


cp dl + 8760 PL 


— 
= bd 
. 
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> 
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an wi te 


dl 


ab 


In order to select an appropriate investment /, it is only neces- 
sary to know the function cop = f (J) and its derivative. 


OperRATING Cost As A FuNCTION OF INVESTMENT 


_ For each possible total investment J there are many com- 
_ binations of component investments and corresponding vari- 
ations in operating cost. This is not merely because it is pos- 
sible to use inferior components; but, unless special precautions 
are taken, the investment may be unwisely distributed among 
f them. Among the possible combinations which are equivalent in 
_ investment and in all other significant respects one will be best 
so far as operating cost is concerned. This combination is said 

to be balanced (1).2 The function 


Cop = 


relates the operating cost to investment for balanced plants.* 
sit should be noted that another constraint on this relationship 
is that it refers to plants having equal capabilities. 
If each plant of a given class consists of n-components, we 
may write 


cop = f (hi, 12, 


The seietia is to find for each value of J the cop of a balanced 
plant which produces a particular output P, that is, to minimize 
[C] subject to [A] and [B] being constants. 

Given J, one of the independent component investments may 
be written in terms of J and the other n — 1 component invest- 
ments. Given P another investment may be eliminated 


Cop = f* (I, P, Ts, 
ns s the problem could, in fact, be reduced to these terms, it would 
still remain to find for a series of values of J that combination of 
—Iy,...., 7, which minimizes Cop. 
Tue PROBLEM 


If only three independent investments are involved, finding 

the minimum ¢op for a given investment would be, in principle, 
=. straightforward process of solving the relationship 


[Note that if only two components are involved there is no 
Ur problem of balancing. The operating cost is a unique function 
_ of rated power and investment: cop = f* (1, P).] 


More THAN THREE CoMPONENTS 


If there are four components it becomes necessary in general 
to establish the appropriate values of component J’s by a more 


2 Numbers in parentheses refer to the Bibliography at the end of the 


paper. 

2 All optimum plants are balanced, but whether a particular 
balanced plant is optimum or not depends on such economic factors 
as the rate of fixed charges, fuel cost, and load factor. 


_ elaborate procedure. Since we are focusing our attention on a 
Series of plants all having the same capability, the function —__ 

Cop = f* (I, P, Ta, 


which is presumably determinable may be thought of as a series 
of constant J surfaces in cop, Js, J, space. We wish to locate 
Cop (min) in each of these surfaces. The criterion for a minimum 


in any one such surface is ba al Oma 


Ws 


Since with J and P constant both these derivatives are functions 
of J; and /,, these conditions are sufficient to fix both of the latter 
quantities. If solutions are found in terms of J, then cop (min) = 
Cop (balanced) can be found as a function of J. 

Actually, we are seldom if ever in a position to write Equations 
[A], [B], and [C] in analytic form and are consequently unable 
to proceed in the straightforward way indicated to find cop (bal- 
anced) as a function of J. The significance of this formal de- 
velopment is that it calls attention to the fact that the criterion 
for balance is indifference of operating cost to small transfers of 
investment from component to component. where these transfers 
must satisfy not only the conditions - 


Als = Oand P = const 


but also must be made in the most favorable way consistent with 
these restrictions. 

Another conclusion is that, in the absence of analytic functions 
expressing the relationships of power output and operating cost 
to component investment, the problem of optimizing a plant com- 
prising more than three components is indeed formidable. For- 
tunately, however, one can circumvent some of the difficulties. 
Certain techniques for doing so are outlined. 

1 Components whose selections do not influence the power out- 
put. Such items as the coal-handling equipment, for example, 
can be chosen independently of the rest of the plant. Similarly 
the question of whether or not to add a given element of automa- 
tion can be judged on its own merits; does it or does it not save 
enough in yearly payroll to support the annual fixed charges? 
Again, the problem of fuel storage can be separated from the re- 
mainder of the plant; that is, it can be optimized independently 
to provide fuel to the power plant at a minimum unit cost in- 


_ cluding fixed charges.‘ 


2 Components which co-operate with each other to produce a 
single common effect through which their influence is felt on the rest 
of the plant. The circulating-water system and the condenser 
proper, for example, influence the plant only through their com- 
bined effect on the heat-transfer effectiveness of the latter. For 
this reason the condenser and its auxiliaries may be treated as a 
single component in so far as the plant as a whole is concerned. 
The pertinent economic relationship—effectiveness versus duty 
and investment—can be predetermined for the combination. 

Beyond this, it is possible, as previously demonstrated (1), to 
define combinations of condensing system and turbine-exhaust 
annulus which are in balance independent of the choice of the 
remaining components. This combination may then be treated 
as a single component of the over-all plant. This is possible be- 
cause the condenser and the exhaust annulus both influence 
the plant output and its fuel economy through their common 


‘Strictly speaking this determination is not entirely independent 
of the plant heat rate, but the influence of variations in fuel consump- 
tion with heat rate would be trivial indeed. 
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effect on the stagnation enthalpy of the steam leaving the last 
blade row. 

3 Components, the costs of which are determined solely by the 
ground rules and the plant rating. The turbogenerator exclusive 
of the exhaust annulus is priced solely on the basis of inlet steam 
conditions and electrical output. From an economic point of 
view there is no freedom of choice in its selection once the plant 
generating capacity is set and the basic cycle fixed. One might 
expect the addition or subtraction of stages to be a mechanism 
for providing a range of turbine performance for a corresponding 
price range. In practice, this choice is not given to the customers 
of large turbogenerators. 

4 Components which are subject to modification only in finite 
steps. 
fall into this category including the turbine-exhaust annulus 
which has been tacitly assumed to be indefinitely variable in 
order that it might be treated in combination with the condensing 
system (see item 2). Other items such as feed heaters are not 
conveniently represented as having continuous variability, and it 
may be necessary to optimize separately plants incorporating 
arbitrary numbers of heaters and then to choose between these 
optima. The point to be made here is that a component like 
a heater modifies not only the heat rate but also the exhaust and 
throttle flows and therefore the appropriate boiler and condenser- 
exhaust annulus investments. In principle, at least, it is not 
sufficient to compare the performances of plants which are iden- 
tical except with respect to the number of heaters. ; of & 


Let us consider the problems of selecting the basic components 
for two 150-mw reheat plants. It will be assumed that the basic 
cyeles are the same including the initial and reheat steam states, 
1800 psi, 1050 and 1050 F. A “conventional’’ plant is to be 
favored with a copious supply of 60 F circulating water whereas 
the second must depend on a cooling tower operating with 50 F 
wet-bulb and 65 F dry-bulb air.6 The fuel cost in each case is 
assumed to be $0.30/10* Btu. The rate of fixed charges is taken 
as 14 per cent. An annual load factor of 0.80 is assumed to be 
an appropriate basis for equipment selection. 

It is first necessary to enumerate the components of the plants 
and categorize them according to the foregoing classification. 
At the same time, the corresponding economic data will be 
assigned. The latter are considered realistic as to numbers and 
form but by no means general in either respect. 

1 Site, ineluding fuel storage and handling facilities; category 
1. Its cost is independent (for any one plant) of small differences 
in component selection. It does not, therefore, enter the opti- 
mization problem. 

2 Structure, category 3. Itis convenient to classify as ‘‘struc- 
ture’’ that part of the building, ete., which is independent of the 
selection of equipment. Obviously, the sizes of condenser, tur- 
bine exhaust, and boiler do affect structure, but it greatly simpli- 
fies matters to associate these effects with the responsible com- 
ponents. The basic structure, then, does not enter the opti- 
mization problem. 

3 Boiler-plant equipment, category 4. Over the small range 
of capacities and feed-heating arrangements within which the 
optimum may be expected to lie the cost of the boiler may be 
assumed to be linear with heat release and to have a constant 
of efficiency. We will assume the factor of proportionality and the 

efficiency as 5.6 K 10~* $/Btu/hr* and 0.88 per cent, respec- 
(A reviewer of the original manuscript properly ques- 


APPLICATION OF THE METHOD 


tively. 


_ §Tt is recognized that assignment of appropriate representative 
values of these temperatures is in itself a very subtle problem. 
6 Investment unit costs include engineering and erection overheads. 


As a practical matter many elements of the power plant 


TRANSACTIONS OF THE 
tions the assumption of independence of boiler cost per Btu/hr 
from final feed-water temperature.) 

4 Feedwater heaters, category 5. It is assumed that heaters 
can be added for $80,000 per heater. The effect of the number 
of heaters on heat rate is tabulated in Table 1 which is based on 
Salisbury’s (2) data and a “base’’ turbine heat rate of 7880 
Btu/kwhr for five heaters and an exhaust pressure of 1.5 in. 
Hg (3). A leaving loss of 10 Btu/lb is assumed to correspond | 
to this heat rate.” 


TABLE 1 


Reduction in turbine heat 


No. heaters Feed temp, deg F rate, Btu/kwhr 


The effect of addition of heaters on the exhaust flow is approxi- — 


mated through the relationship 


(turbine heat rate —3413)P 


— ho) 


For purposes of evaluating the economics of the heaters it is 
probably permissible to ignore the cross effects of the turbine- 
exhaust system so far as the evaluation of the change in exhaust 
flow G, is concerned. Therefore for n, = 0.98 


d(turbine heat rate) X 150,000 
dG, = 
0.98 (he? ho) 


153,000 
d(turbine heat rate)... ... [3] 
ho 
5 Turbogenerator (less exhaust annulus), category 3. This | 
item is not variable once the basic cycle, design capability, and 
power factor are set. Since it is fixed, the price does not enter 
the optimization analysis. 
assumed to be independent (except for its lower terminus) of the | 
choice of other components. This curve is defined by assuming _ 
2:1 pressure-ratio stages of 80 per cent efficiency, one pointon _ 
the curve being the 12 per cent moisture 1.5 in. Hg condition | 
(1). 
p2. Generator efficiency is assumed to be 98 per cent. 
6 Exhaust annulus and condensing system, category 2. 
2 is adapted from reference (1). 
area per unit of exhaust flow Gs, versus the heat-transfer capabil- 
ity, A,U, per unit of G, for the condenser. . 
costs of the annulus area and transfer capability is a parameter 
which is assumed to have the value 5.56 X 10~* (Btu/hr deg F) ; > 
sq ft for the present case. The corresponding cost of annulus — 
area is assumed to be 12,200 $/sq ft making the unit cost of A,U 
6.71 X 10-* $,(Btu/hr deg F).* 


7In effect we are proceeding as though this heat rate had been 
calculated on the basis of a provisional choice of components. ,, 

’ For a typical heat-transfer coefficient U = 325 (4) the corre- a ‘ 
sponding cost of condenser area is 22.00 $/sq ft. This is based on a 


two-pass condenser and the following definition of U 


(ta — te) 
where is the condensing temperature and is the initial ‘tempera- 


ture of the circulating water. The coefficient as thus defined is very _ 
nearly constant for a particular circulating-water velocity (assumed 7 
to be balanced with the condenser surface) over the range 1.0 in. Hg 
to 3.0 in. Hg. The cost of the circulating-water system including 
intakes, screens, etc., is incorporated in the condenser cost as is the 
capitalized value of increments in the pumping power. 


EFFECT OF NUMBER OF HEATERS ON HEAT RATE © 


The condition curve or state line i i 


Fig 
It plots the exhaust annulus 


The ratio of unit 


= 
_ 
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Fic. 3 Conpensinc TeMPeRaTuRE Versus CoNnpDENSER AREA 
(te = ce/cor = 5.5 K 10°.) 


of exhaust flow necessary to maintain that temperature would be 

| found. The assumption is made here that the appropriate ratios 
Pressure, P, — in. Hg. between cooling-tower and condenser investment and eapitalized 
fan and pump power costs is an invariant (at least for a fixed wet- 
bulb temperature). It is also assumed that over a reasonable 
range an over-all transfer coefficient 


Fic. 1 Propertres ALonG THE State LINE 


2.2 x10-4 
te = BOF 

Ce = 0671 


is a saan These assumptions lead to a fixed unit price for 
heat-transfer capability U*A, exactly analogous to the case of 
the conventional condensing system. An appropriate ratio 
between these unit costs has been deduced from data in a paper 
by J. Lichtenstein (5) to be approximately 3.5. Aecordingly 
a value of A.U* = 0.235 $/Btu deg F has been adopted for the 
illustrative purposes of this paper. This corresponds to a value 
of ¢./Cex = 19 X 10>. Fig. 4 has been construeted by the meth- 
ods of reference (1) to relate balanced condenser and exhaust- 
annulus areas and to indicate the derivative of stagnation en- 
thalpy h.° with respect to investment per unit of exhaust flow, 


tw =50F 


ex 
Fig. 2 PerrorMANCE OF BALANCED CONDENSER AND EXHAUS?- 
AnnuLus Areas FoR 60 F CrrcuLatinc WATER 


E __- A second set of curves on the same figure indicate indirectly 


the economic incentive for adding exhaust and condenser areas. 
For the assumed unit costs the rate of change of stagnation en- 
thalpy leaving the last blade row with investment 


is plotted against balanced heat-transfer capability, A,U/G». 

Fig. 3 plots the condensing temperature versus A,U/G, for St a 

balanced annulus areas. 15 20 
For the case of the cooling tower it is possible first to balance eT, * 

the cooling tower-condenser combination; i.e., to find the appro- aaa bat 

priate distribution of investment between tower and condenser Ge Ib°F 

for any particular wet-bulb temperature as a function of condens- fig 4 PeRroRMANCe or BALANCED Cootinc Tower, CONDENSER, 

ing temperature. At the same time the balanced area per unit AND Exnavust ANNULUS ror 50 F Wet-BuL_s TEMPERATURE 


950} 
| 
940} \4 £ 1c 50 
= 
nee 
4 
20 
— 
€ 0.6 x10 18 4x10 
Paras i5 20 25 30 35 40 45 | 
| 
| 
ay 


20 30 40 50 
Acu* Btu 
Go Ib°F 


Fic. 5 Conpensinc TEMPERATURE VERSUS CONDENSER AREA 
(te = 50, cc/cex = 19.0 K 107) 


1/G:, for this cost ratio. Similarly Fig. 5 plots the condensing 
temperature versus A,U*/G:. 

7 All other items, category 1. It is assumed that the fore- 
going listing includes all the significant variables from the stand- 
point of an economic analysis. 


ANALYSIS 


Fig. 6 summarizes the various assumptions made in the pre- 
ceding paragraphs. It is seen that the items of investment which 
are variable from the standpoint of optimization are A= 


I;, boiler-plant equipment 
I,, feedwater heaters 
Ie = Iex + exhaust annulus-condensing system 


The problem consequently involves four components. It is re- 

duced to a three-component problem by virtue of existing bal- 

ancing relations for the exhaust annulus and condenser. Further, 

the economic cross effects between heaters and the other core 


Boiler 


Ann 


Con 
A 


N Heoters 


: 
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ponents are of a particularly simple kind in view of our assumption 
of a fixed per-heater cost. This results in the possibility of inde- 
pendent selection of the number of heaters and a subsequent 
two-component analysis of exhaust system and boiler. 

The problem is to satisfy for each plant the condition 


cussed, including maintenance of balance between component 
investments and of constant plant output. We seek to define 
the component selections consistent with these constraints. 


where the derivative is taken subject to all the restrictions a 
i} 


OperatTiInG Cost RELATED TO PLANT AND TURBINE HEAT RATES 


F The unit cost of operation is presumed to vary only with the 


plant heat rate 


turbine heat rat 
Plant heat rate = 


Prax 
P ) = 
i} 


turbine heat rate 
~ 0.88 X 0.98 X 0.94 


= 1.234 (turbine heat rate)....... 


this reason the author has chosen to maintain the gross output, i.e., 
electric power generated, a constant. ; 
© Pyux/P is taken fixed at 0.06; variations in this value due to 


Exhaust 


ulus 

lex 
G2 

' ns 

denser 


I4 


CONSTANT INVESTMENT 

Site I; 

Structure Ig 
All Other items by. 


VARIABLE INVESTMENTS” 


Boiler I3= SOK X Heot ose 
Heaters 14 = 
Exhaust Annulus  Iex= 1.22 X1O*X Mex 


Condenser =.0671 X or 235A, u* 


Not indicated I7 *includes: (1) Equipment Cost , (2) Engineering and Construction Overheads, 
(3) Capitalibations of Variations in Pgux 
Woter Systems. 
Fie. 6 Summary or ASSUMPTIONS FOR OPTIMIZATION ANALYSIS 


| 
| 
70 
Cop = const + 0.30 X 10-* (plant heat rate)......[4] 
generator efficiency 7,, boiler efficiency and auxiliary power 
consumption 
(5) 
Combining with Equation [4] and differentiating “tae 
P * Although it is not important that an exact predetermined net ” 
. 
= 
At 


de. d(turbine heat rate) 
7 
dl 


Tursine Heat Rate Revatep To Exuaust ConDiITIONS 


_ The variation in generator output with h2° as G; and Q, remain 
constant is 


P = const — 


If the turbine heat rate is assumed to be independent of small 
changes in throttle flow, its dependence on h,° as P remains 
fixed can be calculated by finding its derivative with respect to 
h.° as the throttle (hence boiler) flow remains constant 


heat =’) ( a(turbine heat 
a 
Differentiating the definition of turbine heat rate 


P Ja P a 


P \ om? Ja Pp? dhe? 


P 


dhe? Ja 
For an infinite number of feed heaters (Ah), is independent of hz”, 


and this independence is very closely approximated when there 
is a reasonable number of heaters in the cycle; i.e. 


5 


(turbine heat rate) Y oP ) 
oh 


Jar 
Then if we differentiate Equation [7] 
(= 
(turbine heat rate) 
3413 P 


and substitute in the previous expressions 


he? > 
(This relationship is slightly in error because of the assumption 
in Equation [7] that G, is constant. Actually the extraction for 


feed heating will depend on hy. This effect has been calculated in 
a particular case and found to be of substantially negligible 


proportions. ) 


[8] 


TurBine Heat Rate Revatep TO CONDENSER AND EXHAUST 
ANNULUS INVESTMENTS 
In view of Equation [8] 
a(turbine heat rate) (turbine heat rate) 


oe 


3413 P 1092 
heat rate 


dhe° 


"Ne 
o( 
This latter derivative i is taken for 
= f = f (I./G2 + Iex/G:) 


where the distribution of investments between 7, and /,x is bal- 


[9] 


, 


anced. This is exactly the sort of data which has been adduced 
by the methods of reference (1) and recorded on Figs. 1 and 2. 


PLant INVESTMENT RELATED TO CONDENSER AND EXHAUST 
ANNULUS INVESTMENT 
If we now note that for N = const the plant investment varies 
only with the exhaust system and the boiler investments 


I = const +/,+/, 


I; = const + 5.6 X 10-* (heat release)....... 


Q: 
const + 5.6 X 


0.88 


5.6 X 10-3 (2 heat rate) 
0.88 ols P 


Introducing Equation [9} 


(oe heat a) ( 


5.6 X 10-3 turbine heat rate Oh2° 
0.88 3413 P 


= 1.87 X 10~* (turbine heat rate) 


So in view of Equation [10] 
oh =| 1+ 1.87 X 10~ (turbine heat rate) (%) 
6 of 


@) 


OperatinGe Cost RELATED TO PLANT INVESTMENT 


Finally, if we combine Equations [6], [9], and [13] 


dcop _, ( turbine heat dhe? 
( 3413 P "| 


1 


x ohe° 
(: + 1.87 X 10-* (turbine heat rate) | eas |) 


Since P is constant and dh2°/d(I6/G:) is a function of A,U/G; 
which also fixes h2° and consequently turbine heat rate, the 
appropriate value of (dcop)/(d/) as defined by amen [1] estab- 


lishes VWs 


and thence J¢, J;, etc. Using the data in the form provided, the 
solutions for each combination of c,/cex and N can be found by 
an iterative procedure. However, since the variation in turbine 
heat rate from the base value of 7880 Btu/kwhr corresponding 
to 5 heaters and a vacuum of 1.5 in. Hg is small, a very good ap- 
proximation for the dcop/dI relationship becomes 


[14] 


t 


_ 
= aA ol ol; 
where 
ols 
he? 
G 4 
°! 
- 
| 
I 
rr 
= 


1126 
_ 0.370 X 10~* 7880 dhe” 
dl 3413 150 X 103” 4 
x . 
] 
; 1 + 1.87 X 10-* X 7880 
1 
5.60 X 10 | (: + ems {15] 


CRITERION FOR SPECIFYING CONDENSER AND EXHAUST ANNULUS 


For the values of fixed charges, rating, and load factor as- 


sumed, Equation [1] becomes 
= —1.333 X 10-" 
dl 8760 XK 150 X 10° X 0.80 
So 
a(16/G2) dhe® 5.60 X 107" 
1 + 0.015 
or 
6/G2) 


SPECIFICATION OF CONDENSER AND Exuaust ANNULUS 
This value of —17.5 for 
dhe” 
(1 6/G2) 


defines, through Figs. 2 and 4, the condenser and annulus areas 
which are economically correct for the conventional plant and 
the cooling-tower plant. For the conventional plant these 
areas are 


AU 22 Btu/bdeg F 
Acx 1.05 10-‘sq ft/lb/hr 


For the cooling-tewer plant they are™ 


x 1.22 X 10-4) AG, 
A.U* = 4.77 AG, $ [196] 
— = 14.2 Btu/lb deg F 
In both these expressions AG: may be found from Equation [3] 
1.17 X 10~¢ sq ft/Ib/hr AG, = A(turbime heat rate)......... [3] 
- SELECTION oF FEED HEATERS For the purposes of this computation (h2° — he) may be approxi- 
To justify the addition of a heater we must satisfy the condition ™ated by the value associated with the base plant; hz is found 
Pe from Fig. 1, (he° — he) = 10 and Ay is found from the steam tables 
* ao 11 See item 4 in preceding section. to be 59.7. 
} 
2 _ TABLE 2 CALCULATION OF ECONOMIC JUSTIFICATION FOR ADDITIONAL FEED HEATERS "ie 
Minimum justified 
A heat rate, 
Chan (condenser and X 0.360 K 10-*~ 
number 4 turbine haust annulus)-—— Con- 
: of heaters heat rate AG: Al: (boiler) Conventional Cooling tower AJ; (heaters) TS re eoling tower vertional Cooling tower 
+ 50400 — 80000 15100 36500 5.43 13.1 
—36200 + 80000 11600 —37000 4.17 —1.33 
—28800 + 80000 25750 13500 9.26 4.85 
— 23200 + 80000 36100 29300 13.0 10.5 4 
—17700 + 80000 600 39190 16.8 14.1 
—13800 +80000 17.3 J 


Al 8760 PL 
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[la] 
where AJ comprises not only the incremental heater cost but the 
concomitant changes in other component investments. 
In view of Equation [6] this condition may be rewritten 
A(turbine heat rate) = | Cr 


0.370 X 10-8 
| > |8760 PL| 


Ar [16] 


or putting in our assumed values for cp, P, and I 


|A(turbine heat rate)| 

0.14 
—Al sah 
8760 X 0.15 X 10° X 0.80 X 0.370 X 10-* 


Btu/kwhr 


= |—Al x 0.360 X 10-4) —— (17) 


For each proposed heater addition the A (turbine heat rate) is 
found from Table 1. The change in boiler investment is found 
from Equation [11] which together with Equation [5] yields 
Al; = 5.6 X 10-5 X 1.234 A(turbine heat rate) * 150,000 


= 1037 A(turbine heat rate). [18] 


The change in condenser investment is 


For the two plants this yields 


Al, (conventional) = (22 < 0.0671 + 1.05 x 10~* 
and 


Al, (cooling tower) = (14.2 X .235 + 1.17 X 10~* 


: 
and in exhaust-annulus investment 
A 
AU A 
Al, = (Av + — cn) AG, 


2° — he = 977 + 10 — 59.7 = 927.3 Btu/lb 


whence 


150,000 


0.80 X 0.30 


(ha? — ho), 
ACop 
8760 


10-* 


AG, = 165 A(turbine heat rate) 


Table 2 is a computation of AJ’s corresponding to the A(tur- 
bine heat rate)’s based on the foregoing analysis. The decrease 
in turbine heat rate is seen to exceed 0.360 X 1073 AJ for the 
addition of the ninth heater in the conventional plant. A tenth 
heater is similarly justified for the cooling-tower plant. 


Qa 
THR X 3413, 
Btu/kwhr 
(cp X Al) 
0.14 @, 


DETERMINATION OF FINAL TuRBINE Heat Rates 


_ The heat rates of the optimized plants are found from turbine 
heat rates which are established by “correcting’’ the 7880 Btu 
kwhr value (presumed to have been calculated accurately) for 
the base plant. From Table 1 we find the corrections for addi- 
tional feed heaters to be —134.5 Btu/kwhr for the conventional 
plant and = —152.0 Btu/kwhr for the cooling-tower plant. 
The corrections due to the exhaust-system modifications are 
found using Equation [8] 


—441 K 10° —421.8 108 
—313 108 1201.5 108 


1.078 x 108 


320 X 108 
400 X 108 


(turbine heat rate) 7,G2 


.. [8 
3413P 


A(turbine heat rate) = Ah.° 


Except for Ah,° all the items on the right side of this equation 
may be given their values for the base plant. From Equation [2] 


(ex annulus) 
aa) x @ x 
1.391 108 
0.950 106 


7) 
Als 
(boiler) 
5.6 X 10-* x 


(turbine heat rate — 3413)P 
— ho) 


So Equation [8] may be rewritten 


10-4 


G, = 


52.2 108 


1.22 X 10-4 


A(turbine heat rate) 
(turbine heat rate) (turbine heat rate — 3413) 
3413 (he? — ho) 
7880 (7880 — 3413) 


— = 11.2 Ah,° 
3413 X 927.3 


= 


9.34 1068 
13.13 108 
1.535 10-4 


Figs. 3 and 5 indicate condensing temperatures of 103.5 and 
115.2 F corresponding to the condenser areas chosen for the con- 
ventional and cooling-tower plants, respectively. Referring to 
Fig. 1, corresponding values of the stream enthalpy he and final 
moisture (1 — 2): are found to be 991.5 Btu/lb and 11.1 per 
cent and 1006.9 Btu/lb and 10.2 per cent. 

The specific volumes can be calculated directly from these 
data and introduced into the relationship elit 


1458 X 108 
—353 108 
1041 108 


COMPARISON OF INVESTMENTS IN THREE PLANTS 
1468 X 108 
1482 X 108 


TABLE 3 
Te 
(Condenser) 
1) x X (15), 


1.447 X 10° 
1.095 108 
2.488 


Btu/kwhr 


v2 

to determine leaving losses of 12 and 4.8 Btu/Ib, respectively, 
for the conventional and cooling-tower plants. The corre- 
sponding stagnation enthalpies h2° are 1003.5 and 1011.7. For 
the base plant h2° = 987. Thus Ah-° (conventional) = 1003.5 
— 987 = 16.5 and Ah,° (cooling tower) = 1011.7 — 987 = 24.7. 
The corresponding corrections to the turbine heat rates are 185 
and 277, respectively. Adding the corresponding corrections 


Turbine heat rate = 7880 — 134.5 + 185 
7930.5 Btu/kwhr for the conventional plant 


Btu/kwhr 
0.0671 
0.0671 
0.235 


@) 
Turbine 

HR, 
Btu/kwhr 


737.3 108 
741.6 X 108 
755.3 X 108 


Turbine heat rate = 7880 — 152.0 + 277 
8005 Btu/kwhr for the cooling-tower plant 
ASSIGNMENT OF COMPONENT INVESTMENTS 


We are now in a position to evaluate the increase in invest- 
ments in the several components relative to the corresponding 


Conventional 
Cooling tower 
Conventional 


Base 
Cooling tower 


i 
38! 
23; 
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components of the base plant. Table 3 summarizes the neces- 
sary computations and makes the final comparisons. 

Comparison of the final two columns indicates a net yearly 
saving of $39,500 for the balanced and optimized conventional 
plant as compared to the arbitrarily selected base plant. On the 
basis of the incremental unit component costs this saving is the 
consequence of adding $320,000 worth of heaters and $52,200 
worth of boiler and reducing condenser and exhaust annulus 
investments by $352,000 and $441,000. 

The corresponding comparison for the cooling-tower plant is 
less meaningful because the conditions imposed are different. 
The difference in condenser investment indicated in column 16 
is probably in error because it is based on the assumption that 
the incremental unit costs are applicable to the entire condensing- 
investment. On the other hand, this does not invalidate the 
component choices dictated by the analysis. 


CONCLUSIONS 


The procedure outlined and illustrated in the foregoing is, of 
course, not the whole story with respect to the selection of power- 


plant components. It remains to choose an available exhaust 
annulus and to make other practical compromises as well as 
to perform a conventional heat balance. This method is, how- 
ever, a straightforward analysis which includes the somewhat 
subtle interactions between the various component choices and 
narrows without resort to cut and try the limits within which 
the choices should be made. A 
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Applications of an Enthalpy-Fuel/Air Ratio 
Diagram to “First Law’ Combustion 


By H. N. POWELL,! CINCINNATI, OHIO es 


An “absolute enthalpy” is defined which has the ad- 
vantage that the enthalpies of different systems are 
similar and compatible quantities regardless of differences 
in state or chemical composition. An enthalpy-fuel/air 
ratio diagram for equilibrium state combustion gases is 
formulated using absolute enthalpies. On this diagram, 
virtually all processes which involve combustion and com- 
bustion product gases—and which are entirely within the 
scope of the first law of thermodynamics—can be repre- 
sented by straight lines. Such a diagram therefore pro- 
vides a very rapid and flexible method of solving many fre- 
quently occurring combustion problems. Procedures for 
handling the following typical problems are developed: 
Determination of adiabatic flame temperatures, theoreti- 
cal heat releases, combustion efficiencies (from experi- 
mental temperature measurements), and the adiabatic 
mixing of two streams. Absolute enthalpy and heat- 
capacity data for (CH:,)y-air (in 100 R increments) and 
(CH;)y-air (in 50 K increments) systems are tabulated for 
lean and rich composition ranges. Above ~ 3000 R ~ 1400 
K the enthalpy and heat-capacity functions are pressure 
sensitive and the tabulated data are for 1 atm. 


wl 
NOMENCLATURE 


Superscript (°) indicates quantity is identified with the stand- 
ard thermochemical reference temperature, 7° = 25 C = 77 F. 

Subscript (,) indicates quantity pertaining to a previous fuel 
+ air system to which additional fuel is added. 


_ The following nomenclature is used in the paper: 


c, = heat capacity of equilibrium mixture per unit weight 
of mixture 
= absolute internal energy per unit weight of mixture 
= fuel/air weight ratio, and the stoichiometric fuel/air 
weight ratio, respectively; dimensionless 
“effective” fuel/air weight ratio for 7, calculations 
absolute enthalpy of the 7th pure constituent, Btu 
per lb-mol of 
H; at T=0K=OR 
absolute enthalpy of mixture, of air, and of fuel, 
respectively, Btu/Ib 
(1 + f)h = absolute enthalpy of fuel + air mixture (burned or 
unburned) per unit weight of original air 
(1+ fyh’ and (1 + f)h” = “effective” enthalpies of fuel + dry 
air mixtures, per unit weight of original air, which 
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Problems 


are associated with the temperatures 7’ and 7”, 
respectively 

m, ™m,, %p = mean molecular weight of mixture, of pure species 7, 
and formula weight of fuel, respectively; all in lb 
per lb-mol 


r 
M= = —— = fuel-air mixture proportion pa- 


itr 
rameter 
n; = mol weights of pure constituent i per unit weight of 
mixture 
n,’ = (1 + f)n; = mol weights of pure constituent i per unit 
weight of original air 
pressure, atm 
= theoretical heat release per unit weight of mixture 
fuel’s heat of combustion, per unit weight of fuel at 
p = 1 atm and T° 
theoretical heat release per unit weight of original air 
“effective” heat release per unit weight of original air 
for n, calculations 
equivalence ratio 
adiabatic combustion temperature for complete 
combustion, ny = , = 100 per cent 
an experimentally determined combustion tempera- 
ture 
an experimentally measured temperature after the 
hot combustion gases have been cooled by addition 
of quench water 
weight ratio of additional water to original dry air 
= H/C atom ratio of fuel 
weight ratio of original air in (a) or (b) stream, re- 
spectively, to the total original air in the com- 
bined (a) and (b) streams 
combustion efficiency defined on an “equivalent heat 
loss’’ basis 
combustion efficiency defined on an “equivalent fuel 
consumption” basis 


INTRODUCTION 


There has long been a pressing need in many scientific and en- 
gineering fields for detailed data on the thermodynamic proper- 
ties of combustion gases at high temperatures. The advent of 
the high-speed computer now makes it possible to carry out these 
evaluations on a scale which hitherto was completely impractica- 
ble. In view of these developments, it is important that the cal- 
culations be organized in a way which permits the greatest gen- 
erality, flexibility, and clarity for subsequent applications to 
specific problems. 

The object of the present paper is to develop and illustrate a 
particularly convenient and general method for dealing with 
several commonly occurring combustion problems which fall en- 
tirely within the scope of the first law of thermodynamics, The 
method largely depends on the availability of data which have 
been computed on an “absolute” reference state basis (to be 
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defined). To date, only the tabulations prepared by S. R. 
Brinkley, Jr., and his various associates (1, 2, 3, 4),? have used 
this basis. It is hoped that the present paper will provide a 
sufficient incentive for a general use of the absolute reference 
state in future computations. 

Part 1 deals with the formulation of the enthalpy-fuel/air ratio 
diagram in two forms and their use for constant-pressure com- 
bustion processes. Completely equivalent internal energy-fuel/ 
air ratio diagrams can be constructed for constant volume proc- 
esses as discussed at the end of Part 1. 

Part 2 lists some h and c, data for (CH:),-air and (CHs),-air 
combustion products. 


1—THE ENTHALPY-FUEL/AIR RATIO DIAGRAM AND 
APPLICATIONS 


Tue Ratio 
The sense of the definition of absolute enthalpies is given by 
heat of forma- 
tion at 7 =OR 
from ele- 
ments in their 
standard ref- 
erence states at 


T=O0OR 


sensible heat at 
T above that a 
at T =OR 


Absolute enthalpy = 


in which the standard reference states for the elements of interest 
in hydrocarbon-air combustion gases are 


AasA 

N as 
O as 
H as H, 
Cas C, 


(ideal gas) 
(ideal gas) 
(idea! gas) 
(ideal gas) 
(graphite, solid) 


pressure = | atm 
temperature = 0 R 


For a pure chemical constituent 7, the foregoing definition is 
fulfilled by the identity 


= (H; — Hoi?) + Hoi? 


in which (H; — Hp;°) is the sensible energy part and Ho;° is the 
heat of formation of the constituent from its elements at absolute 
zero. Both the sensible and “zero heat of formation’’ parts are 
listed in the NBS-API tables (5) for most of the chemical species 
of interest in hydrocarbon-air combustion gases. By way of 
illustration, we may calculate the H; values of some typical pure 
constituents of combustion gases. For future convenience the 
H,°’s which pertain to a particular temperature, 7'°, will be cal- 
culated (Table 1). The same procedure can of course be used 
to calculate the H,’s for any other temperature. It is noteworthy 
that Ho, contains no chemical energy (heat of formation at abso- 
lute zero) term. In general this is true for all the species, O2, No, 
A, Hz, and C,,) since, by definition, their reference state energy 
is zero. Fora pure species, h; = H;/m;. 


TABLE 1 SOME VALUES OF Hi° AT THE REFERENCE TEM- 


PERATURE, T 
T° =298.17° K = 25°C = 77° F 

(The source table designation in reference (5) is noted under each quantity.) 
Hi? = (Hi? — Hu? = Hi? = 

Ou Ow cals/gm-mol Btu/lb-mol 
2238.1 + (—93968.6) —91730.5 =—165006.0 
2365.1 + (—57104.3) —54739.2 = —98464.7 
2069.8 + 0 + 2069.8 = +3723.1 


= 
Hw0° = 
Hor? 


The absolute enthalpy of a mixture is given by the simple addi- 
tive relation 


2? Numbers in parentheses refer to the Bibliography at the end of 


A 
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in which n, is the number of mol weights of i per unit weight of 
mixture, and H; is the absolute molal enthalpy of i as determined 
by Equation [1]. Upper case letters indicate a “per mol’’ basis 
and lower case a “per unit weight”’ basis. 

Since, by definition, the energy content of the elements in their 
standard reference states (7’ = 0 R) is zero, this state establishes 
an absolute, zero-enthalpy, reference state for h which is common 
to all single or multiconstituent systems regardless of their 
chemical composition. And furthermore, as long as the H, are 
correctly associated with the specified solid, liquid, or gaseous 
state of the respective 7 constituents, there is no restriction on the 
number of phases which are present in a given system in so far 
as the definition of h is concerned. It is not necessary that the 
system be homogeneous or that the constituents even be at the 
same temperature. Consequently, the absolute enthalpies of 
different fuel-air mixtures, burned as well as unburned—in fact, of 
any arbitrary composition involving any number of phases—are 
all similar and compatible quantities. 

In dealing with combustion problems, particular interest centers 
on the h’s which pertain to equilibrium states of the combustion 
products; i.e., those in which the n; satisfy the free energy and 
material balance relationships for particular combinations of the 
independent variables. From a property-evaluation standpoint 
the four independent variables for equilibrium state hydrocarbon- 
air combustion gases are 7’, p, f, and the H/C ratio of the fuel. 
Computing machines render their greatest service in calculating 
the equilibrium n,; values. 

The sensible-heat portion of the absolute enthalpy of an equi- 
librium mixture is always positive in sign, but the zero heats of 
formation of the principal combustion products, CO, and H.,0O, 
are numerically large and negative in sign, so that the resulting 
absolute enthalpy may be positive or negative, depending on 
which of the two contributions is greater. Numerically speaking, 
the appearance of negative enthalpies is a characteristic feature 
which usually indicates the use of an “absolute’’ zero-enthalpy 
reference state. 

In the ranges of temperature and pressure commonly of interest 
in combustion problems, all the constituents are in the gas phise 
and may be regarded with negligible error as individually obeying 
the ideal gas law; i.e., the H; are functions of T alone. In very 
fuel-rich combustion gases, solid carbon may be present, but Hce,.) 
is still dependent only on 7. The net result is that for a fixed f, 
all departures from ideal equation of state behavior, in the sense 
that (0h/dp),; # 0, and so on, are due to variations of the equi- 
librium n,; with T and p. 

The absolute enthalpy of air may be obtained from enthalpy 
tabulations (6) which are referred to 7 = 0 R by merely sub- 
tracting 1.75 Btu/lb to account for the zero heat of formation of 
the 0.03 per cent CO.; all other constituents having Ho;° = 0. 

Now consider Equation [2] as applying to an equilibrium sys- 
tem and multiply it through by (1 + f) 


(1+f)h = 


in which n;’ = (1 + f)n;. Note that since f is the fuel/air weight 
ratio, (1 + f) is the weight of mixture per weight of original air 
(or oxidant), i.e., (1 + f)A is the gross mixture enthalpy and n,’ is 
the equilibrium number of mols of 7, both quantities on a per unit 


weight of original air (or oxidant) basis. At low to moderate tem- 
peratures the degree of dissociation is negligible or very small, 
with the result that the only sizable (n;’H;) terms are those which 
pertain to the principal products of combustion, H,O, CO2, N2, and 
soon. Therefore, whena hydrocarbon fuel isadded toa fixed quan- 


+ 
+, 4 
% 
| 
Pe 
| 


JULY, 1957 


tity of original air, the changes in the amounts of hydrogen, car- 
bon, and oxygen containing compounds in the final combustion 
products are proportional to the amount of added fuel, i.e., in 
differential form, df ~ ~ ~ for lean mix- 
tures, and df ~ dn’co—dn‘co:2~dn'nz —dn'm0 for rich mixtures. 

Therefore, noting that the H; are functions of 7’ alone, iso- 
therms of (1 + f)h versus f will exhibit a linear relationship when 
the foregoing proportionalities are not appreciably disturbed by 
dissociation. When dissociation is appreciable, the isotherms de- 
part from the straight-line relationship and a graphic picture is 
presented of the degree of dissociation and the conditions under 
which it occurs. 

Fig. 1 shows an enthalpy-fuel/air ratio diagram containing iso- 
therms of (1 + f)h versus f for a (CHz),-air system. Since the 
isotherms pertain only to equilibrium combustion products, the 
basic diagram is independent of all specific fuel properties except 
the H/C ratio. The figure was prepared from the data listed in 
Part 2. The values of (1 + f)A at intersections of the isotherms 
with the f = 0 axis obviously must correspond to the enthalpy of 
pure air per unit weight of air. Since the fuel/air equivalence 
ratio r is proportional to f, the abscissa scale can be made to read 
in terms of either f or r. 

In accord with the foregoing definition of h, the slope of the (1 
+ f)h versus f isotherms is negative for lean mixtures due to the 
increasing amounts of CO, and H,O with their large negative heats 
of formation, and also reflecting the fact that, as more fuel is 
burned, heat has to be removed from the combustion products to 
maintain them at the specified isotherm temperature. The sharp 
minimum in the V-shaped isotherms is at the stoichiometric 


fuel/air ratio f, where, ideally speaking, all the free O. has been 
consumed. The positive slope of the isotherms in the rich region 
stems from the replacement of CO, and H;,0 with CO and Hy: 
which have smaller heats of formation. 

Although it is not readily apparent from Fig. 1, there is a slight 
curvature in certain portions of the solid-line isotherms. This 
effect is caused by the nitric-oxide equilibrium in lean mixtures 
and the water-gas equilibrium in rich mixtures. Since both these 
equilibria are equimolar, (Om/07'),, = 0, (O0m/dp), = 0 and the 
locations of the solid-line isotherms are independent of pressure; 
i.e., (Oh/Op)p = 0, and (dc,/2p)p = 0. Consequently, the ideal 
equation of state, pp = RT'/m, is applicable in the solid line region 
of Fig. 1; (1 + f)/m varies only (and linearly) with f (7). 

At the higher temperatures indicated by the dotted-line iso- 
therms, nonequimolar equilibria are important and make the 
location of the isotherms pressure dependent. The location of the 
boundary between the pressure-dependent and pressure-inde- 
pendent regions is somewhat arbitrary, but the indicated bound- 
ary at about 3000 R is conservative for most cases. The indi- 
cated dotted-line isotherms are those for 1 atm pressure. 

The enthalpy-fuel /air ratio diagram, as illustrated in Fig. 1, con- 
stitutes the principal tool in the approach to “‘first-law’’ combus- 
tion problems as developed in the following sections, Similar dia- 
grams may be made for the functions expressed by the equations 
fit 


(1+ == n,'C,; + = (dn,’/0T),H; 


(1+ f)/m = =n,’ 


fh, Btu/ Ib. of original air 


SYSTEM: (CH), -AIR 
for all pressures 
-—-—-—for p= atmosphere 


heenthalpy, Btu/ib. of mixture 


adiebotic mixing line, equation (6) = 


q= theoretical heat release, Btu/ib.ot mix. 


vale 


a in 


4270°R 
~ 


lef)qe1020 Btu/Ib. of orig. air 


fs* 0.087623 


L 
0.01 0.02 0.03 0.04 


0.05 006 0.07 


f, fuel/air weight rotio 
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DETERMINATION OF ADIABATIC FLaMe TEMPERATURES AND THBORBTICAL RBLBASES 


(For problem shown, initial air and fuel porenene) temperatures are Ta = 1500 R and Tr = 817 


giving ind 


cated results at f = 0.056.) 
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A more detailed discussion of these and other thermodynamic 
properties of combustion gases has been reported elsewhere (7). 


ApIABATIC FLAME TEMPERATURES 


It is apparent from the definition of an adiabatic constant- 
pressure process that the absolute enthalpy of a post-combustion 
mixture must equal that of the same mass of precombustion mix- 
ture, independently of the degree of completion of reaction 


(1+ = hg + fhy 


h, and hy are the absolute enthalpies (per unit weight of air and 
fuel, respectively) in the precombustion mixture and (1 + f)h 
is the absolute enthalpy (per unit weight of original air) of the 
completely burned, unburned, or partially burned mixture. Now 
since the co-ordinates of the enthalpy-fuel/air ratio diagram are 
(1 + fh and f, a plot of Equation [6] yields a straight line. 
Spontaneous changes of composition and temperature are 
always possible if the gases are not in equilibrium; i.e., 
when 7 < 100 per cent. Therefore, the final temperature 
T* for complete combustion can be associated only with an 
equilibrium state; i.e., for 7 = 100 per cent. The functional 
relationships between the equilibrium (1 + f)hk and 7’, however, 
are made explicit by the location of the isotherms, and the inter- 
section of the Equation [6] “adiabatic mixing line’ with these 
isotherms identifies the adiabatic 7’* at each value of f. Fig. 1 
shows such an adiabatic mixing line for a (CH), kerosene-type 
fuel. 

Since at f = 0, T* = T,, and (1+ f)h = hy, the origin is at 
the intersection of the 7, isotherm with the f = 0 co-ordinate and 
consequently is independent of fuel variables, depending only on 
the air temperature, 7,4. On the other hand, the slope of the line 
is equal to the fuel’s enthalpy hy and is therefore independent of 
the air temperature. 

The most convenient procedure is to locate the origin of the 
line from the known 7, and then evaluate one other point by 
Equation [6] at an arbitrary value of f (say f = 0.10), using the 
value of h, read from the diagram at 7,. Then a straight line 
drawn through these two points determines all the adiabatic 
flame temperatures which are consistent with the specified 7, 
and hy. Any other initial air temperature may be dealt with by 
simply drawing a parallel line through the new 7',. 

In case fuel is added to the products of a preceding combustion 
reaction (from a fuel of the same H/C ratio) the adiabatic mixing 
equation is 


(1+ = (1 + fil + — 


in which f is the final fuel/air ratio, f; is the fuel/air ratio of the 
preceding combustion reaction and (1 + f;)/ is the corresponding 
absolute enthalpy per unit weight of original air. The origin of 
the Equation [7] line is at the intersection of the (1 + fi)h: and 
fi co-ordinates. In case the products of the preceding combustion 
reaction are in equilibrium, this origin point also identifies the 
temperature 7’, of these gases. 7’; is not necessarily the adiabatic 
combustion temperature of the preceding combustion. As with 
Equation (6], the left-hand member of Equation [7] is linear with 
f and the independent variables pertaining to the initial gas and 
fuel enthalpies manifest themselves in the same manner. When 
f, = 0, Equation [7] reduces to Equation [6]. 

Since Equations [6] and [7] are merely energy balances, the 
location of an adiabatic mixing line with respect to the (1 + f)h 
and f co-ordinates is independent of pressure. Pressure affects 
only the location of the dotted-line isotherms by which the adia- 
batic flame temperatures are determined, not the independently 
specified enthalpies. 

In practice it may be desirable to account for the effects of 
additional water in the system which may be due to either mois- 
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ture in the original air, or quench water added to the hot combus- 
tion products. In case the final temperatures are in the dotted- 
line region of the diagram, the additional moisture will participate 
in the chemical equilibria and prevent the problem from being 
handled with complete exactness without a reevaluation of the 
equilibrium-state properties. However, if the additional water is 
regarded as a simple diluent, the problem can be handled simply 
and without large error. The error is entirely negligible if the final 
“wet”? temperature is in the solid-line region. Merely subtract 
the quantity wAhu,o from the adiabatic mixing line at the final f, 
(defined with respect to dry air). w is the weight of addi- 
tional moisture per unit weight of dry air and Ahgy,o is the in- 
crease in enthalpy of the water from its initial temperature (either 
as a vapor in the initial air or as quench water) to the final ‘“‘wet’’ 
temperature. Since we are dealing with differences in enthalpy, 
they do not have to be on an “absolute” basis, ordinary steam- 
table values being suitable. The use of quench water for deter- 
mining combustion efficiencies is discussed under Combustion 
Efficiencies. 

The determination of hy is the only aspect of the adiabatic 
mixing line which remains to be considered. It is convenient to 
refer hy to a standard reference absolute enthalpy, hp°, pertaining 
to a standard reference temperature for thermochemical data, 
T° (usually 25 C = 77 F) 

hp = + hp® 


Ah, is the sensible heat of the fuel at the fuel temperature 7’, rela- 
tive to that at the reference temperature 7°. Obviously, if any 
phase changes occur between 7’° and 7’z, the latent-heat contribu- 
tion must be included in Ahy. hy® is then a constant which is 
characteristic of a particular fuel. In the case of a pure substance 
it may be evaluated by Equation [1] from the NBS-API tables (5) 
or other sources. However, in many instances it is necessary to 
deal with a mixture of hydrocarbons such as kerosene for which 
there are no clear-cut thermochemical data except a heat of com- 
bustion. In the latter case hp° can be defined easily in terms of 
the heat of combustion of the fuel. The derivation is aided by 
performing an imaginary combustion of the fuel with the stoichio- 
metric amount of oxygen; i.e., the reaction by which, in principle, 
the heat of combustion of the fuel is determined 


(CH,), + (y + ry/4)O2 yCO, + ry/2 


When carried out isothermally at 7° and at 1 atm pressure, the 
energy balance in terms of absolute enthalpies for this reaction is 


ra org + (y + ty/4) Hoye? = + zy/2 Huw? 
+ Qr°.......[9] 


The upper case letters indicate a mol basis for the enthalpies. 
Since the H,O is considered to have remained on the vapor phase, 
Q,° is the so-called “low” heat of combustion on a per mol of fuel 
basis. Dividing through by the formula weight of the fuel, mp = 
(12.010 + 1.008z)y, places both the enthalpy of the fuel and the 
heat of combustion on a per unit weight of fuel basis as indicated 
by lower-case letters. After rearrangement and simplification, 
there results the final expression 


_ [Hoo,° + 2/2 Hnp® — (1+ 
12.010 + 1.008z 


hy® = 
Mp 


Equation [10] permits hp® to be calculated from the known heat 
of combustion gp°, the H/C ratio of the fuel z, and the three H;° 
values from Table 1. For a kerosene-type fuel with the empirical 
formula (CH), and a heat of combustion of 18,630 Btu/Ib, 
hp°® = —553 Btu/lb. For ethylene, also conforming to the for- 


mula (CH;),, and with a heat of combustion of 20,276 Btu/Ib, 
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° = +1093 Btu/lb. Note that, depending on the particular 
fuel, hp°® may be positive or negative which gives the adiabatic 
mixing line a corresponding positive or negative slope. 

Fig. 1 illustrates the determination of 7’* for the combustion of 
the aforementioned kerosene fuel at Tp = 377 F = 837 R with 
air at 7, = 1500 R, and with f = 0.056. With a mean liquid c,p 
= 0.5 Btu/lb deg R, hp = —553 + 0.5(377 — 77) = —403 Btu/ 
lb. Note that the numerical value of hp is so small that the adia- 
batic mixing line of Fig. 1 is almost horizontal. Usually the 
sensible heat contribution of the fuel Ahp has only a very small 
influence on the slope. 


THEORETICAL Heat RELEASES | 


The theoretical heat release for any mixture ratio at any par- 
ticular set of conditions is defined as the amount of heat energy 
per unit weight of mixture, g, which is released by an isothermal, 
constant pressure, chemically complete combustion; i.e., it is the 
“useful” heat release of the reaction. In contrast, the standard 
heat of combustion of the fuel gp° pertains only to the heat release 
of a complete oxidation to CO, and H:O at the fixed standard 
reference temperature 7'°. Consequently, variable differences in 
temperature level complicate the general relation between g and 
qr°, and furthermore, a complete oxidation to CO, and H,0 is 
not possible in rich mixtures. For these reasons g is not explicitly 
defined in terms of qp°. 

On the enthalpy-fuel/air ratio diagram, the theoretical heat re- 
lease per pound of original air (1 + f)g can be determined for any 
specific combustion process by “cooling’”’ the gases along the final 
f co-ordinate from the adiabatic temperature 7'* on the adiabatic 
mixing line, to the isotherm of the initial gas temperature, 7’, (or 


Fig 1 
(1+ fq = (1+ fh — (1+ Phra orn 


When the initial fuel temperature 7, = 7, (or 7) this heat re- 
lease is in exact accord with the foregoing definition of the theoreti- 
cal heat release; when 7p, = 7, (or 7;), the (1 + f)q¢ contains 
the sensible heat brought into the system by the fuel at 7’, rela- 
tive to 7, (or 7,). For many applications it is precisely the 
quantity (1 + f)¢ which is of interest regardless of how the heat 
was made available. In most cases the sensible heats involved 
are very small] in comparison to the heat release of the combustion. 

It is interesting to note that, whereas the maximum adiabatic 
flame temperatures are generally encountered somewhat to the 
rich side of the stoichiometric, the maximum heat release is at the 
stoichiometric because of the sharp change in the slope of the 
T, (or T;) isotherms in passing from lean to rich mixtures. It is 
also noteworthy that the heat release can be determined without 
knowledge of the 7'* since the origin of the vertical cooling line 
must, under any circumstances, fall on the adiabatic mixing line. 
Furthermore, since the location of the adiabatic mixing line is in- 
dependent of pressure, and since in most cases the 7’, (or 7;) iso- 
therm is in the solid line, pressure independent region, (1 + fq e 
correspondingly independent of pressure. faery 


EFFIciENCIES 


A combustion efficiency can only be determined rigorously by 
performing a chemical analysis on a sample of the combustion gas. 
In practice, however, this procedure is frequently too laborious 
and time-consuming to be practicable. In addition, sometimes 
there is doubt as to whether the composition of the sample is the 
same as that of the parent, hot combustion gases. When the 
combustion can be assumed to be adiabatic, or when the heat- 
transfer losses can be accounted for, a widely used and much 
simpler alternative is to measure the temperature of the post- 
combustion gases. This temperature, in comparison to the 
theoretical adiabatic _— provides a measure of the un- 


J 


developed heat release. However, in order to calculate a combus- 
tion efficiency from this datum, it is necessary to assume some re- 
lationship between the temperature and the energy content of 
the incompletely burned mixture. Despite the lack of complete 
rigor which is implicit in making such an assumption, the tem- 
perature-measurement approach to combustion efficiencies is 
widely used because of its simplicity. Since different assumptions 
may yield different results from the same data, consistency and an 
understanding of the nature of a particular assumption are im- 
portant. 

The enthalpy-fuel/air ratio diagram readily lends itself to 

either of two methods, both of which have versions in common 

use, 

The first method assumes that the c, of the incompletely burned 
mixture is equal to that of the equilibrium mixture at the same 7’, 
and regards the undeveloped heat release as equivalent to a 
sensible-heat loss from the adiabatic-equilibrium state. With 
this assumption, the experimental 7” can be associated with the 
T’ isotherm on the diagram, Fig. 2, and 9, (the combustion 
efficiency defined on the “equivalent heat loss’’ basis) is the ratio 
of the ‘‘actual’’ (1 + f)q’ to the theoretical heat release, (1 + f)q¢ 


(1 + — (1 + fohria or) 

(1+ fog (1+ fq 

(1 + f)h’ may be regarded as an “effective’’ enthalpy which is 
associated with the temperature 7” but, because the combustion 
is adiabatic regardless of its degree of completion, (1 + f)h is still 
the “true” adiabatic enthalpy. Now since the adiabatic mixing 
line is straight, and since the 7, (or 7,) isotherm is so nearly 
straight, a family of straight combustion-efficiency lines can be 
drawn in by a simple proportioning of the theoretical heat release 
at any arbitrary value of f. Fig. 2 shows such a family for n, = 
100, 80, 60, 40, 20, and 0 per cent. Note that the generality in the 
definition of (1 + f)g is preserved in the definition of 7,, i.e., it is 
directly proportional to the degree of achievement—in relation 
to what is theoretically achievable—at the particular conditions 
of interest. If, as is sometimes done, the combustion efficiency is 
related to the standard heat of combustion qp° of the fuel, this is 
not the case. 

At high values of 7, the inefficiency is usually due to incom- 
plete combustion of CO and Hz, and since small amounts of these 
gases do not seriously alter the c, of the mixture, the assumption 
concerning the equality of the c,’s, is reasonably realistic for high 
,’s and becomes exact as , approaches 100 per cent. At low 
7,'s the method is formally consistent with that in the high range; 
when 7’ = T, or (7;) the n, = 0 line falls on the T, (or 7;) 
isotherm. 

For lean mixtures in which the final temperatures are not too 
high, the c, is reasonably constant as is indicated by the approxi- 
mately regular vertical spacing of the isotherms in Fig. 1, and 
Equation [12] may be given the frequently used form 


= 


In the high-temperature region, the c,’s increase so markedly 
that Equation [13] is inaccurate, yielding too high a value of 7,. 

The second method assumes that a complete adiabatic combus- 
tion occurs in a mixture of fuel/air ratio f’, and that these gases 
contain completely unreacted fuel in the amount f — f’, the total 
fuel/air ratio of the mixture being f. 

The combustion efficiency on this “equivalent fuel consump- 
tion” basis, n,, is again given by the ratio of the actual to the 
theoretical heat release 


(1+ foq 


4 
a 


TRANSACTIONS OF THE ASME 


+1000 
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Fic. 2. Determination or Compustion Erriciencies From MeasvurepD TEMPERATURES 
BY Two MernHops 
(Isotherms omitted for the sake of clarity.) 


for fuel + air combustion processes. On the enthalpy-fuel/air 
ratio diagram, the f’ value is determined by the intersection of the 
T’ isotherm with the adiabatic mixing line as shown in Fig. 2. 
By the use of Equations [6] and [11] and a linear expression for 
the 7', isotherm, the second simple formulation in terms of f’/f 
can be derived easily. 

When fuel is added to the products of a preceding combustion 
of fuel/air ratio f,, the correspondit:g expression for 7; is 


At low combustion efficiencies, y, has a reasonably realistic physi- 
cal basis since under these conditions the combustion gases usu- 
ally contain unburned and only partially oxidized hydrocarbons; 
it becomes exact as 7, approaches 0 per cent. At high 7,’s the 
method is formally consistent with that in the low range; when 
tf’ =f, n; = 100 per cent. 

In summary, we see that two combustion efficiencies, n, and 7,;, 
have been defined on the basis of different physical assumptions 
which become exact at the opposite extremes, 7, = 100 per cent 
and n, = 0 per cent. Furthermore, each is formally consistent 
with itself over the whole range from 0 to 100 per cent. 

Now we note that, since only straight (or nearly straight) lines 
are involved in the application of either method to lean-mixture 
problems as shown in Fig. 2, it follows by geometry from the 
approximate parallelism of the isotherms that 7, ~ ;. It may 
therefore be concluded that for lean mixtures, either method gives 
a reasonably accurate numerical evaluation of the combustion 
efficiency over the complete range from 0 to 100 per cent in spite of 


weight ratio 


0.05 Qao6 


the varying degrees of realism in their respective definitions. 

In rich mixtures, when T” < 7*, n, < 100 per cent, but n, 2 
100 per cent. This latter somewhat disconcerting result stems 
directly from regarding the f — f’ amount of unburned fuel as a 
potential source of sensible heat, disregarding its role as a poten- 
tial absorber of heat when present in rich mixtures owing to the 
highly endothermic reduction reactions which are then possible. 

When a rich fuel + air mixture is burned the temperature in- 
creases and incomplete combustion is characterized by T’ < 7. 
Therefore, since the corresponding 7, < 100 per cent, the equiva- 
lent heat-loss method is recommended for determining the com- 
bustion efficiencies of rich fuel + air mixtures. On the other 
hand, when fuel is added to hot combustion products of a near 
stoichiometric mixture, the temperature decreases and an incom- 
plete “combustion” of the added fuel is then characterized by T’ 
> T* with the result, ", 2 100 per cent, and 7, < 100 per cent. 
Therefore, 7, may find application as a “cooling efficiency’ when 
fuel is added to hot, near-stoichiometric combustion gases, using 
Equation [15]. 

A frequently used method of determining combustion ef- 
ficiencies in high-temperature gases is to introduce a known 
amount of water and then measure the temperature of the cooled 
“wet” gases, 7”. Since the decrease in the enthalpy of the hot 
combustion products, per unit weight of original air, is equal to 
the increase in the enthalpy of the quench water, per unit weight 
of original air, the effective enthalpy of the hot gases before 
quenching is therefore 


(L+fyh’ = (1+ fh” + — [16] 
(1 + fh" is nthalpy read from the 7” isotherm at f; w is the 


the e 


° 
= 
ids 


weight ratio of quench water to original air and (h"n,0 — hx,oa)) 
is the enthalpy increase (determined from steam tables) asso- 
ciated with the temperature rise from the liquid water-injection 


temperature, to the measured 7”. Combining Equations 


[12] and [16] yields 


(1 + foh” + — — + Phriaory 
(1+ 


An 7, efficiency also can be calculated from the same data by 
drawing a line parallel to the adiabatic mixing line and displaced 
downward by the amount w[{h"n,o — hu,oa)). The intersection 
of this line with the 7” isotherm determines the equivalent fuel/air 
ratio, f’. 

Note that it is unnecessary to deal with the prequench tem- 
perature 7’ either experimentally or analytically. Furthermore, 
if the final quench temperature 7” is in the solid-line region of the 
diagram the method is independent of pressure considerations. 


APPLICATION TO COMBUSTION IN FLOWING STREAMS 


The enthalpy-fuel/air ratio diagram and the previously de- 
veloped application methods are applicable to combustion in 
flowing streams provided all A values are taken to be those of the 
stagnation state; i.e., Equation [6] is a total energy balance. Its 
intersections with the solid-line isotherms yield stagnation tem- 
peratures at any pressure, and its intersections with the dotted- 
line isotherms yield stagnation temperatures at a stagnation pres- 
sure equal to the pressure for which the isotherms were drawn. 
If the local velocity u is known, the static enthalpy is given by a 
downward displacement of (1 + f)u?/2gJ from the Equation [6] 
line. The solid-line isotherms then yield static temperatures at 
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any pressure and the dotted-line isotherms yield static tempera- 

tures at a static pressure equal to that for which the isotherms are 

drawn. This procedure merely represents the “‘first-law’’ aspects 

It in- 

troduces no restrictions and gives no information on the path be- 

tween the two states or the relation of their pressures. All proe- 

esses which involve the “second law’’ must be evaluated inde- 
pendently. 


of converting kinetic into sensible energy and vice-versa. 


ApriaBatic Mix1n@ or Two STREAMS 


Consider two streams with the stagnation enthalpy and fuel/air 
ratio co-ordinates (1 + f,)h,, f, and (1 + f,)hy, f, as shown by the 
(a) and (») points in Fig. 3. In the case of two static systems all 
h’s are static and pertain to the same pressure. Let z, and 2, be 
defined as 


Weight of original air in (a) stream 


- Weight of original air in combined (a) and (6) streams 


from which 

. [18] 
In the combined stream, the epthalpy per unit weight of original 
air, and the fuel/air ratio are cOhsequently 


= 2(1+ + + fh, 


and 
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Equation [19] may be plotted on the enthalpy-fuel/air ratio 
diagram by simply drawing a straight line between the (a) and (6) 
end points. The (1 + f)h and f for a particular z, (or 2,) ratio is 
determined by a simple proportioning of the line (a) to (b) (‘‘the 
lever rule’’) or, alternatively, by proportioning its projection on 
the ordinate or abscissa axes as shown in Fig. 3. Algebraically, 
this operation is expressed by the equations 

+fh _ 


(1 + — (1 + 


 * 


= 
which are derived by eliminating z, or z,, respectively, between 
Equation [18] and Equations [19] and [20]. 

There is no restriction as to whether the initial (4) and (b) 
streams are in equilibrium; i.e., as to whether or not the enthalpy 
and fuel/air ratio co-ordinates of the (a) and (b) streams also 
identify the temperatures 7, and 7,. Also there is no restriction 
as to whether or not chemical reactions accompany the mixing 
process, the only restriction being that the mixing is adiabatic. 
The final equilibrium temperature of the combined streams— 
implying complete mixing as ave] as chemical equilibrium—can 
be read from the intersecting isotherm. 

A special case of this problem which frequently occurs in prac- 
tice is that one of the streams is pure air; e.g., as in the case of a 
metered secondary air flow for an enclosed bunsen flame. Another 
example may be drawn from gas-turbine practice, in which it is 
customary to burn fuel in a near-stoichiometric, high-temperature 
zone, and then by dilution with additional air to cool the gases to 
a permissible turbine-inlet temperature. Such processes are easily 
handled by designating the (a) stream point as pertaining to pure 
air and locating it at(1+f,)h, = h,onthef = Oaxis. Although 
there may be practical reasons for desiring to study such processes 
in steps, if the over-all process is adiabatic and if the A, is the 
same for all steps, one can of course proceed directly to the final 
state by using Equation [6]. 


A Mooptrrep Ratio DIAGRAM 


The enthalpy diagram as illustrated and applied in Figs. 1, 2, 
and 3 is particularly convenient for engineering purposes since it 
deals in quantities which are of direct engineering significance; 
ie., the fuel/air weight ratio and energy contents are referred 
to fixed quantities of original air. However, a limitation is that 
the fuel/air weight ratio scale on the abscissa does not permit 
an evenly weighted representation of the lean and rich composi- 
tion ranges; i.e., the lean mixtures extend from f = 0 to f = f, 
and the rich from f = f, tof = o. By a simple co-ordinate 
transformation the enthalpy-fuel/air ratio diagram may be given 
another—and for some purposes a more elegant—form which 
solves this difficulty. 

Let the fuel-air mixture parameter M be defined according to 


(OAC) +2 + 


in which f, is the stoichiometric fuel/air weight ratio and r = f/f, 
is the fuel/air equivalence ratio. The last formulation is in terms 
of the relative proportions of the elements C, H, and O. M has 
the following characteristics: 0 < M < '/2 for lean mixtures, and 
1/, << M < 1 for rich mixtures. M = 0, '/:, and 1 identify the 
respective pure-air, stoichiometric, and pure-fuel mixture propor- 
tions, thereby giving an equal weight to the lean and rich com- 
position ranges. M differs from the similarly defined c function of 


. [23] 


‘may easily be located along the M = 1 ordinate. 


TRANSACTIONS OF THE ASME 


S. R. Brinkley and co-workers only in that it is associated in an 
opposite manner with the lean and rich composition ranges. 

The linearity of the adiabatic mixing line as given by Equa- 
tion [6] is an essential feature which should be preserved in a new 
co-ordinate system. 


Solve Equation [23] for f in terms of ee 


and substitute for f in Equation [6]. 
simplification, there results 


(l—(l—f,)Mjh = hg + [—-hg t+ f,he|M 


After rearrangement and 


[25] 


from which it is seen that the essential linear nature of the adia- 
batic mixing line is preserved if it is plotted on the co-ordinates, [1 
—(1—f,)MJh versus M. Similarly, it can be shown easily that 
the linearity of the low to moderate temperature isotherms is 
also preserved with these co-ordinates. It is also seen that at the 
two extremes of pure air and pure fuel, Equation [25] reduces to 


[1 —(1—f,)MJh = hy 


The numerical ordinate scale in the new co-ordinate system is 
therefore identical with the (1 + f)h scale in the old. As pre- 
viously, at M = 0 it refers directly to the absolute enthalpy of 
pure air per unit weight of air, but at intermediate values of M it 
refers to a weight basis containing the factor {1 — (1 — f,)M] in- 
stead of (1 +f). At M = Lit refers to the enthalpy of the fuel per 
unit weight of air in a stoichiometric mixture, i.e. 


lb of fuel Btu 
lb of air” Ib of fuel 


(for M = 0, pure air)... [26] 


(for M =1, pure fuel)... [27] 


She 


Now, since f, depends only on the H/C ratio, a scale reading di- 
rectly in hy and proportional to the main [1 -- (1 — f,)MJh scale 
By using the 
thermal properties of the particular fuel of interest, a 7’p scale 
may then be keyed to the hy scale. 

The points at which any isotherm intercepts the limiting MZ = 0 
and M = 1 ordinates must be consistent with the equilibrium h = 
h(T, p) relations for pure air and pure hydrocarbon, respectively. 
However, because a state of chemical equilibrium is approximated 
by only a few of the common hydrocarbon fuels, the M = 1 inter- 
cepts of fully extended isotherms need not coincide with the tem- 
peratures indicated by the 7'p scale. Since hp is defined on an 
absolute enthalpy basis, its use on the diagram is unaffected by 
whether or not the fuel is in chemical equilibrium; for a particular 
fuel such considerations are already implicit in the specification of 
hp° and known relation of 7'p toh. Fig. 4 shows the isotherms 
extended to the limit of the available data. The sharp break in 
the isotherms at M = 0.75 indicates the boundary of the two- 
phase region of gas + solid carbon which extends to the M = 1 
boundary for equilibrium systems. 

It is apparent from Equations [26] and [27] that the adiabatic 
mixing line, Equation [25], may be located by simply drawing a 
straight line between the two points which identify the enthalpies 
(or temperatures) of the pure air and pure fuel on the M = 0 and 
M = 1 ordinates, respectively. And, as previously, the intersec- 
tion of this line with the isotherms determines the adiabatic com- 
bustion temperature at each value of M. Fig. 4 shows an adia- 
batic mixing line for ethylene-air systems (for the conditions 
T, = Ty = 1000R = 540 F) and the resulting adiabatic com- 
bustion temperature at each value of M. 

In case fuel is added to the products of a preceding combustion 
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. of mixture proportion M, (involving the same H/C ratio), the 


end points of the corresponding adiabatic mixing line are {1 — (1 


f,)Mijh: at and at M = 1. 
‘The theoretical heat release can be determined from the Fig. 4 


& weight of mixture basis. 


type diagram. 


- diagram i in the same manner as shown in Fig. 1, taking care to 
divide out the [1 — (1 — f,)M] factor when converting to a per 
Similarly, families of n, combus- 
tion-efficiency lines can be located with equal facility on the Fig. 4 
The treatment of n,; combustion efficiencies and 
_two stream-mixing problems is complicated by the change in the 
mixture ratio variable. 

In summary, the (1 + f)h versus f co-ordinate diagram is more 


oe renient for engineering purposes, especially since in power 


hold for constant-volume processes if 


applications rich mixtures are rarely of interest. For more gen- 


: eral laboratory and physical chemical use, the broader scope of 


the modified diagram is advantageous. 

In Part 2, tables of h = A(T, f) for (CHz:),-air and (CH;),-air 
systems are presented for p = 1 atm. Since the temperature in- 
crements ure rather small, large detailed diagrams of either the 
Fig. 1 or 4 type may be prepared from these data and used with 

“relatively high accuracy. 


ConsTANT VoLUME PROCESSES 


Noting that, at T = 0, Hio° = E,o°, all the preceding develop- 
“absolute internal 
energy” is substituted for “absolute enthalpy” and ‘‘constant 
volume (or density)” is substituted for “constant pressure’ In 


calculating the absolute internal energy of the fuel by Equation 


[10], care should be taken to use E,° = H,° — RT° instead of the 


H,°'s of Table 1, and also to use the of combustion 


of the fuel at constant volume instead of the indicated constant 
pressure value, gp°. In general, internal energies of equilibrium 
systems can be calculated from the h data by e = h — pv = h — 
RT/m. While satisfactory at low temperatures when T is the 
only variable, in general, this procedure yields the set of e = 
e(7,, p, f) values instead of the more useful e = e(T7’, », f) set. 


2—SOME h AND cp DATA FOR COMBUSTION GASES OF TWO 
H/C RATIOS 


Sources. The (CHz2),-air data are abstracted from reference (4) 
which contains similar data for a wide range of pressures. A dis- 
cussion of the data and bases for the calculations in reference (4) 
is given in reference (7). The (CH;), data were computed by the 
same orogram which was used for reference (4). In all cases the 
primary source data are the NBS-API tables (5). 

Note on Pressure Dependence. In the accompanying tables for 
the (CH;),-air system, if at a fixed 7’, a change of p from 0.1 to 10 
atm changes h by less than 1 Btu/lb (~3 R for a fixed h) the A is 
considered negligibly dependent on p. Equally complete data for 
estimating the effect of p in the (CH;),-air system was not com- 
puted, but it is assumed to behave similarly at the same tempera- 
ture. The same criterion applies Jess strongly to the c, data. 

The Fuel. These data are applicable to all fuels of the indicated 
H/C ratio, independently of their chemical structure. The 
Equation [10] formula for computing the reference state absolute 
enthalpy hy°®, from the “low” or net g,r° is given at the be- 
ginning of each table. 


‘ 
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The Air. Combustion is assumed to occur with a standard dry 
air of the following composition, as is consistent with reference (6) 


Nz: 78.0881% O,: 20.9495% A: 0.9324% 0.0300% 


and which gives it a mean molecular weight: 28.9666. For use 
with the accompanying combustion gas data, absolute enthalpies 
of air may be obtained by subtracting 1.75 Btu/lb from the 
reference (6) enthalpies. The same procedure can be used with 
the values from reference (8), noting that these tables neglect 
dissociation. 

Units. Important uses in engineering applications led to the 
choice of English units for the (CH:),-air data. The (CH;),-air 
data were computed in the metric system using international 
calories. Conversions may be made with the formulas 


h Btu/lb = 1.798813 h cal/gm 
cp Btu/lb °R = (0.999341 )e, cal/gm °K 


which are in accord with the values of the universal gas constant 
R, in the two systems: R = 1.98588 Btu/lb-mol deg R = 1.98719 
cal/gm mol deg K. 


(CH:)y—AIR COMBUSTION PRODUCTS 
= enthalpy b. © heat capacity 
fuel/air weight f/f, equivalence ratio 
Bta/lb. © -19,183 (at T° = 77°F = 25°C) 
independent of pressure; below dotted line b is for 1 ata. 
f = 0.033812 f = 0.047336 
re 0, r= 0.70 
b 
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(CH2)y—AIR COMBUSTION PRODUCTS 


b Btu/lb. = enthalpy Cp Btu/lb. = °R = heat capacity 
f fuel/air weight ratio £/f_ equivalence ratio 
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(CH:)y—AIR COMBUSTION PRODUCTS (CHz)y—AIR COMBUSTION PRODUCTS 


R= heat capacity Bte/lb, enthalpy 
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TRANSACTIONS OF THE ASME 


(CHs)y—AIR COMBUSTION PRODUCTS (CHs)y—AIR COMBUSTION PRODUCTS 


h Btu/lb. © enthalpy b. = = heat capacity b cals./ga, enthalpy = °K heat capacity 
f = feel/air weight ratio r* £/f, = equivalence ratio air weight ratio f/f. = eqaivalence ratio 

f = 0.202869 ot £ = 0.270492 Above dotted Raf is independent of pressure; below dotted line b is for 1 om 

r= 3.00 23 r © 4.00 0.015532 f = 0.071064 = 0.043490 
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CHia)y—AIR COMBUSTION PRODUCTS AIR COMBUSTION PRODUCTS 


7 

* enthalpy Cp cals./gn. - °K = heat capacity enthalpy cals./gn. = °K = heat 

‘air weight ratio r= £/f, = equivalence ratio re t/t, = equivalence rat: 

f = 0.049703 f = 0.055916 = 0.062129 f = 0.07k555 f = 0,09319% 

r 0.80 r 20.90 r= 1.00 r-1.20 r=1.50 

“49104 0225599 “55709 0025787 “62307 0625972 “59704 0426979 0228456 
“47865 0425828 54500 0426034 61006 0026236 “59702 0026767 “58308 0627296 0628899 


46545 0426083 53169 0426306 “59764 0426522 “58307 0627083 “57001 0027651 “53001 0029542 
45204 0026367 “51866 0426601 0026832 “57001 0627445 “55601 028090 “51500 0430585 
0026677 =505e2 0426922 =57006 0027165 “55602 0027870 “54260 028648 49904 0432039 
-425e7 0027012 “49107? 0627268 =55609 0627521 “54202 0428361 029330 46320 0.33568 
“61201 0627365 478.0 0.27631 54301 0027896 “52709 0028903 “51206 0230086 46569 0434788 


0427727 46460 0428003 52900 0428274 “51303 0629466 “49764 0030831 “44863 0.35566 
0.28094 0.28378 0228659 “49804 0430009 “48168 0631492 “43004 0435974 
37002 0028657 43506 0228750 0229040 “48302 0230506 46569 0232027 “81203 0236126 
=35509 0028815 0629117 0629416 8 “46708 0630962 “46967 0632435 “39402 0236128 
0629167 “40605 0429478 0629785 “45203 031320 “43304 0632742 =37602 0436060 


=32607 0629510 0429830 0230145 “43605 00316465 “41700 0032977 “35862 0235968 
0629937 “37606 0.30165 “46007 34630487 “42006 0431925 “40005 0033161 “34003 0235874 
0230150 0.304685 0230813 “40466 0632171 0433314 =32203 0635795 
0430448 =34661 0430791 =40909 0631122 “38864 0632392 “36762 0633409 0235737 
-26664 04639733 =33007 0631081 =39462 0631414 “37202 0432596 “35004 0633575 0235702 


-25009 0631006 =31500 0231359 =378e4 0631693 “35509 06632788 “33306 033697 “26808 0635689 
“23504 0631267 =29903 0031623 =36205 0431962 “33904 0632970 “316e7 0233818 =250+69 0635697 
0231517 =?8305 0031876 34605 0232726 “32209 0633146 -29908 0433938 =23361 0635722 
=20368 0231757 0637117 33003 06324682 “30603 0633312 =28268 04634058 “21562 0635763 
-18769 0631987 =251e3 032347 “31461 0632735 “28906 0233476 =26508 0634179 0635816 


“17le9 Ue3226 023260 “29767 0329 023363 023430 “17905 023568 
003247 21808 023282 =28le2 023326 25600 023378 “23105 063442 023595 
“20204 023305 =2640> -2390e2 023393 023454 14306 043603 
“12301 “16509 63329 3388 “22202 023408 -197el 063466 -125e6 023612 
10606 023329 “16902 093356 -23007 Ue3426 -20501 003422 “17907 063478 003622 


e3306 “15307 0.3381 21304 023470 023436 -16203 063491 023632 
403375 -1350e3 063412 “19509 =17008 03451 043504 063643 
-560e2 023410 “11802 093449 “17802 023586 “15305 0263468 “12702 0235186 =5300 0.3657 
“10008 716000 13601 023486 0.3534 —3406 023672 
03493 -B8303 023544 -léleS e3752 023508 0.3552 0.3689 


003545 023608 “12206 023856 023534 063573 202 023709 
1307 Je3619 023698 “10209 023986 8303 063571 -5602 +3601 20068 023735 
3203 Ue3718 053819 023629 023640 3906 063768 
023834 023964 64326 “4609 043708 “1907 023690 58605 
7006 003969 lle® 024137 004526 0238616 “lel 03753 770? 023657 


094138 3206 004349 -1660 Ue4758 043974 023640 
11200 006343 5500 048602 Bes 045019 lle? 004198 043959 11669 043995 
13404 004593 7807? 024900 005314 330% +4503 Qe4127 13701 064095 
15801 024890 10401 0.5241 6106 265643 5609 024891 044358 15709 004222 
18304 065229 131le3 025619 9008 8205 005346 179e@ 024381 


21005 205610 16003 0.6028 1210? 026390 11005 005847 025057 2010? 064581 
23905 006031 19165 15406 141e0 006377 025541 22502 024833 
27008 026487 22500 18907 l?4e2 026926 0.6109 250e2 025149 
006975 26008 22701 21002 007491 006745 27608 065563 
36005 Ue?%90 29902 2670 249e1 068070 07430 30507 026028 


37903 Ue8028 34001 30963 29069 028664 028143 066613 
42008 128584 38307 33507 069275 0.8873 37200 027303 
465e1 09158 43002 40202 38306 069906 029616 41064 0.8095 
51204 009750 47906 120173 45301 ( 43408 120559 120371 45301 


— 


> 
550 
€00 
6' = 
“ 
: = 
: 
100 
108 
12 
4 
16 
1700 
1750 
3600 
1850 
1950 
2000 
2050 
2100 ‘ 
2159 
2200 
2250 
2350 
2450 
2500 
2550 
2600 
= 
2600 


‘. TRANSACTIONS OF THE ASME 
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Influence 
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By M. C. SHAW,! P. A. SMITH,? E 


_ The effects of additions of lead and sulphur to steel upon 
tool-face friction F, cutting energy per unit volume u, and 
tool-face temperature 6, were investigated. By means of 
high-speed flash pictures of chips in the process of being 
formed, it was found that lead was effective in decreasing 
chip thickness at all speeds, but particularly at high 
speeds. Sulphur, on the other hand, was found most 
effective in this regard at tool temperatures (speeds) be- 
low about 900 F. It was found that certain cutting fluids 
(principally cutting oils) interfered with the action of lead 
and sulphur, and fluids that are normally effective on or- 
dinary steels may give poorer results than air upon steels 
containing lead or sulphur. In all cases leaded steels were 
found to give lower values of F, u, and 6, than comparable 
nonleaded steels and the improvement due to lead was far 
greater than could be achieved from cutting fluids at 
speeds of 150 fpm and above. The paper ends with a note 
of warning that the results on F, u, and 6, cannot be used 
to predict tool life directly and an example is presented 
which illustrates this point. 


N MOST metal-cutting operations, the smoothness of the sur- 
face produced and the life of the cutting tool are the chief 
items of interest. For a given workpiece and tool geometry, 

the friction force F between chip and tool is a good measure of 
the tendency for a chip to weld to the tool. When such welding 
occurs, particles of built-up edge (BUE) are left behind on the 
finished surface and it will be rough. Invariably a decrease in 
friction force is accompanied by an improvement in surface 
finish. The friction force may be computed as follows (see Fig. 1 
for a definition of the notation used) 


F =F, sina + Fgcosa 


When metal is cut by a single-point tool, essentially all of the 
energy required is converted into heat. The total energy per unit 
volume of metal cut u is a good measure of the over-all per- 
formance of a cutting operation and is given by 


A The mean temperature between the chip and the tool face (6,) 
is a significant quantity since it influences the rate of tool wear in 
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of Lead on Metal-Cutting 
Forces and Temperatures 


an important way. This temperature may be measured by con- 
sidering the chip-tool interface to be the hot junction of a thermo- 
electric circuit and measuring the thermoelectric emf generated 
when a cut is taken. While good correlation is usually found be- 


G. LOEWEN,? N. H. COOK* 


tween tool life and tool-face temperature, this is not always the 
case, since other quantities are also of importance with regard to 
tool wear. When the size or stability of a BUE changes with cut- 
ting conditions, it is found that changes in tool life cease to follow 
changes in tool-face temperature, or changes in friction force F, 
or energy per unit volume u. While many workers have sought 
an alternate quantity to study in place of tool life, there appears 
to be no universally applicable method of evaluating tool life 
other than actually performing life tests on cutting tools. ; 


ConpitTions aT Point or Cutting Toot During Con- 
or Cut ALone Cutting Epce = 6 


Fic. 1 
TINUOUS CUTTING. 


In this study the influence of a wide variety of cutting con- 
ditions on the tool-face friction force F, the energy per unit volume 
u, and the tool-face temperature 6,, have been investigated for 
identical steels with and without added lead. While a decrease in 
these quantities corresponds to an improvement in surface finish 
and in general an improvement in tool life, the latter may not be 
the case where loss of a protective BUE may cause the rate of tool 
wear to increase. An example of this sort of action will be pre- 
sented at the end of the paper, from which it is evident that care 
must be exercised in inferring changes in tool life from changes in 
cutting forces, energy or tool-face temperature. 


FREE-MACHINING ADDITIVES 


Aside from cutting speed the most important method of altering 
tool-chip friction is by introducing a low-shear-strength solid ma- 
terial between the high points of sliding surfaces. This is normally 
accomplished in two general ways—by use of cutting fluids or by 
use of free-machining additions to steel. 

A cutting fluid reduces friction either by reacting or chemad- 
sorbing on the high points on the chip or tool to form a low-shear- 
strength layer that is not easily pushed aside. A good fluid will be 
perfectly stable toward all metals with which it comes in contact 
under ordinary conditions of temperature and pressure but must 
react quickly under the high pressures and temperatures en- 
countered at the high points on the chip. Free-machining addi- 
tives, on the other hand, are materials that are added to the metal 
cut in order to decrease the tendency for chips to weld to the tool. 

The principal free-machining additives that have been used 
include sulphur, selenium, lead, tellurium, phosphorus, nitro- 
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TABLE 1 
Steel 

Description Cc Mao 
Hot-rolled B-1113 steel. .... 0.12 0.84 
Sameas 1 butcold drawn... 0.12 0.84 

Cold-drawn 4140 steel with- 
. 0.43 0.90 
Same as 3 with lead added.. 0.43 0.90 


Low-carbon cold-drawn, re- 
sulphurized OH steel with- 


out lead........ 0.09 0.97 
Same as 5 with lead added.. 0.09 0.97 
Same as 5 with additional 

sulph ur. . 0.08 0.92 

me as 7 with lead added.. 0.08 0.92 

0.08 0.90 


Cold-drawn C-1213 steel. 


Tensile YS 

(0.2% offset), 
Description Bhn psi 
Hot-rolled B-1113 


109 
Some = 1 but cold 
146 
4140 steel 
without lead... .. . 207 90000 
Same as 3 but with 
lead added. 197 86000 
Low-carbon “eold- 
drawn _ resulphur- 
ized OH steel with- 
out lead 109 59000 
Same as 5 with lead 
111 56000 
Same as 5 with addi- 
tional sulphur..... 116 54000 
Same as 7 with lead 
109 52000 


he and graphite. The most common of these are sulphur in the 
form of manganese-sulphide particles, lead in its elementary form, 
and graphite principally in the form of the plates found in gray 
cast iron and graphitic tool steels and as nodules in ductile cast 
irons. Like cutting fluids, free-machining additives are thought 
to involve the formation of low-shear-strength contaminating 
films at points of contact and in this sense may be referred to as 
‘internal lubricants.’’ This designation emphasizes an important 
difference between a cutting fluid and a free-machining additive. 
For a fluid to be effective it first must penetrate to the tool point 
and then react to form a low-shear-strength layer. These are both 
time-consuming processes and it is not surprising to find that 
cutting fluids are far more effective in decreasing chip-tool friction 
at cutting speeds below 100 fpm than above. Since the free- 
machining additives are present on the chip surface when it is 
formed, the important time of penetration is saved and these ma- 
terials are generally useful in reducing friction to higher speeds 
than are cutting fluids. 

Lead was introduced as a free-machining additive to stee! in 
amounts up to 1 per cent (the commercial amount of lead added is 
normally 0.15/0.35 per cent) in 1937 (1).5 Several articles (2 to 
15) appeared after this concerning such problems as segregation 
in the ingot, the microidentification of lead particles, the influence 
of lead on physical properties, and the influence on cutting and 
friction characteristics. These articles revealed that lead added 
to steel is very finely divided and usually in a homogeneous man- 
ner, that additions of lead have negligible influence on the physical 
properties of the steel but that the added lead significantly im- 
proves machinability and reduces sliding friction. A recent pub- 
lication (16) discusses the characteristics of lead in steel and pre- 
sents a theory for its action. 


Sreets INVESTIGATED 


The steels investigated in this study are described in Table 1, 
and results of materials tests upon representative leaded and non- 


’ Numbers in parentheses refer to the Bibliography at the end of 


DESCRIPTION OF STEELS INVESTIGATED 


Chemical composition 
P 8 


TABLE 2 PHYSICAL PROPERTIES OF STEELS INVESTIGATED 
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Amount of cold 
work % reduction 


Pb in area 


0.084 0.27 0 Hot rolled 

0.084 0.27 0 6.1 

0.019 0.024 6.1 

0.019 0.024 0.15/0.35 6.1 

0.049 «0.29 0 6.1 

0.049 0.29 0.15/0.35 6.1 

0.050 3 15/0.35 5.4 


Present Per cent Charpy oy 
Ult. tens. elong, red. in 
stress, psi per cent area 77 F, ft- : fob 
> 
102500 19.3 37.5 36 
95 5 
62500 21.5 54.5 15 
60000 20.2 55.5 18 


leaded steels are given in Table 2 and Fig. 2. From these data it is 
evident that lead in the amount normally added to steel has a very 
slight effect upon the physical properties. The yield and ultimate 
stresses are decreased less than 5 per cent by the addition of lead 
in all cases. However, this insignificant decrease in strength is 


TRUE STRESS, o L8S/SQIN 


TRUE STRAIN, €, INCHES PER INCH 


Fic. 2. True-Stress True-Strratn Tenstrte Data For LeapED 
AND NONLEADED STEELS 


(For description of steels see Table 1. In all cases standard AST M specimens 
were used being 0.505 in. diam and 2-in. gage length.) 


accompanied by an increase in ductility. The leaded steels are 
seen to have impact strengths that are of the order of 20 per cent 
greater than those for the corresponding nonleaded steels. While 
these results are in general agreement with previously published 
findings, they do not agree with reference (i4), where it was re- 
ported that both impact strength and ductility were lowered by 
additions of lead. 


Hicu-Sreep PHoTroGRAPHs 
The high-speed photomicrographs of Figs. 4, 6, and 7 clearly 
show the influence of free-machining lead upon chip formation. 
These pictures were taken with a microscope-camera combination 
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while cutting, using a high-speed flash tube developed by Profes- 
sor Edgerton at M.I.T. The duration of the flash was but a few 
microseconds thus enabling sharp photomicrographs of the sur- 
face of the highly polished workpiece to be obtained at all cutting 
speeds. The arrangement of tool and specimen was as shown in 


Fig. 3, the diameter of the workpiece being about 2 in. in each 


- 


micROSCOPE 
AND CAMERA 


Fic. 3 ARRANGEMENT oF Toot, Specimen, AND CAMERA FOR OB- 
TAINING HicH-Speep PHoTomicroGRAPHS WHILE CUTTING 


CHIP THICKNESS 
RATIOS 


CUTTING SPEED 
10 fpm 
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LEADED STEFF 


Fic. 4 Puoromicrocrapas or NONLEADED aND LEADED Steers OstTainep 


Hieu-Speep 
x40; rake angle, 15 deg; feed rate, 0.008 ipr; cutting fluid, none. 


added, respectively—see Table 1 for 


Tool material, T-15 HSS. 
teels Nos. 5 and 6 are resulphurized, low-carbon, open-hearth steels without and with lead 
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case. For all pictures shown here the rake angle was 15 deg and 
the feed rate was 0.008 in. per revolution (ipr). 

In Fig. 4 the improvement obtained by use of lead can be seen 
at a glance hy comparing the chip thicknesses in the two series of 
pictures for identical steels with and without free-machining lead 
The relative chip thicknesses are expressed quantitatively in the 
chip-thickness-ratio values given in Fig. 4; the greater this ratio, 
the thinner the chip and hence the better the cutting conditions. 
In all cases the leaded-steel chips are thinner than the correspond- 
ing nonleaded-steel chips indicating a smaller shear surface and 
hence less energy is required to form the chips. Both steels are 
seen to give thinner chips as the cutting speed is increased from 
the lower values. This is due to the decreased tendency for strong 
welds to form between the high points on chip and tool at the 
higher cutting speeds, 

The nonleaded-steel chips (steel No. 5) are seen to intersect the 
uncut surface in a more or less sharp manner as in Fig. 5(a), indi- 
cating that shear strain is confined to a rather narrow band 
ABB’. On the other hand, the leaded steel (steel No. 6) appears 
to shear over a wider zone, particularly at the higher cutting 
speeds, as shown in Fig. 5(6). The increase in the volume ABB’ 
over which strain occurs should tend to decrease the cutting energy 

per unit volume u, as a consequence of the 
size effect. This suggests that part of the 
benefit associated with the use of lead may be 
attributable to an increase in the volume 
undergoing shear at any one time and not 
only due to a reduction of friction between 
chip and tool. 

Unlike a cutting fluid, lead is seen to be 
effective in improving chip formation to the 
highest speeds. The added improvement ob- 
tained when lead is incorporated into a re- 
sulphurized steel accounts for the fact that 
practical cutting speeds may be in the range 
from 300 to 350 fpm for a leaded, resulphur- 
ized steel that would give the same HSS tool 
life at from 200 to 250 fpm when no lead is 
present. 

Similar high-speed chip photographs are 
shown in Fig. 6 for steels Nos. 7 and 8 which 
have a higher sulphur content. Again the 
added lead is seen to be beneficial to chip 
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decreased when cutting with lower friction and hence 
lower forces. It is the real shear stress and the real 
area of contact that are responsible for welding between 
chip and tool, and, since these are both less, the tend- 
ency for metal transfer will be less when cutting with 
decreased friction. 

It therefore may be concluded that the greater curl 
that is evident in lead-containing chips is a good sign 
and indicates lower tool-face friction and generally 
better cutting conditions from the standpoint of sur- 
face finish. If the chips tend to curl tightly as they 
generally do with a leaded steel, chip curl can be of 
further significance; i.e., with regard to chip disposal. 
It is observed that there is a significantly greater tend- 
ency for leaded steel chips to break naturally owing to 
their greater tendency to curl than is the case for non- 
leaded chips. 

The photographs in Fig. 7 show that lead is not only 
effective when added to a low-carbon resulphurized steel 
but can be equally useful with alloy steels. 


NONLEADED AND LeapEep 


TURNING EXPERIMENTS 


(X40; rake angle, 15 deg; feed rate, 0.008 ipr; cutting fluid, none. : . 3 
T-15 HSS. Steels Nos. 7 and 8 are highly resulphurized, low-carbon, open-hearth From the practical point of view the performance of 
steels without and with lead added, respectively—see Table 1 for detailed specifica- . 

ti leaded low-carbon steels in the speed range from 100 to 


ions.) 


formation at all speeds. By comparing the photographs of steels 
Nos. 5 and 7 it is evident that while the additional sulphur in 
steel No.7 is quite effective at 90 fpm, it appears to be less effec- 
tive at higher speeds (above about 200 fpm). The same observa- 
tion can be made when steels Nos. 6 and 8 are compared. Here 
the additional sulphur is seen to be most effective at 90 fpm but 
to have little effect on chip formation at 230 and 265 fpm. 

The leaded-steel chips in Figs. 4 and 6 are seen to have greater 
curl than the corresponding nonleaded-steel chips and hence a 
smaller apparent area of contact between chip and tool. An in- 
crease in chip curl is found to accompany a decrease in the tool- 
face friction force as produced, for example, by a good cutting 
fluid. At the same time, the chips produced with decreased fric- 
tion are found to be thinner and consequently the force between 
chip and tool will be less. The mean shearing stress along the 
tool face will therefore tend to decrease when tool friction is de- 
creased owing to the decrease in the friction force, but will tend 
to increase because of the accompanying decrease in the apparent 
area of contact. Since the change in area is usually greater than 
the change in friction force we have the rather paradoxical result 
that the shearing stress along the tool face actually increases 
when cutting conditions are improved, as by use of a good cutting 
fluid or free-machining additive. Why then is it so desirable 
from the standpoint of surface finish that we cut with low friction 
between chip and tool? The answer may not be given in a word 
for there are several reasons: 


1 The increased apparent shear stress (based on the apparent 
area) is valuable in decreasing the tendency for a BUE to form 
and hence is useful in providing improved surface finish. The 
higher apparent shear stress will keep the tool point swept clear of 
adhering metal. 

2 A decrease in friction between chip and tool is always ac- 
companied by a decrease in the total energy per unit volume u, as 
well as in cutting forces. 

3 The higher apparent shear stress does not mean that the 
shear stress based on the real area of contact is higher. This is 


actually less since the ratio 


Real area of contact 
_ Apparent area of contact 


STEEL NUMBER 


STEEL NUMBERS 


pep 4140 


INLEA 


PHOTOMICROGRAPHS OF N 
Ostarnep Usinc Hicu-Sreeep Fiasn Tuse 
(X40; rake angle, 15 deg; feed rate, 0.008ipr; cutting fluid, none. Tool ma- 
terial, T-15 HS Specimens 3 and 4 are 4140 steels without and with lead, 
respectively—see Table 1 for detailed specifications.) 
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300 fpm is of primary interest, and turning tests covering this 
range of cutting speeds will now be considered. Owing to the in- 
creasing use of low-carbon leaded steels in automatic screw ma- 
chines and turret lathes, machining conditions most common to 
these applications were chosen for the bulk of the tests. These 
include high-speed-steel tools with rake angles in the vicinity of 
plus 10 deg, resulphurized low-carbon steels both with and with- 
out lead, speeds in the vicinity of 250 fpm, light feeds in the 
finishing range from 0.002 to 0.010 ipr, light depths of cut in 
the finishing range from 0.02 to 0.10 in., and oil- and water-base 
cutting fluids. A few test results also are included for carbide 
tools and alloy-steel workpieces mainly to illustrate the versatil- 
ity of lead in steel. Before considering these data, it would ap- 
pear advisable to discuss briefly the difficulties involved in lathe 
testing, criteria available for use in making an evaluation of this 
sort, and the test procedure that was adopted in the present 
study. 
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it difficult to obtain representative and reproducible data when 
making a series of tests in which a single quantity such as cutting 
speed is varied. These are the BUE and the difficulty of grinding 
tools that give identical results. The BUE, if present in large 
size, gives data that vary randomly as the size of the BUE 
changes, and this makes it difficult to ascribe a representative 
value to a given set of test conditions. The BUE is most trouble- 
some in those tests, involving low cutting speeds, large feeds, low 
rake angles, and for work materials, tool materials, and atmos- 
pheres that have a strong tendency to promote weld formation. 
Whenever possible it is preferable to evaluate a cutting parameter 
under conditions that give the smallest BUE. While the steels 
used in the present study are far from the worst encountered from 
the standpoint of BUE, nevertheless the test conditions have been 
chosen so that this difficulty will obscure the results as little as 
possible. 

When a number of supposedly identical tools are prepared 
with careful control of grinding conditions, they frequently will 
yield cutting-force and temperature data that vary considerably. 
A few tools of a batch will deviate significantly from mean per- 
formance. The action of a given tool also will change as the tool 
wears. In order to minimize these difficulties it is best to pre- 
select the tools to be used by testing them under a standard set of 
conditions to make sure they give results close to the mean of the 
batch and then obtain the data with as little cutting and hence as 
little wear on the tools as possible. 

Whenever a newly sharpened tool is put into service, the data 
for the first fraction of an inch cut will show a rapid variation fol- 
lowed by a gradual trend that accompanies normal wear. It is 
therefore advisable to precondition all tools by cutting a small 
amount before taking data so that the initially rapid (although 
small) breakdown period is not included in the recorded data. 

In all tests described in this paper the work materials were cut 
in close succession since the work material was the variable of 
major interest. Specimens 2 in. in diam by '/2 in. wide were ar- 
ranged on a mandrel, as shown in Fig. 8, where the numbers refer 
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Fic. 8 ARRANGEMENTS OF SPECIMENS ON MANDREL 
FOR COMPARISON OF CUTTING CHARACTERISTICS OF 
LEADED AND NONLEADED FREE-MACHINING STEELS 


to the steels tested (see Table 1). A single pass across the assem- 
bly thus yielded two sets of values for each steel tested with negli- 
gible tool wear between tests. By comparing values for identical 
tests it is possible to ascertain whether a BUE is causing erratic re- 
sults, in which case additional cuts can be made. A cut of '/¢ in. 
duration is far more than necessary to achieve temperature and 
force equilibrium and yet little enough that many tests can be 
made with the same tool without any measurable change due to 
wear. When a check test under standard conditions indicated 
a noticeable change in forces or temperature, the tool was re- 
placed by one that had been preconditioned to give mean standard 
values. By use of these precautions it is possible to obtain cutting 
data that are representative and which show most clearly the effect 
of the main variable of interest, which is work material in the 
present study. 

Jn all turning experiments to be described the tool angles were 
as follows in accordance with the standard American Standards 
Association notation (17): 


0, 10, 5, 5, 5, 0, 0.005. 


Whenever a change in rake angle is mentioned, the side-rake angle 
is the one referred to. 


Results of Tests. Results of tests using tools with different rake 
angles are shown in Fig. 9 for steels Nos. 5, 6, 7, and 8 cut at two 
cutting speeds (200 and 350 fpm). The energy per unit volume u, 
and the friction force F, are not good quantities to observe when 
studying the influence of rake angle, since an increase in rake angle 
is usually accompanied by a monatonic decrease in these quanti- 
ties. The mean tool-face temperature is a better variable to ob- 
serve in this case. For steels Nos. 5 and 7 that contain no lead, the 
best rake angle is seen to be 5 deg at 200 fpm but 15 deg at 350 
fpm. The leaded steels are much less sensitive to changes in rake 
angle, as was pointed out in a previous publication (16). For 
leaded steels Nos. 6 and 8 there appears to be a weak optimum with 
regard to @, at a = 5 for a cutting speed of 200 fpm, but best re- 
sults are obtained with a 15-deg tool at the higher cutting speed 
(350 fpm). 

The observation that the optimum rake angle shifts to larger 
values as the cutting speed is increased is in agreement with gen- 
eral workshop practice. The influence of increased speed upon 
tool temperature is largely offset by the smaller cutting energy 
associated with a larger rake angle and the fact that at higher 
cutting speeds a greater proportion of the thermal energy leaves 
with the chip. The values of Fig. 9 clearly show that there is no 
justification for specifying a rake angle to closer than the nearest 5 
deg. In most of the tests to follow a rake angle of 10 deg was used. 

The rule, that the energy per unit volume u increases about 1 
per cent for each degree decrease in rake angle, is seen to be in 
general agreement with the values in Fig. 9. 

The two leaded steels Nos. 6 and 8 are seen to give lower values 
of u, F, and 8, in all cases than their nonleaded counterparts. The 
additional sulphur in steels Nos. 7 and 8 is seen to be less effective 
in decreasing u, F, and 6, at 350 fpm than at 200 fpm while the 
lead is seen to be most effective at the higher speed. ™ 
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its greater thermal conductivity while its rela- 
tively poorer performance at 300 fpm might re- 
sult from a tendency to soften (and hence to give 
higher friction) at elevated temperatures. The 
picture is little changed when a cutting oil is 
used. Inasmuch as less difference in results is 
obtained with changes in cutting speed with the 


T-15 material, this type of HSS was adopted for 
most of the remaining tests. 

Feed Rate. The influence of a change in feed 
rate upon the cutting characteristics of leaded 
and nonleaded steels is shown in Fig. 11. Feed 
rate is seen to have a large influence upon the 
leaded steels, the greatest improvement from 
lead being evident at the highest feed rates 
(compare changes in u and F for different values 
of t). Values of F were so variable when cutting 


leaded steels at the lightest feed and highest 


Fig. 10 Currine CHARACTERISTICS OF DirFrFERENT HSS Toot 
feed, 0.0044 ipr; depth of cut, 0.05 in.; cutting fluids, {a 


(Tool materials, M-2 and T-15 HSS; 


none, [b] cutting oil A; cutting speed, 200 and 300 fpm; work materials, steels Nos. 5, 6, 7, 


A comparison of two HSS tool materials is given in Fig. 10. 
Here it is evident that while the M-2 steel gives better results 
with regard to friction force F, and tool temperature 6,, at 200 
fpm, the T-15 tool performs better at 300 fpm. While the reason 
for these results is not certain, it would appear that the lower tem- 
peratures observed with the M-2 tool at 200 fpm might be due to 
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speed using the cutting oil that these data are 
not shown in Fig. 11(b). The reason for this dif- 
ficulty probably lies in the action of an oily fluid 
preventing lead from spreading over the surface 
of the chip. This action should be most pro- 
) nounced at high speed where sufficient tempera- 

ture to melt the lead is obtained and at light 
feed, which enables the oil to penetrate. The observation already 
made to the effect that lead becomes more beneficial with in- 
creased cutting speed can be verified in Fig.11. From the fric- 
tion-force data of Fig. 11 and data previously presented, it 
might be concluded that lead is most useful at high speeds and 
feeds, while sulphur is most useful at s} eds below about 200 
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fpm when using a 10-deg-rake-angle tool. Thus, while the addi- 
tional sulphur in steels Nos. 7 and 8 appears to be of little value 
in lowering F, u, or 6, in Fig. 11, this would not be the case for 
speeds below 200 fpm. 

A comparison of the data of Figs. 11(a) and 11(b) reveals that 
the improvement obtained from lead is far greater than that 
derived from the cutting fluid (see Table 3 also). 

COMPARISON OF TOOL-TEMPERATURE _V: JES 
WHEN CUTTING WITH AND WITHOUT FREE-MACH NG 
LEAD AND WITH AND WITHOUT A CUTTING FLUID 


(Depth of cut, 0.05 in.; feed, 0.008 ipr; cutting speed, 385 fpm; tool material, 
T-15 HSS; rake angle, 10 deg; cutting fluid, cutting oil A) 
No fluid, With fluid, Difference due 
deg to fluid, deg 
1070 30 
970 10 
100 oe 


TABLE 3 


Nonleaded steel 5 
Leaded steel 6 


Free-Machining Lead and Cutting Fluids. The relative per- 
formance of free-machining lead and cutting fluids is also shown in 
Fig. 12 for a different tool material. The influence of the cutting 
fluid upon the tool-friction force F is seen to be significant only at 
cutting speeds below about 150 fpm, while the influence of lead 
upon F is very important at all speeds. In this instance the oil- 
base fluid is seen to have a beneficial effect on F at low cutting 
speeds, whereas the water-base cutting fluid actually has a detri- 
mental effect at low speeds. At all speeds the magnitude of the 
lowering of F due to lead is seen to be far greater than that 
achieved with the cutting fluid. 
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(Tool material, M-2 HSS; depth of cut, 0.05 in.; feed, 0.0044 ipr; rake 
angle, 10 deg; work materials, nonleaded steel No. 5 and leaded steel No. 6.) 


Fig. 12 


While cutting fluids cease to have an influence on F in the vicin- 
ity of 150 fpm, they continue to influence 6, to higher speeds. 
From Fig. 12 it would appear that 6, would be decreased by use of 
the cutting oil to a speed of about 500 fpm while the water-base 
fluid might be effective in cooling the tool to a higher speed. On 
the other hand, there would appear to be no limit to the speed at 
which lead is effective in decreasing 6,, since the temperature 
curves for steels Nos. 5 and 6 are diverging. At 400 fpm the 
dry cutting temperature for the leaded steel is about the same as 
the temperature for the nonleaded steel when a water-base fluid is 
used. As we shall see presently, the use of a water-base fluid that 
does not prevent lead from spreading can lower the temperature 
of the leaded steel a significant amount by cooling just as the lead 
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lowers the temperature by decreasing F and, hence, by decreasing 
the amount of work done and the heat generated in cutting. The 
important observations to be made from Fig. 12 are: 

1 That while cutting fluids cease to be effective in decreasing 
F at about 150 fpm, lead continues to lower F at all speeds. 

2 Cutting fluids continue to play an important role in cooling 
the tool to speeds beyond where they cease to lubricate the tool 
face. 

3 That a cutting fluid can have a detrimental effect in the case 
of free-machining steels containing lead or sulphur by interfering 
with the action of these free-machining additives. 

It should be mentioned that the data of Fig. 12 are for M-2 HSS 
tools which have been seen to be more sensitive to changes in 
speed than T-15 HSS tools since this latter material has a flatter 
hardness versus temperature curve. When the results of Fig. 12 
are repeated using T-15 HSS tools, the same general picture is ob- 
tained except the F and 6, values vary less rapidly with cutting 
speed, 

Cutting results obtained using a large number of cutting oils 
and water-base fluids are given in Figs. 13 and 14. The following 
observations may be made from these data. 

1 At the higher cutting speed (275 fpm) where lead tends to be 
most effective, the friction force F is greater with all cutting oils 
in the case of leaded steel No. 6 than when cutting dry, and hence 
the cutting temperatures for this steel are only slightly less with 
the cutting oils. 

2 The friction force for leaded steel No. 6 is less when using 
water and certain water-base fluids (notably No. 6) than when 
cutting dry as are the corresponding cutting temperatures. 

3 Observations 1 and 2 hold to a lesser extent for resulphur- 
ized steels Nos. 2 and 5 but only at the lower speed (100 fpm). 


The foregoing observations are in agreement with results that 
have been presented already and may be explained readily in light 
of them. The oils have a detrimental effect on tool friction ap- 
parently since they tend to prevent the lead from spreading and 
hence acting as a lubricant. This effect is more pronounced at 
higher speeds where lead is normally most effective. The slight 
reduction in tool temperature that is obtained with cutting oils 
results from their cooling action being sufficient to slightly more 
than offset the poorer cutting performance reflected in the in- 
creased values of F obtained with the oils. These water-base ma- 
terials that are most effective apparently do not interfere with the 
spreading of lead. Since water is as effective as the best commer- 
cial water-base materials at the higher speed, it does not appear 
that the high-speed performance of the better fluids is due to any 
lubricating action. However, water-base fluid No. 6 gives better 
results than water at 100 fpm, and this probably results from the 
ability of the commercial additive to lubricate the tool face at this 
speed. The much lower cutting temperatures obtained with the 
water-base fluids are due both to the effect of these fluids on F and 
their capacity for cooling. The oils are found to have a detri- 
mental effect on F only at the lower speed for steels Nos. 2 and 5 
since the sulphur in these steels is effective in lowering F only in 
this lower speed range. Hence the fact that it is kept from spread- 
ing is only important at the lower speed. 

Lubrication Requirements. The foregoing cutting-fluid study 
reveals that the lubrication requirements for steels containing 
free-machining additives differ in an important way from those 
for other steels. In general, a cutting fluid or external lubricant 
is recognized as having two important functions. It should pro- 
vide a low-shear-strength layer at the chip-tool interface and at 
the same time cause heat to be conducted from the cutting point 
more rapidly. When a cutting fluid is used in conjunction with an 
internal lubricant such as lead or sulphur, it is extremely impor- 
tant that the two be compatible. The lubricant must not interfere 
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with the action of the internal lubricant by making it more dif- 
ficult for it to spread over the surface of the chip. 

Tests performed upon steels Nos. 1 and 2 that differ only in that 
one is annealed while the other is cold-drawn to a reduction in area 
of 6.1 per cent failed to show any significant difference in F, u, or 
6,. This is not felt to represent the general case, for cold-drawing 
of even this small amount can improve the machining properties 
of a very soft steel. 


ie In Fig. 2 physical properties for a leaded and nonleaded alloy 


steel (4140) are shown while high-speed chip photomicrographs for 
these steels are given in Fig. 7. The effect of lead is seen to be 
essentially the same for alloy steels as for resulphurized low-car- 
bon steels. The addition of lead is found to have a negligible in- 
fluence on the physical properties of the steel while the chip pic- 
tures reveal improved chip formation when lead is present in the 
steel. Fig. 15 shows representative cutting results for nonleaded 
4140 steel No. 3 and its leaded counterpart (steel No. 4). In all 
As pre- 
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cases the lead is seen to reduce the values of u, F, and 6,. 
viously noted for other steels, the effect of the lead is more pro- 
nounced at higher feed rates and at higher speeds. 
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The effect of lead in 4140 steel on surface finish was particularly 
pronounced. This is to be expected from the large reduction in F 
associated with the use of lead. However, the decrease in tem- 
perature (6,) was not as great as might be expected from similar 
results on steels Nos. 5 and6. This is probably due to the presence 
of a BUE on the tool when cutting the nonleaded 4140 steel. 
Whenever a BUE is present the measured temperature will be less 
than that actually existing at the tool point since the deposited chip 


metal will change the calibration of the chip-tool thermocouple in 
the direction of decreased sensitivity. Thus, it would appear that 
the decrease in cutting temperature that actually occurs when lead 
is present in the steel is largely masked by the tendency for the 
greater BUE in the case of the nonleaded steel to indicate a tem- 
perature that is too low. A large amount of BUE is evident in the 
photographs of Fig. 7 for the nonleaded steel but not for the 
leaded steel. The measured tool-temperature values (6,) provide 
a useful measure of tool performance only in the absence of large 
BUE and hence values of 6, must be used with some care. 

Chip-Thickness Ratio. The chip-thickness-ratio values were 
found to be less for the leaded steel than for the nonleaded steel, 
despite the fact that the finish and friction were far more favorable 
when lead was present. From this it would appear that the chip- 
thickness ratio is useful as a criterion of cutting performance only 
under certain conditions. The chip-thickness ratio ceases to be a 
reliable index of cutting performance whenever the chip is badly 
broken or a large BUE is present. In Fig. 7 the nonleaded steel 
chips are seen to be far less continuous than the leaded-steel chips. 
The greater ductility of the leaded 4140 steel enables the chips to 
remain perfectly continuous until fully formed, whereas the non- 
leaded chips rupture periodically before they can undergo the 
strain called for by the large friction force acting between chip and 
tool. Also, the presence of a large BUE increases the effective 
rake angle which in turn increases the chip-length ratio even 
though cutting conditions are less favorable. The comparisons 
that were made between the chip-thickness-ratio values for cuts of 
Figs. 4 and 6 are meaningful since in these cases all chips are com- 
pletely continuous and any BUE present is small. 

Carbide Tools. A larger number of tests made using carbide 
tools were found to check the general picture that has been pre- 
sented for HSS tools with one important exception. This has to 
do with the different friction characteristics of cemented carbide 
and HSS when each is caused to slide over steel. At low sliding 
speeds cemented carbide gives higher friction than HSS, but as 
the speed is increased the friction with carbide decreases more 
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rapidly than in the case of HSS. At speeds above about 100 fpm 
cemented-carbide friction becomes less than that obtained with 
HSS. This results in the cutting temperature being slightly higher 
with carbide tools at low cutting speeds, but significantly lower 
than for HSS at high speeds. Cutting temperatures are shown 
for three pairs of leaded and nonleaded steels cut at different 
speeds and feeds in Fig. 16. Here it is evident that the lead be- 
comes more effective with increased feed or increased speed. 
The leaded-steel curves cross the nonleaded-steel curves for the 
4140 steels at low speeds owing to the presence of a large BUE 
with the nonleaded 4140 at low speeds. As already mentioned, 
this is not to be interpreted as indicating larger temperatures for 
the leaded steel cut at low speed but rather as an indication that a 
BUE is falsifying the nonleaded-steel temperature values in this 
region. That this is so may be checked by noting that the values 
of F were actually considerably less for the nonleaded steel in the 
low-speed region. 

The item of particular interest in Fig. 16 is the fact that steels 
Nos. 7 and 8 show considerably lower temperatures than steels 
Nos. 5 and 6, at speeds far above 200 fpm. Previously it was 
found with HSS tools that sulphur ceased to be effective in de- 
creasing F, u, and 6, at about 200 fpm. For a 10-deg HSS the 
temperature corresponding to a speed of 200 fpm is found to be 
about 900 F. Since all temperatures in Fig. 16(b) are below this 
value despite the fact that speeds in excess of 400 fpm are con- 
sidered, it would appear that time is not the item that limits the 
effectiveness of sulphur in lowering F, u, or 6, but rather tem- 
perature. It is now clear why sulphur appears to be more 
effective in decreasing F, u, or 6, at light feeds than at heavy feeds 
when the cutting speed is in the vicinity of 200 fpm for a HSS 
tool. Here the temperature falls below the critical value for low 
feeds but above for high values of feed. 

An observation that follows from the foregoing picture is that 
sulphur should be expected to be most effective in providing good 
finish for alloy steels such as AISI 4140 and tool steels at low cut- 
ting speeds and feeds. At a feed of 0.0116 ipr, AISI 4140 steel is 
seen to reach the critical temperature (900 F at a speed of but 70 
fpm when the carbide tool has a rake angle of 20 deg [see Fig. 
16(c)}. Unlike sulphur, lead is not found to be temperature 
limited and a distinct advantage should result at all speeds from 
adding lead to alloy steels. 
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It should be emphasized that the foregoing conclusions relate 
to the quantities F, u, and 6, While these quantities directly 
reflect changes in finish to be expected, great care must be exer- 
cised in inferring changes in tool life based on such quantities. 
Values of F, u, and 6, correlate quite well when no BUE is present, 
but the presence of a BUE can lead to incorrect conclusions based 
on these quantities. 

An example of this sort of difficulty is presented in Fig. 17. 
Here, the development of the wear land on the clearance surface of 
T-15 HSS tools is shown plotted against cutting time in minutes 
for steel No. 6. The cutting conditions are identical to those 
used in Figs. 13 and 14 except for cutting speed which was 300 
fpm. By comparing the dash lines from Figs. 13 and 14 for the 
three fluid conditions of Fig. 17 for steel No.6 it is evident that 
these fluids might be rated in order of dec reasing u, F, or 
follows: 


1 Commercial cutting oil A. 
2 Dry tool. 
3 Three'per cent soluble fluid F in water. 


The last two conditions are seen to be interchanged in the two 
lists. When values of surface roughness were observed they were 
found to be in accordance with the first order given previously, 
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(Rake angle, 10 deg; feed, 0.0044 ipr; de a of cut, 0.05 in. 
leaded steel No. 6; cutting speed, 300 fpm; 


work material, _ 
cutting fluid, as noted.) 


the water-base fluid giving the best results. There was cf 

evidence of greater BUE for the tool cutting dry than for that ‘ 
used with the water-base fluid. The only explanation for this: , 
result that can be offered is that the larger BUE present on the dry 
tool protected this tool from wear and thus increased tool life. 

The foregoing result also was experienced in an actual produc- ‘ 
tion test, where it was found that the tool life when cutting steel 
No. 6 with water-base fluid F was not improved over dry cutting _ 
as might have been expected from the decrease in F, u, and 6, 
evident in Figs. 13 and 14. re 

Thus, it is important to keep in mind that the conclusions of | 
this paper relate only to the quantities measured (F, u, and 6,). 
While surface finish has been found to improve when these quan-— j 
tities decrease, it is not safe to assume that an improvement in - 
tool life also follows directly. What happens to tool life as a con- 
sequence of adding lead or sulphur to steel can only be ascertained 
by tool-life tests and this is a subject for future research. 

The observation that an increased sulphur content in steel is 
beneficial in production operations carried out at all speeds is not 
necessarily inconsistent with the finding here that sulphur is 
effective in lowering F, u, or 6, only at cutting temperatures below 


improving tool life. The fact that F (or surface finish) is not de- — 
creased by additions of sulphur for high wane — is of little 


such speeds. 
the workshop. 
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Discussion 


F. W. Bovurcnr.* This article was read with great interest 
particularly because the first leaded free-cutting steels were made 
and tested at Battelle in 1936. At that time no effort was made 
to investigate the mechanism by which lead improved machin- 
ability. The authors’ careful study presents considerable evi- 
dence indicating that lead acts as an internal lubricant which 
lowers tool-chip interface temperatures. 

Although they do not emphasize the point, the authors men- 
tion that sulphide inclusions also function as internal lubricants. 
Therefore, it is a little surprising to find that sulphur was less 
effective at high speeds. Perhaps the failure to find benefits from 
the higher sulphur contents of steels Nos. 6 and 8 compared to 
steels Nos. 5 and 7 was influenced by the order in which they were 
tested. Fig. 8 indicates that test cuts were made on both of the 
higher sulphur steels before the lower sulphur steels were ma- 
chined. Sometimes, the performance of a specimen in a machin- 
ing test is influenced by the effect of the preceding sample on a 
cutting tool. It is conceivable that the practice of cutting the 
higher sulphur steels first left some “lubricant’’ on the tool and im- 
proved the performance of the lower sulphur steels tested subse- 
quently. We have encountered such effects of “‘heredity’’ in 
constant-pressure tests and in radioactive tool wear tests. For 
this reason, and as a matter of policy, it would be helpful if 
the authors would say whether they made more than two measure- 


* Chief, Ferrous Metallurgy Division, Battelle Memorial Institute, 
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ments in their tests and give estimates of the range in replicate 
measurements of “u,’’ “F,”’ t/t,, and 6, Without this infor- 
mation it is difficult to evaluate the significance of the data. 

Because the ductility and Charpy values of the leaded samples 
were particularly good, it would be desirable to know whether the 
compositions listed in Table 1 are for the bars tested or represent 
averages for entire heats. 

The last sentence of the section on Lubrication Requirements is 
intriguing. Do the authors have any evidence that the effect of 
cold work on machining properties depends on the original hard- 
ness of the steel? It has been established reasonably well that 
certain amounts of cold work improve the machining properties 
of some materials. In the case of steels, one might expect the 
effect to vary with the amount of cold work, the composition of 
the steel, and the prior heat-treatment. 


E. 8. Nacurman.’? The importance of metal removal methods 
in our economy cannot be over emphasized. Techniques for im- 
proving the quality of the machined product with respect to sur- 
face finish and dimensional accuracy as well as those for ac- 
celerating productivity of the metal removal process are of ex- 
treme importance. The discusser would like to comment on just 
a few points brought out in this paper. 

The importance of a built-up edge in protecting the tool so as to 
give better tool life has long been recognized. However, the built- 
up edge results in an inferior surface finish. The addition of lead 
to steel makes possible excellent tool life at speeds where the 
built-up edge does not persist so that excellent surface finishes 
are obtainable. As has been pointed out, however, tool wear 
does not always occur on the tool edge; it may occur in different 
areas of the tool. Where wear is initiated depends upon a number 
of factors. Investigation of the factors responsible for wear loca- 
tion would be profitable to all of us concerned with the machining 
of steel: 

A second important concept discussed in the paper is that deal- 
ing with the relationship between additions to steel which improve 
the cutting characteristics of the steel and externally applied 
cutting fluids. Further investigation of this relationship should 
prove interesting. 

I believe that this paper will stimulate some new approaches 
directed toward improving the efficiency of metal removal proc- 
esses, 

Autuors’ CLOSURE 


As Mr. Boulger states, it appears that the chief role of the lead 
particles in a leaded steel is to act as an internal lubricant which 
decreases the tendency for the chip to adhere to the face of the 
tool. This is consistent with the observation that a thin layer of 
lead deposited on a steel surface significantly decreases the 
coefficient of sliding friction observed when a second steel speci- 
men slides over the coated surface. 

While the subject of this paper concerns lead rather than sul- 
phur, the authors did mention the commonly held view that 
sulphur in the form of manganese sulphide also acts as an in- 
ternal lubricant. However, since writing this paper, the authors 
have performed a simple friction experiment in which manganese 
sulphide was introduced as a lubricant between steel surfaces. 
It was found that the character of the manganese sulphide was 
not that of a lubricant, but instead caused a marked increase in 
the coefficient of friction over the value for dry surfaces. The 
authors should, therefore, like to take this opportunity to put 
forth the view that the role of sulphur in a free-machining steel is 
not that of a lubricant but just the reverse, tending to provide 
more points of stress concentration in the steel and promoting 


7? Research Director, Product Engineering Laboratory, LaSalle 
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rather than lessening the tendency for a built-up edge to form. 
This should not, however, be taken to mean that the presence of 
sulphur is detrimental to machining, for the tendency of an in- 
creased sulphur content according to the new view is to improve 
finish at low cutting speeds and to improve tool life at high 
cutting speeds. Details of this matter are beyond the scope of 
this paper and will be presented in a later paper with supporting 
data. 

To answer Mr. Boulger’s question concerning the properties of 
Table 1, they are averages for the heat of steel from which all bars 
were taken. 

For each machining operation there appears to be an optimum 
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workpiece hardness both with regard to surface finish and tool 
life. If the workpiece hardness is beyond the optimum then © 
additional cold work will lead to poorer results and vice versa. 
In the case of very soft low-carbon steels it appears impossible to 
get the metal too hard from the standpoint of either surface 
finish or tool life. 

We agree with Mr. Nachtman that a built-up edge can some- 
times protect a tool from wear and extend tool life although this 
view is not shared by all workers in this field. It appears that 
the protection offered by the built-up edge is of most importance . 


at intermediate cutting speeds where crater formation is usually 
not excessive. 
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The force relationships obtained in the machining of a 
series of low-carbon open-hearth steels containing various 
_ amounts of sulphur from 0.025 to 0.250 per cent were in- 
_ vestigated in a constant-pressure lathe and in a conven- 

tional lathe. A wire-resistance, strain-gage dynamometer 
was used to measure the forces acting on a high-speed tool 
_ for various cutting conditions. In the constant-pressure 
- test, sulphur additions increased the feed obtained with a 
ie thrust load. The addition of sulphur reduced the 


forces acting on the tool for equivalent feeds in both test 
lathes. Theoretical calculations disclosed that the effec- 
tiveness of increased sulphur contents results from de- 
creased friction between the chip and the tool and from an 

accompanying reduction in strain during chip formation. 
The decrease in friction and strain reduced the work re- 
quired for removal of a unit volume of metal during ma- 
-chining. Shear stress was not a direct function of sulphur 
content, but generally decreased with feed. Results of 
lathe tests generally corroborated those ob- 


_ tained in the constant-pressure lathe. 
: A ting is essential for an understanding of the properties of a 
; meta] that are responsible for its performance in machin- 
ing operations. Force determinations together with chip meas- 
urements provide the necessary data from which the mechanical 
- quantities that affect machinability can be determined. When 
“the controlling material properties are known, the problem of im- 
_ proving machinability can be approached more rationally than if 
_ purely empirical data must be relied upon. 
; In view of the beneficial effect of sulphide inclusions on machina- 
<<: bility (1)* the effects of sulphur content were studied. Force 
relationships were investigated in a constant-pressure lathe as 
well as in a conventional lathe. The constant-pressure lathe has 
been used extensively for evaluating the machinability of low- 
carbon free-cutting steels (2 to 4). Machining in this lathe dif- 
_ fers from normal machining processes in that the feed is not fixed, 
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Force Relationships in the Machining of 
Low-Carbon Steels of Different 
Sulphur Contents 


but is dependent upon the lateral force exerted on the tool as well 
as upon the resistance of the workpiece to tool penetration. The 
tests in the conventional lathe were conducted in order that force 
relationships could be determined for machining with predeter- 
mined feeds. It should be pointed out that one of the objectives of 
the present investigation was to obtain a clearer understanding of 
the factors influencing results in the constant-pressure lathe test. 


Streets TesTEep 


Mold additions of sulphur were made during teeming of a low- 
carbon open-hearth heat. The compositions of test bars from the 
series of steels obtained are shown in Table 1. Representative 
photomicrographs illustrating the inclusion characteristics of the 
steels are shown in Fig. 1. The photomicrographs show the in- 
crease in the number of manganese-sulphide inclusions with in- 
creasing sulphur content. Billets from the heat were hot-rolled 
to 7/,-in-diam bars which were rough-machined to 0.86-in-diam 
rounds for testing. 


TABLE 1 C OF */s-IN-DIAM ROLLED 
ARS USED FOR EXPERIMENT 

Beat Melting Per Cent 

Ro. Identification Process P 

125477 u-18 Open Hearth 0.15 0.79 0.009 0.025 0.005 
0.79 0.008 0.092 0.003 
U-20 0.13 0.78 0.008 06.190 0.001 
0.16 0.78 0.007 0.250 0.002 


Test bars vere from middle billets 
rolled from successive ingots. 


EXPERIMENTAL PROCEDURE 


A wire-resistance strain-gage dynamometer was used for meas- 
uring the vertical (cutting) and lateral (thrust) forces acting on 
the cutting tool in the experiments conducted on both the con- 
stant-pressure lathe and the conventional lathe. The dynamome- 
ter is similar to one that was developed by Loewen, Marshall, and 


Shaw (5). High-speed tools having the geometry shown in Fig. 2 
were used for the tests. In al] cases a '/;-in. depth of cut was 
taken. 


Constant-pressure tests were made on the bars of each sulphur 
level at cutting speeds of 78 surface feet per minute (sfm) and 202 
sfm with hanger weights of 3, 5, 8, and 12 lb. Tests also were 
made on these bars in the conventional lathe at a cutting speed of 
79 sfm with feeds of 0.0022, 0.0039, and 0.008 inch per revolution 
(ipr). All tests were made without a cutting fluid. 

An individual constant-pressure test comprised 1 in. of lateral 
tool travel, and at least three such tests were made for each cut- 
ting condition. The series of steels were tested as a group and the 
order of machining each steel was varied systematically in the 
three test groups. A similar procedure was followed for experi- 
ments conducted in the conventional lathe. 

Chips formed during cutting were collected for microscopic 
examination and classification. Photomicrographs illustrating 
the types of chips obtained are promatedt in Fig. 3. ins at 
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(b) U-19 0.09% S 


(c) U-20 0.19% S U-21 0.25% S 
Fig. 1 Typicau Sutpuipe INcLusions 1n Lonaituprnat Sections oF Specimens Havine 
DirreRENT SULPHUR ConTENTS, UNETCHED X100 
are from another low-carbon steel, but are typical of those ob- 


tained in this investigation.) Representative chips were straight- wr 


Poy, 
ened and at least 5 in. of chips were measured and weighed ac- | 


curately in a balance. The average chip thickness was then cal- 


culated from the known density of the material. Side cutting-edge angle 
The force measurements and chip thicknesses observed for the SIDE VIEW 

various steels and cutting conditions were used to calculate 

the mechanical quantities affecting machinability according to the _ Fic. 2 SHare oF THE Hicu- 

theory of metal cutting developed by V. Piispanen (6) and inde- Als 


pendently by M. E. Merchant (7). Merchant’s methods (7 to9) reliet anole J 
are described elsewhere and consequently they will not be dis- 
cussed in detail in this paper. FRONT VIEW Length = 3.00" 


The analysis developed by Merchant for orthogonal cutting is 
based on machining conditions for which a continuous chip with- ‘s — 
out a built-up edge is formed. Merchant found by experimenta- 2 ice, RAD ; 
tion, however, that if a built-up edge is small compared to the "Wikies 6 


thickness of the chip only a minor error is introduced. Moreover, 
the analysis can be used to give approximate data even when a F = friction force between chip and tool 


discontinuous chip is formed. Furthermore, as shown in Tables 2, F, = cutting force; force component acting in direction i: 
: 3, and 4, most of the chips obtained in this experiment were con- motion of tool relative to workpiece on 
— 4 tinuous or continuous with a slight built-up edge. In two tests F, = thrust force; force component acting in direction per- y by - 
some partially discontinuous chips were formed, Table 2. The pendicular to F, as 
machining conditions used for this project approximate or- r, = cutting ratio; ratio of thickn ss of “chip” material be- | 


thogonal cutting (10). fore removal to thickness of chip 
Nomenclature. The following nomenclature is used in the S, = mean shear stress on shear plane 
representation of forces and other mechanical quantities in this W, = work used in overcoming friction between chip and tool 
per unit vetume of metal remov ed 
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A. Partielly discontinuous chip (Type 1-P). 


ky Le 
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work de i ari a it v al TABLE 2 HARDNESS AND MICROSCOPIC CLASSIFICATION OF 
shearing of metal per unit volume of meta AT 1 
emove 


Sulphur Hanger Average 
total work of cutting per unit volume of metal removed Content, Weight, Natural Knoop Microscopic 


oblique rake angle of tool measured in plane perpendicu- BEE Feeds Hardness 
lar to its cutting edge = true rake angle for orthog- I 0.083 3 
onal cutting 0.092 2.38 227 Type 2 

shearing strain undergone by chip during process of 0.190 . 0.00183 2.45 
formation 0.00180 

dynamic coefficient of friction between sliding chip and 
tool face 0.00118 4.70 

friction angle = arc tan 0.00209 2.35 

shear angle; angle between shear plane and surface ; 0.00067 2.25 
being generated measured in plane perpendicular to 
cutting edge of tool 

cross-sectional area of chip before removal from work- 
piece 


0.00073 5.82 253 Type 2 


0.00268 


Types 1-P 


The mathematical relationships developed by Merchant are as atts 


follows 


0.0054 


0.0059 
e = cot @ + tan (¢ — a) 


F,+F, tana 


. Type 1-P - Partially discontinuous 
2 ~~ Continuous vithout e built-up edge 
Continuous with built-up edge 
" 3-0 - Continuous with occasional built-up edge 


‘i 
OW, 
a: 
: 
an 
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A 
- 
.03 276 Type 3 
3 and traces 


Ao 


F sing 
Ao cos (¢ — a) 


W.=W,+W.= 


420 


In addition to the foregoing quantities Merchant (9) has 
derived the following expression relating @, 7, and @ 


where C is the angle whose cotangent is the slope of the curve re- 


lating shear strength to compressive stress normal to the shear 
plane. 

The equation is derived by assuming that the shear angle @ is so 
oriented that the work of cutting is a minimum, and that shear 
strength increases with increased normal stress on the shear plane. 
While it is known that fracture strength increases with increased 
normal pressure, a similar effect on shear strength has not been 
generally established. Shaw and his co-workers (11, 12) have 
questioned the validity of the concept expressed by C in the fore- 
going. 

RESULTS AND Discussion 


Chip Characteristics. At the cutting speed of 78 sfm and a 
hanger weight of 3 lb, the chips from all the steels in this series 
were continuous and did not show evidence of a built-up edge, 
Table 2. Increasing the thrust load by use of a 5-lb hanger 


‘weight resulted in the formation of a built-up edge except for the 


steel of lowest sulphur content. When thrust forces of 8 and 12 Ib 
were used, some partially segmented chips were observed in tests 
at feeds of 0.0033 ipr and 0.0059 ipr. The formation of a built- 
up edge appeared to be a function of feed rather than of sulphur 
content at this cutting speed. The data indicate that at 78 sfm 
a feed of about 0.002 ipr is the limiting feed above which a built- 
up edge is formed in these steels in dry cutting. The Knoop 
hardnesses showed little tendency to increase with increased strain 
in the chips. 

Tests conducted at 202 sfm also disclosed that continuous chips 
were obtained for the steels studied, Table 3. Again, increased 
feeds resulting from increased thrust forces resulted in the ap- 
pearance of a built-up edge. 
up edges formed at lower feeds than at 78 sfm. This behavior is 
believed to be caused by an increase in friction at the tool-chip 
interface with the higher speed as will be discussed in a subse- 
quent section. The hardnesses of chips formed at 202 sfm in- 
creased slightly with strain but were not much different, at 
equivalent strains, than those obtained at 78 sfm. 

The chips formed at a cutting speed of 79 sfm in the conven- 
tional lathe were similar to those obtained in the constant-pres- 
sure test at equivalent feeds, Table 4. The hardness of these 
chips exhibited little tendency to increase with increased strain. 

Analysis of Cutting Data. In the constant-pressure test the 
feed obtained is a function of the applied thrust load. Because 
of differences in cutting characteristics, different steels do not 
provide the same feed when cut with equivalent loads. Moreover, 
it has been shown by several investigators (13 to 15) that some of 
the mechanical quantities affecting metal cutting and machina- 
bility vary with feed for a given steel. For these reasons it is 
desirable to evaluate the measured and calculated properties in 
terms of feed in the constant-pressure test. Graphs were there- 
_ fore prepared relating the mechanical properties to the feed pro- 


_ duced by various thrust loads. 


At this higher cutting speed, built-. 


TRANSACTIONS OF THE ASME 


TABLE3 HARDNESS AND MICROSCOPIC CLASSIFICATION OF 
CHIPS IN CONSTANT-PRESSURE TESTS AT 202 SFM 
Sulphur Average 
Content Natural 
per_cent Strain 


0.025 


Microscopic 
Classification*® 


Knoop 
Material Hardness 
0.092 
0.190 


0.250 


Types 2 and 3-0 
Type 3-0 = 
Type 3-0 

Type 3 


5.10 Types 2 and 3-0 
4.15 Types 2 and 3-0 
3-90 Type 3-0 

3-40 


2 - Continuous without a built-up edge 
3 - Continuous vith a built-up edge 
3-0- Continuous with occasional built-up edge 


TABLE 4 HARDNESS AND MICROSCOPIC CLASSIFICATION 
OF CHIPS IN CONVENTIONAL-LATHE TESTS AT 79 SFM 


Sulphur Average 
Content, Nature] 


per_cent Feed, ipr Strein 
0.025 0.0022 3.66 


Microscopic 
Classificetion® 


Type 3 
Type 3-0 
Type 3 


Knoop 

Material Bardness 
0.092 2.64 
0.190 2.29 
3-76 


4.32 
2.42 
3-54 
3.40 


308 
326 
305 
328 
287 
307 
264 


5-08 
3-54 
3.26 


3-12 


* Type 2- Continucus without a built-up « 
Type 3 - Continuous with a built-up 
Type 3-0 - Continuous with occasional built-up edge 


The effect of increasing sulphur content on the feed obtained in 
the constant-pressure test for different thrust forces is shown in — 
Fig. 4. As would be expected, increasing the sulphur content — 
generally resulted in heavier feeds at both cutting speeds; the | 
two steels containing the highest amounts of sulphur exhibited _ 
approximately equivalent feeds, except at the highest thrust force 
where the highest-sulphur steel exhibited the highest feed. Lower 
feeds were obtained at 202 sfm than at 78 sfm. The increase in 
feed with thrust force caused the cutting forces to increase. 
This effect is shown in Fig. 5. For a given thrust force the cutting 
force is less at 202 sfm than at 78 sfm. This effect is largely a 
result of the lower feeds obtained at 202 sfm. 


Cutting force is shown as a function of feed in Figs. 6(a) and — a 7 
The cutting force for 


6(b) fe for involved. 


sin cos — F, sin? 
u-18 5 0.00090 5.69 314 Type 3-0 
> 
U-19 0.092 ° 0.00136 4.05 302 Type 3 
> 
u-21 0.250 0.00176 3.94 297 Type3 
v-19 0.092 0.00208 293 7 
7 U-20 0.190 0.00280 4.1 279 
v-18 0.025 0.0032 
u-19 0.092 0.00 
v-20 0.190 0.005 a 
v-21 0.250 0.006 
Wy 
Type 3 
Type 3 
0.190 Type 3 at 
v-18 0.025 0.008 333 Type 2 
u-19 0.092 268 Type 3 
u-20 0.190 314 Type 3 
Wa 
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a given feed decreased as the sulphur content was raised except 
that little difference existed between the cutting forces for the two 
steels containing 0.19 and 0.25 per cent sulphur, respectively. 
The results of tests conducted in the conventional lathe are shown 
in Table 5. These data also show that the cutting force generally 
decreased as the sulphur content was raised. For some unex- 
plained reason, inconsistently low cutting forces were obtained on 
the steel which contained 0.09 per cent sulphur (U-19) at 0.0039 
ipr. For equivalent cutting conditions, the thrust force also de- 
creased as the sulphur content was raised in this test. 
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Fic. 7(6) Between Co- 
EFFICIENT OF FRICTION AND FEED 1n Con- 
STANT-PressurRE LatHe Test at 202 Srm 


One of the most important factors that must be considered in 
interpreting metal-cutting phenomena is the friction at the tool- 
chip interface. In many instances the frictional characteristics 
are more subject to control than are the other variables associated 
with free-cutting metals. The coefficients of friction for the 
various steels are plotted as a function of feed in Figs. 7(a) and 
7(b) for the two cutting speeds investigated. At both speeds, the 
coefficients decreased with increased sulphur content except that 
no consistent effect of sulphur was noted for the two steels that had 
the highest sulphur when tested at 78 sfm. The friction co- 
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MECHANICAL QUANTITIES CALCULATED FOR CONVENTIONAL LATHE TESTS AT 79 SFM 


Cutting Friction 


Shear 
Ratio, ‘4 Coefficient 
re degrees of Friction 
0.25% 14.7 
0. 382 22.1 


0.456 26.2 


0.905 
0.798 
0.7% 
0.259 0.700 
0.226 
0.423 
0.276 
0.290 


0.19% 
0.279 


Shear 


Stress, Removed c, Tool-Force, lbs. 
psi We We Degrees Cutting Trrust 


Work, in-lb./cu. in. of 
Metal 


> 


59.6 133 
70.8 110 
16.7 100 
53-0 104 


56.9 


i’ 
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Fic. 8(a) RELATIONSHIP BETWEEN FRICTION 
Force on Toot anp Freep 1n CoNsTANT- 
Pressure Larue Test at 78 Srm 
_ efficients were higher at 202 sfm than at 78 sfm. The coefficient 
of friction increased with feed at 78 sfm. On the other hand, a 
maximum coefficient was observed at intermediate feeds for each 
stee] when tests were conducted at 202 sfm. 
The coefficients of friction calculated for the tests made in the 
- conventional lathe at a cutting speed of 79 sfm also decreased with 
increased sulphur content, Table 5. As would be expected from 
the constant-pressure test results, the coefficients also increased 
with feed in this series of tests. 
_ Tool performance as measured by tool wear or tool life gen- 
erally may be more closely associated with the frictional force 
12 than with the coefficient of friction. The significance of the co- 
efficient of friction for interpreting metal-cutting phenomena 
a has not been established conclusively and its applicability to 
‘machinability evaluation has been questioned. It is often as- 
2 sumed that a low coefficient implies low tool temperature and 
long tool life. This is not necessarily true; the coefficient, which 
is the ratio of the frictional force to the normal force on the tool 
face, can decrease even when both forces increase. 
- _Hahn (16) indicates that the concept of a coefficient of friction 
_is not applicable to metal cutting because the actual contact area 
_ is about equal to the apparent contact area. Kronenberg (17) 


creased with feed at both cutting speeds used until a feed of about 


002 003 004 00s 006 


FEED. ior 


Fre. 8(b) RELATIONSHIP BETWEEN FRICTION 

Force ON THE TooL AND FEED IN THE 

Latue Test at 202 


creases faster than the friction force, the coefficient of friction in- 
creases. More recently Finnie and Shaw (18) have indicated that 
the coefficient of friction is not adequate to portray the friction 
process in metal] cutting. 

For the present series of steels containing various amounts of 
sulphur, increased sulphur contents up to 0.19 per cent progres- 
sively decreased the friction force for a given feed in the constant- 
pressure test at both 78 sfm and 202 sfm as shown in Figs. 8(a) and 
8(b). Only at the heaviest feeds, however, did an increase in 
sulphur content to 0.25 per cent further decrease the friction force. 
At the higher speed the frictional force was greater, for an 
equivalent feed, than at the lower speed. The observation that 
the feeds obtained at 202 sfm are lower than those attained at 78 
sfm apparently can be accounted for by the fact that higher fric- 
tional forces are developed at the higher cutting speed. As would 
be expected, the frictional force developed in the conventional 
lathe also tended to decrease with increased sulphur content. 

In addition to the friction between the chip and tool, the shear 
stresses and strains developed in the material being machined are 
of paramount importance in the interpretation of force relation- 
ships, inasmuch as the formation of chips in any machining opera- 
tion is fundamentally a process of plastic flow. The data shown 
graphically in Figs. 9(a) and 9(b) disclose that shear stress de- 
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TABLI 
v-19 6 121000: 106000293500 3995002. 
u-20 8 122700 108000 258000 3660002. 
U-18 0.0039 191.6 9450068300 406000 4.32 
v-19 129.7 98800 112000 239500 351500 2.42 77.8 96 
u-20 133.2 93400 76000 331000 407000 «3.56 55.5 198 
v-22 130.7 96900 78500 329000 407500 58.7 196 92 
= u-18 0.008 | 11.2 1.051 375-7 71500 73900 360000 433900 5.08 56.8 427 293 
16.2 0.948 293.7 78300 80300 277000 357300 3.58 63.7 364 223 
: U-20 ° 17.6 0.869 269.5 84200 81200 273000 354200 64.2 359 199 
0.317 0.852 252.3 83100 78900 259000 337900 3.12 65.2 343 185 
: 
research can be misleading. He points out, for example, that both oe 
foree components can decrease and yet, if the normal force de- [SI 7777777 eee 
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0.003 ipr was reached. This type of relationship has been ob- 
served by other investigators and has been attributed to a size 
effect by Shaw, Smith, and Cook (19). The shear stress at 202 
sfm was lower for a given feed than at 78 sfm. This change in 
shear stress with speed is opposite to that which would be ex- 
pected from increasing the strain rate. Shear stress did not ap- 
pear to be a function of sulphur content except for an indirect 
effect attributable to the increased feed obtained on specimens 
that contained high amounts of sulphur. 

The conventional-lathe tests also showed that shear stress de- 
creased, in general, as the feed was increased, Table 5. There 
appeared to be a tendency for the shear stress to increase slightly 


_ with increased sulphur content, but the data are not conclusive 


in this regard. 
Since the work of cutting is greatly affected by the amount of 


_ chip deformation, it was very desirable to establish the relation- 


ship between sulphur content and shear strain. The natural 
strain occurring during chip formation is plotted as a function of 
feed in Figs. 10(a) and 10(6). At 78 sfm, and with small feeds, 
the nonresulphurized steel (0.025 per cent sulphur) underwent 
much greater deformation during chip formation than did the re- 
sulphurized steels. At this speed, but with heavier feeds, the 
shear strain for all the steels was about the same. There did not 
appear to be consistent significant differences in strain among 
any of the resulphurized specimens at 78 sfm. Shear strain was 
significantly lowered with increased sulphur content at 202 sfm. 
For a given feed, the amount of deformation was generally greater 
at 202 sfm than at 78 sfm. Shaw (20) has sown that if friction 
at the tool-chip interface is reduced by the use of a cutting fluid, 
the shear strain in the chips is also lowered. The increase in fric- 
tional characteristics as the cutting speed was increased may, 
therefore, at least partially account for the increased strain at the 
higher cutting speed. 

There was a tendency for shear strain to increase as the co- 


_ efficient of friction increased as would be predicted from Shaw's 
work (20) and from Merchant’s equation, C = 26 + rT — a. 

In the tests made in the conventional lathe, larger shear strains 
were obtained on the nonresulphurized (0.025 per cent sulphur) 
steel than on any of the resulphurized steels at the three feeds 

studied, Table 5. However, the resulphurized steels did not 
show a consistent effect of sulphur on strain. 

In the usual methods of determining stress strain relationships 
in the plastic range, for example in the conventional tension test, 
stress always increases with strain for metals when tested at a 

temperature where work hardening occurs. On the other hand, 
-metal-cutting tests have not normally indicated such a relation- 

ship between stress and strain. The present tests on the steels of 

different sulphur content in the constant-pressure lathe also indi- 
- cate that shear stress does not increase with shear strain. The 
data from the conventional lathe showed a trend to decreasing 
shear stress with increased strain, Table 5. 

With regard to the phenomenon just described, Backer, Mar- 

shall, and Shaw (21) have indicated that with low shear angles the 
region of shear is irregular and thick, whereas with larger shear 
angles (i.e., less strain) the shear region is sharper and more 
nearly a plane. They state it to be conceivable that the flow stress 
associated with a high shear angle will be greater than that with a 
low shear angle because the shear zone is smaller with the higher 
shear angle. This is designated as a shear-volume type of size 
effect to distinguish it from the size effect that is attributed to 

variations in feed, 

The work expended in overcoming friction at the tool-chip in- 

terface in the constant-pressure test was not consistently affected 
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by changes in feed at 78 sfm, but decreased with feed of 202 sfm. 
These effects are shown in Figs. 11(a) and 11(b). There was no 
consistent effect of sulphur on the work of friction at equal feeds. 
Therefore, despite the fact that the frictional force decreased 
with added sulphur, the work required for overcoming friction 
did not follow this trend. The conventional lathe tests also 
showed no trend to lessened work of friction with increased sul- 
phur content, Table 5. The reason for this appears to be that 
the effect of reduced frictional force is offset by the increased shear 
angle, i.e. 
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The other component of the total work of cutting is the work ex- 
pended in shearing. At both 78 sfm and 202 sfm the work of 
shear was higher for the nonresulphurized steel at all feeds than 
for the other steels as shown in Figs. 12(a and b). This effect 
was most pronounced at low feeds. The work of shear decreased 
as the sulphur content was raised to 0.19 per cent, but increasing 
the sulphur content’to 0.25 per cent did not consistently affect W, 
further for this series of steels. The results obtained in the con- 
ventional lathe also showed that the highest work of shear was 
obtained on the nonresulphurized steel for the range of feeds in- 
vestigated, Table 5. However, shear work was not uniformly 


= 
Wt 
= ie 
pe! bw £ 00 }_e———0.25% 00 o——0.254 5 


affected by the different sulphur contents of the resulphurized 


steels. 


The work of shear is equal to the product of shear stress and 
shear strain. It was pointed out that shear stress is not a function 
of sulphur content. Therefore the effect of sulphur in reducing 
the work required to shear the chips is primarily due to its effect 


on chip strain. As pointed out earlier in this discussion, the re- 
duction of strain is probably attributable to the decreased fric- 


tional characteristics at the tool-chip interface. It is of interest 
to note that, in machining these steels, the shear process necessi- 
tated the expenditure of much more work than that required 
to overcome the friction of the chips rubbing against the cutting 
tool. For example, at 202 sfm and a feed of 0.0018 ipr, about 


275,000 in-lb per cu in. of metal removed were required to shear 


the chips of the steel containing 0.19 per cent sulphur whereas 


only 88,000 in-lb per cu in. of metal removed were required to 


overcome the friction between the chips and the cutting tool. 
The total work expended in cutting is, of course, the sum of that 


used in shearing the chip and that consumed in overcoming the 


friction between the formed chip and the cutting tool. The total 
work used in machining this series is shown in Figs. 13(a) and 
13(b). Primarily, because of the reduced amount of work re- 
quired for shearing, the total work of cutting was lowest for the 
higher sulphur steels at both cutting speeds. As would be ex- 


_ pected from the analysis of the data, there was no appreciable dif- 
ference in total work between the steel] containing 0.19 per cent 
_ sulphur and the steel containing 0.25 per cent sulphur. 


The failure of many of the measured and calculated quantities 


- to separate the two steels which had the highest sulphur contents 
_ is believed to be a result of differences in sulphide inclusion charac- 


= 


sfm, Table 6. 


teristics between these two steels. As shown in Fig. 1, specimens 


_ which contained 0.19 per cent sulphur had a greater proportion of 


globular sulphides than did those which contained 0.25 per cent 
sulphur. Previous investigations (1, 2, 3, 22) have shown that 
globular sulphides are preferable to thinner, elongated sulphides 
for improving machinability. The higher sulphur content, there- 
fore, appears to have been offset by the somewhat less desirable 
inclusion characteristics. 

The values of the quantity C, defined previously in Equation 
[9], were not constant in the constant-pressure lathe tests at 78 
At this cutting speed, C increased with feed when 
the lowest sulphur steel was machined, but did not change uni- 


TABLE 6 RELATIONSHIP BETWEEN C AND FEED IN 
CONSTANT-PRESSURE TESTS 


202 SFM 
Peed, ipr 
0.00077 


78 
Feed, ipr 


0.00073 


Steel Steel 


u-18 


C, degrees C, degrees 


u-18 


v-19 0.00113 


U-20 0.00183 0.00133 


U-21 0.00180 0.00125 


u-18 0.00118 0.00090 


0.00209 0.00136 


0.00267 0.00183 


1163 


formly with feed for tests made on the resulphurized steels. At 
202 sfm, however, C remained quite constant over the range of 
feeds investigated except that comparatively high values of C 
were obtained on the resulphurized steels at low feeds, Table 6. 
There was considerable variation in C when calculated from the 
data obtained in the conventional lathe, Table 5, except for the 
values obtained on the steel having the lowest sulphur content. 

The results obtained in this investigation have shown that the 
constant-pressure test is quite sensitive to changes in friction be- 
tween the chip and the cutting tool. This finding is in agreement 
with a theoretical discussion of the test presented by Merchant 
(10). 

It should be pointed out that the relative importance of the 
various measured and calculated quantities with respect to tool 
wear and tool life is not presently known. It is evident, however, 
that for these steels having similar strength levels, the frictional 
characteristics at the chip-tool interface and the related values of 
shear strain in the chips are the primary factors associated with 
their machinability. The heat generated during machining is, of 
course, a function of the work expended. The work done in shear- 
ing and work used in overcoming friction, therefore, are among the 
factors that influence cutting-tool performance. In addition, tool 
abrasion also would be affected by the forces acting on the tool. 
These forces are dependent upon the properties of the workpiece 
under the cutting conditions. 
a 

The conclusions regarding the effectiveness of increased sulphur 
content in improving the machinability of a low-carbon, open- 
hearth steel can be summarized as follows: 


SUMMARY AND CONCLUSIONS 


1 The feed obtained on test bars in the constant-pressure lathe 
with a given thrust force is increased as the sulphur content is 
raised, largely because of reduced friction between the chip and 
the tool. 

2 The reduction in friction at the chip-tool interface is 
normally accompanied by an increase in the shear angle with a 
consequent lowering of chip strain. 

3 The reduced chip strain lowers the work required to form the 
chips and thereby reduces the total work of cutting. 

4 Shear stress on the shear plane does not appear to be directly 
related to sulphur content. 

In the constant-pressure test, tool-chip friction and the extent 
of chip deformation are greater at 202 sfm than at 78 sfm for the 
steels investigated. 

Experiments in a conventional lathe are in good agreement 
with those conducted in the constant-pressure test. 
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Discussion 


E. 8S. Nacurman.* This paper raises an interesting question. 
Are manganese sulphides an effective chip-tool lubricant, or do 
they, in fact, act to decrease the strength of the material during 
its machining? 

AvuTHors’ CLOSURE 


With reference to Mr. Nachtman’s question, the data in Figs. 
9(a) and 9(b) show that sulphur content did not affect the cal- 
culated shear stress for a given feed. Because the shear stress 
is equal to the shear strength of the steels for the testing con- 
ditions, it was concluded that increasing the number of manga- 
nese sulphide inclusions did not change the shear strength of the 
steels during machining. On the other hand, the data in Figs. 
8(a) and 8(b) disclose that the friction force between the chip and 
the cutting tool was reduced as the sulphur content was increased 
from 0.025 to 0.19 per cent. We recognize that the mechanism 
by which “‘free-machining” additives affect the frictional char- 
acteristics at the tool-chip interface is not completely under- 
stood, and are of the opinion that the various aspects of tool-chip 
friction should receive further study. 


“_ Manager, Product Engineering Laboratory, LaSalle Steel Com- 
pany, Chicago, Ill. Assoc. Mem. ASME. 
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By M. C. SHAW,! P. A. SMITH,? N. H. COOK,? ano E. G. 


The action of lead in free-machining steel is discussed 
and the thickness of the layer of lead responsible for the 
_ improved lubrication between chip and tool is found to be 
extremely thin. Measurements made on the same steel 
_ with and without lead present enable the real area of con- 
_ tact between chip and tool to be estimated and this is found 
to be between 1 and 2 per cent of the apparent area of con- 
tact. The cutting characteristics of steel containing lead 
are compared with those for steel without lead as well as 
those for pure lead. It is found that the presence of lead 
_makes effective fluids such as carbon tetrachloride less 
sensitive to an increase in cutting speed. wal 
q wl q 


INTRODUCTION 


HE magnitude of the friction force F between chip and 
tool is determined primarily by the size, number, 
strength of the minute welds that form along the area of 
contact (AC in Fig. 1) during sliding. As for all surfaces in slid- 


and 


ing contact, we must distinguish between the real Ag and appar- 


This is necessary because all surfaces ap- 
pear rough when highly magnified. In Fig. 2, two representative 
_ surfaces in sliding contact are shown greatly magnified. The real 
area of contact corresponding to the apparent area extending from 
_ 1 to 6 would be the sum of areas 1-2, 3-4, and 5-6. For ordinary 
friction sliders the ratio of the apparent area of contact to the real 
= of contact (A/A,) will usually be a large number of the 
_ order of 10*. The fact that a cutting fluid can penetrate the space 

4 between chip and tool at low cutting speeds (below 100 fpm) and 


ent A areas of contact. 


_ reduce the friction force by as much as 50 per cent attests the fact 
that even in metal cutting the real area of contact is a small frac- 
tion of the apparent area of contact. 


If this were not the case 
fluid could not find its way between these surfaces. 
As the load between surfaces in contact is increased the real 
area will increase, the product of the deformation hardness of the 
metal H and the real area of contact always being just equal to the 


applied load W in accordance with the static equilibrium of 


Thus 


forces. 


_ Actually H will be a function of A, due to the strain-hardening 
tendency exhibited by all metals. 


However, in the discussion to 
follow we need not be concerned with this refinement and H will be 
considered to be a constant of the material. For clean surfaces the 
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friction force required to cause sliding will be the product of the 
mean shear stress 7 required to break the junctions and the real 
area of contact Az 

F= 


[2] 


If a fraction of the real area of contact k is covered by a 
lubricating film of shear strength 7, while the remaining fraction 
of the area (1 — k) remains clean we will have 


F = (1—k)Agt + kAgry... [3] 

In arriving at this expression it has been assumed that the fric- 
tion force on the face of a tool results from the shear resistance of 
the many minute welds that form between high points on chip and 
tool. While tool friction is primarily of this origin, small com- 
ponents of friction may arise due to plowing of hard particles 
through softer material, a camlike action due to the interference 
of hard protuberances on the mating surfaces, an electrostatic 
reaction between oppositely charged areas on the surfaces, or a 
drag force resulting from the viscous shearing action in any small 
regions that happen to be separated by a thin fluid film. However, 
it is believed that all of these latter components are of secondary 
consequence in discussing tool friction. 

Bowden and co-workers® have estimated the real area of contact 
associated with ordinary friction sliders by measuring the elec- 
trical conductivity of surfaces in sliding contact. However, this 
method is not well suited for estimating the real contact area of 
very heavily loaded surfaces such as those involved in metal 
cutting. In this paper the action of lead in steel is discussed and 
the results obtained are then applied to metal-cutting data to 
estimate the ratio of real to apparent areas of contact. 


“The Friction and Lubrication of Solids,’’ by F. P. Bowden and 
D. Tabor, Oxford University Press, London, England, 1950. 
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LEAD AS A FreEE-MACHINE ADDITIVE 


Lead has been used for a long time in free-machining brasses but 
for a relatively shorter time in free-machining steels. With steels 
it has been customary to use only a fraction of the amount of lead 
normally used in free-machining brasses (it is customary to add 
about '/, per cent of lead to steel by weight or about 0.17 per cent 
by volume). One of the most successful uses of lead in steel has 
been in resulphurized open-hearth steels for automatic screw- 
machine applications. By use of sulphur and lead, low-carbon 
open-hearth steels can be made to machine more like free- 
machining brass than any other material available as screw stock. 
In addition to its use in serew-machine steels, lead has been found 
effective in improving the machinability of certain alloy steels. 

To be effective lead must be very well dispersed throughout the 
steel. This may be accomplished by adding either pure lead shot 
or a lead containing material to the molten steel in the mold. 
Normally the individual particles of lead are very fine. The 
amount of lead usually added to steel is insufficient to alter the 
physical or chemical properties of the steel or its heat-treating 
characteristics significantly, including its ability to be case- 
hardened. 

A leaded steel may be distinguished from a nonleaded steel by 
very simple spot test. A few drops of 5 per cent sodium hy- 
droxide solution are allowed to remain on a freshly abraded piece 
of steel for 1 min and are thén removed to a filter paper. When a 
few drops of 5 per cent sodium-sulphide solution are added to the 
spot on the filter paper a brown stain is formed if lead is present 
but no stain is found if lead is not present. 

Elementary lead has several unusuai properties that are of in- 
terest in connection with its role as a free-machining additive. 
These include: 


1 A low melting point (621 F) 

2 A low shear strength (about 5 per cent that for steel) 

3 A high coefficient of thermal expansion, second only to that 
of zine (16.3 X 10~* in. per in. per deg F for lead as compared with 
6.3 X 10~* for steel) 

4 A low surface tension in the molten state (465 dynes/em 
compared with 452 for mercury) 

5 A low viscosity in the molten state (1.7 centipoises at 700 F 
compared with 1 cp for water at room temperature). 


In addition, lead is reported to be completely insoluble in iron 
and steel and the oxide of lead is insoluble in lead itself. 

When lead is properly dispersed in steel as a free-machining 
additive it is present mainly as submacroscopic particles that are 
completely unalloyed. In constructing a picture of how the lead 
might appear in the steel we can first assume all particles to be the 
same size, uniformly dispersed, and spherical in shape. While it is 
not easy to photograph lead in steel this has been done by placing 
unetched metallographically polished specimen in a vacuum 
chamber and heating to 2100 F for 20 min.* In such studies 
Wragge found the size of the lead particles to be less than 0.0003 
in. It would appear from his photomicrographs that a good 
average lead particle size (d) is 0.0001 in. 

If the volume of lead per cubic inch of steel is v (v is usually 
about 0.00172 cu in. per cu in. corresponding to '/, of 1 per cent of 
lead by weight) and there are n-particles per cubic inch then 


— 
6 


The mean spacing of the lead particles in volume will be 


§ Discussion by W. B. Wragge, Journal of the Iron and Steel Insti- 
tute, vol. 151, 1945, p. 297. 
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If a plane surface is produced on the steel the spacing of the lead 
particles on this surface will be greater than r since the particles of 
height d will be distributed randomly over depth r._ The probabil- 
ity of particles on the surface having a spacing r will be \/(d/r) 


and hence the mean spacing of particles on the surface will be 


Statistically, the percentage of the plane area occupied by lead 
must be the same for all plane surfaces and hence independent of 
the size and shape of the lead particles. If we imagine the lead to 
consist of uniformly spaced parallel filaments running from the 
top to the bottom of a 1-in. cube of steel, the area of lead that will 
lie in the surface of a plane passing perpendicular to the filaments 
will be v sq in. where v is also the volume of lead per cubic inch of 
steel. Thus, the area of lead exposed on any plane surface will 
actually be v sq in. per sq in. of steel regardless of size, shape, or 
distribution of the lead particles. 

Equation [7] may be checked by use of the foregoing observa- 
tion. The mean area of a lead particle communicating with a plane 
surface will be 


volume of sphere 1d? 
diameter of sphere 


The area of lead per square inch of steel v may then be computed 
by multiplying the number of lead particles communicating with 
1 sq in. of steel surface (1/z)* by the mean area of a lead particle 
at the surface A. Thus 


which is seen to be identical with Equation [7], as it should be. 

Before proceeding it might be well to consider some typical 
numerical values for the quantities already considered so that a 
representative picture of the size and distribution of lead in steel 
may be formed. If we take the volume concentration of lead to be 
0.00172 cu in. per cu in. of steel (/, of 1 per cent of lead by weight 
and the mean diameter of the lead particles to be 0.0001 in., then 
from the foregoing considerations we have 


Percentage area occupied by lead in any plane surface = 0.172 
per cent 

Mean spacing of lead particles in volume = 0.00067 in. 

Mean spacing of lead particles on surface = 0.00174 in. 


From the very small percentage of the area of a freshly cleaved 
surface occupied by lead (< 0.2 per cent) it is evident that the 
small amount of lead that is present in the surface must be 
smeared over the surface if it is to have a measurable effect on 
friction. Let us next consider the role the very large thermal 
expansion of lead might have in bringing the lead to the surface 
of the steel so that it might be spread. The mean particle of lead 
exposed to a free surface will be a hemisphere of diameter d as 


— 
d 
or from Equations [4] and [5] 
a T 
4 f dy 
-d/2 
— 
. [5] 


6.3 10-6 = 10 XK 10~* in. per in. per deg F). 
temperature rise the elevation of the hump will be 0.01 in. per in. 


— ture obtaining at the surface of a high-speed chip, 


Fig. Expansion or REPRESENTATIVE LEAD PARTICLE 


shown in Fig. 3. If a layer of thickness d/2 is heated to the mean 
temperature of the surface of a chip which will be of the order of 
1000 F, then the lead will hump up as shown as a result of the 
‘differential expansion between lead and steel (16.3 X 107~§ — 
For a 1000 deg F 


depth of lead at any point, or 1 per cent of the lead will lie in the 
hump above the surface of the steel. As will be seen later, 1 per 
_ cent of the lead present at a free surface is far too little to account 
~ for the observed action of lead, and we may conclude that the un- 
usually high coefficient of thermal expansion of lead is not very 
‘important in its performance as a free-machining additive. 

In the foregoing calculation the lead in the steel has been as- 
sumed to be stress-free. Actually, as the melt is cooled the steel 
will solidify first and the lead upon solidifying and cooling will 


; "attempt to shrink away from the steel and thus will be subjected 


to hydrostatic tension. When the load is subsequently released 
at a free surface, it should move inward from the surface, produc- 
ing a depression at the center of the lead area. This effect how- 
ever only tends to make the amount of lead appearing above the 


_ surface smaller than the 1 per cent estimate based on differential 


thermal expansion. 
_ The only other mechanism that will make a greater percentage 
of the lead at the surface available to be spread is one in which the 


lead is squeezed out as the surface of the chip 


undergoes large plastic strains. a 


At the tempera- 
the lead should be in a molten state and hence 
very fluid. Its low surface tension and low vis- 
cosity should play important parts in the spreading 
action that follows the squeezing action. 

If all of the lead communicating with a free sur- 
face is squeezed out and caused to flow over the 
entire surface, the thickness of the resulting layer 
of lead will be very small. This thickness may be 
estimated in the following way: 

The number of lead particles per square inch 
of surface area (n,) will be from Equation [7] 


LB. 


8 3 


The mean volume of a lead particle communicating 


1167 


which it is available, the height of the resulting layer h would be 
equal to v,. If we now substitute the representative values 
from our previous example into this equation we find 


vd _ (0.00172)(0.0001) 


h=— = 8.6 in... 
2 8.6 1 in [lla] 


The important observation that may be made from the fore- 
going discussion is that lead in steel is characterized by a number 
of very small quantities. These involve first of all the total 
amount of lead present (0.25 per cent by weight), the size of the 
individual particles (<0.0001 in. ), the mean spacing of the particles 
on the surface (about 0.002 in.), and finally the thickness of the 
lead layer if completely spread over the surface (a few atom 
layers of lead). 


Low-Speep Curtine Tests 


A number of low-speed (0.5 to 10 fpm) orthogonal cutting tests 
were made on a nonleaded steel (No. 5), the corresponding leaded 
steel (No. 6), and the pure lead. The steels used are described in 
Table 1. The reason for using such low cutting speeds lies in the 
improved reproducibility of data obtainable and the fact that 
ample time is provided for cutting fluids to act. Hence, cutting- 
fluid effects that are much smaller at higher cutting speeds may be 
more easily identified. Pure lead was included in order to ap- 
preciate better the friction and cutting characteristics of this com- 
ponent of a leaded steel. 

The tool-face friction force F and specific energy (u = F,,/bt) 
are shown plotted for dry cutting under a wide range of conditions 
in Fig. 4. The friction force on the tool face, which may be de- 
termined readily as follows, is a sensitive measure of the lubrication 


CUTTING SPEED 
fpm 


with the surface will be mwd*/12 and hence the 
volume of lead available at each square inch of 
surface will be 


FEED, t, xlO 


Fic. 4 Varration or Toot Face Friction (F) anp Totrat Enercy per Unit 
Vo.ume (u) Freep Rate (t) ror (a2) NoNLEADED RESULPHURIZED No. 
5; (b) Leapep Sree. No. 6; anv (c) Pure Leap 


If this lead should be spread over the 1 sq in. to 


TABLE 1 
Cold work, 


Chemical composition w + % per cent 
Cc Mn P Pb _—reduetion 


stee 
without lead 0.09 0.97 0.049 0.288 0 
Same as 5 with lead 


6.1 
6.1 


(Tool material, 18-4-1, HSS; cutting fluid, none; 


DESCRIPTION OF STEELS INVESTIGATED 


Brinell 
hardness 


depth of cut, 0.100 in.) 


Tensile 
yield stress Ultimate 
(0.2 per cent tensile stress, 
offset), psi psi 


Per cent 
elongation 


Per cent Charpy 
reduction impact at 
of area 77F ft-lb 


No. 
645900 


64599 


18.8 
22.0 


: 
= 
730° 
5 
2 4 6 8 
x10" 
30 


characteristics of a cutting fluid or free-machining additive (see 
Fig. 1 for explanation of notation) 


F = F, sina + Fecosa 


In Fig. 4, speed is seen to have less effect on F and u for the 
steels than pure lead. Since the recrystallization temperature of 
lead is about room temperature it is deformed when cut under hot 
working conditions where no strain-hardening is observed and 
where the material exhibits viscous-type characteristics, the shear 
stress being strongly influenced by the rate of strain. Steel on the 
other hand is normally cut under cold working conditions where 
flow occurs by a slip rather than by a viscous mechanism. When 
a material deforms by slip, strain-hardening is observed and shear 
stress is found to be largely independent of rate of strain. In the 
case of steel No. 6 we might expect to find a speed characteristic 
intermediate between that for steel No. 5 and that for pure lead. 
However, the energy involved in cutting lead is so small compared 
with that for steel (about 1 to 20) that the influence of steel will 
predominate and no significant influence of speed on F or x 
should then be expected for steel No. 6. This is seen to be the 
case in Fig. 4(b). 

The friction force is seen to increase continuously with increas- 
ing feed ¢, for all materials, but at a decreasing rate. Similarly, 
the values of F are seen to be higher for smaller values of rake 
angle. This increase in F with increase in ¢ or decrease in @ is 
due to the fact that the normal force on the tool face will be 
greater when either ¢ is increased or @ is decreased. The decrease 
in specific energy u, with increase in ¢, is due to the size effect 
generally observed in metal-cutting tests, 

The influence of rake angle upon F and uw is seen to be less with 
the leaded steel (No. 6) than for the nonleaded steel (No. 5). 
From this it might be inferred that the presence of lead in steel 
will make choice of rake angle less critical. Some representative 
cutting-force data are given in Table 2 for steels 5 and 6 and pure 
lead, where 


a = length of contact along tool face (AC in Fig. 1) 
‘Y = mean shear strain in chip 

F friction force along tool face 

N normal force on tool face 

f coefficient of friction for tool face (F/N) 

7 = shear stress on shear plane 


and other quantities have already been defined or are shown in 
Fig. 1. 

While the friction force F for lead is seen to be but a small frac- 
tion of the value for steel, the coefficient of friction for lead is seen 
to be higher than that for steel. This is readily explained by ex- 
pressing the coefficient of friction in terms of Equations [1] and 


Even though 7 for lead is small, the value of H is likewise small 
and a rather high value of coefficient of friction f results. When, 
however, we have a thin layer of lead smeared over a harder ma- 
terial such as steel, the value of r in Equation [13] will be that for 
lead while the value of H will be that for steel and a low value of f 
will result. Thus, steel No. 6 exhibits a lower value of f than does 
steel No. 5 owing to the presence of the thin layer of lead on the 
surface high spots. The lead layer causes a decrease of 19 per cent 


TABLE 2 REPRESENTATIVE LOW-SPEED CUTTING DATA FOR A NONLEADED STEEL (5), LEADED STEEL (6), 
depth of cut, 6 = 0.1 in.; 


(Rake angle, a@ = 15 deg; feed, ¢ = 0.005 in.; 


Material a, in. 
0.017 
0.013 
0.032 
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in f, of 34 per cent in F, and of 29 per cent in u,. The reason the 
decrease in f is relatively less than the change in F is of course due 
to the fact that N will also decrease as F decreases. 

The decrease in F when lead is present gives rise to an increase 
in the shear angle (@) and hence a decrease in shear strain 7, just 
as in the case of a cutting fluid. The value of the shear stress on 
the shear plane 7 is 9 per cent less for steel No. 6 than for steel 
No. 5. Since the presence of lead was observed to lower the flow 
stress of steel No. 6 by about 5 per cent from that for steel No. 5 in 
a tensile test, the decrease in shear stress due to the decrease in 
shear strain y should therefore correspond to the remaining 4 per 
cent. In Table 2 the shear stress on the shear plane is found to be 
about '/s that for steel when cutting pure lead. 

The various energy changes resulting from the presence of lead 
may be summarized as follows for the foregoing example: 


1 Lead causes a 34 per cent reduction in friction force F. 

2 Owing to the increase in chip velocity that accompanies the 
increase in @ the decrease in u, will be only 29 per cent. 

3 The value of u, = ry is decreased 20 per cent due to a de- 
crease in both t and y when lead is present (7 is less by 9 per cent, 
¥ by 12 per cent). 

4 The decrease in u is 21 per cent, which is closer to the 
change in u, than uw, since shear energy is a larger percentage of 
the total energy than is friction energy. a 

We: 
Rea Area or Contact IN 

The values of Table 2 may be used to estimate the perce>tage of 
the real area of contact that has been covered by lead. Over a 
small range of normal stress we can assume to a good appr’s. ia- 
tion that the real area of contact Ag will vary directly with the 
normal force on the tool face and inversely with the hardness of 
the steel. From true stress-true strain tensile tests (Fig. 5) we 
see that the values of flow stress (hardness) for steels Nos. 5 and 6 
differ by but about 5 per cent. Thus we may write 


Ars 


Are 


where A pg; is the real area for steel No. 5 and N; is the normal force 


Ns 126 
= -~ (0. = 95 = 1.17. 
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TRUE STRAIN, €, INCHES PER INCH 
Srress-Trvue Strain Data FoR LEADED AND 
NONLEADED STEELS 


(For descriptions of steels see Table 1. In all cases standard ASTM speci- 
mens were used, being 0.505 in. in diameter and of 2 in. gage length.) 


AND PURE LEAD 
cutting speed, 0.5 fpm.) 


us, psi 
35000 


tool, 18-4-1 HSS; cutting fluid, none; 
rT, psi 


74009 


= 
$i 
Pe 4 
tae 
100 
20.0 2 216000 
vy 19.5 2.9 4.00 6.16 65 3890 2700 13900 
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on the tool face for steel No. 5. This equation says that the real 
area for steel No. 5 will be 17 per cent greater than that for steel 
No. 6. 

_ If kis the fraction of the real area that is covered by lead in the 
_case of steel No. 6 we can write 


Fe = (1 —k)Amet, + 
where 


Fs friction force for steel No. 6 
T, = shear strength of the small steel junctions 
T, = shear strength of the small lead junctions _ 7; 
Equations [14] and [15] 


_ Now, we must estimate 7,/7,. Since the volume associated 

with the rupture of individual junctions is extremely small and 

ee the probability of finding a strength reducing imperfection 

will be correspondingly small we should expect the values of 7, 

and 7, to correspond closely to the theoretical values of strength 

of the metals in shear. The theoretical strength of a metal in 

_ ghear is approximately G/2z, where G is the shear modulus of the 
metal. According to this point of view we would then have 


Ts Gs/2r _ 2X10 


t,  G,/2e 01X10 
it should be noted that even if the values of 7, and 7, did not cor- 


respond to the theoretical values, but were much less, the fore- 
going value for the ratio Ts/7', would still hold. This may be 


seen by assuming the values of 7 on the tool face to be equal to 
Bee values of 7 on the shear plane. 


Then from Table 2 we find 


* 74,000 


4 = 


on - = 19 
4 3890 
Hence, we may assume 75/7, to be equal to 20, regardless of the 
- magnitude of the size effect that is operative. 
From Equations [16] and [17] 


1.17F¢ 


It should be noted that the derivation of this equation involves but 
two very reasonable assumptions, one for the ratio Ap;/Ars, the 
other for the ratio 7s/t,. Substituting values for F's and F from 
Table 2, we find 


‘> 


_ 0.246 

0.95 


k= 


Thus, for the example of Table 2 it would appear that about 25 
per cent of the real area of contact is coated with lead. 

The thickness of the layer of lead may be considered next. The 
amount of lead present for steel No. 6 of Table 2 was about 0.25 


per cent by weight or 0.172 per cent by volume. As was shown 
earlier, the percentage of the area of any plane surface occupied 
by lead before spreading is equal to the percentage of lead by 
volume, which in this case is 0.172 per cent. If, after spreading, 
the area of lead is 24.6 per cent, the extension ratio of the area of 
lead corresponds to 24.6/0.172 = 143. The mean volume of a 
single lead particle at the surface will be md*/12, while the area of 
this particle after spreading will be 143 A which from Equation 
[8] becomes 143(2d?/6). The mean thickness of the spread layer 
will then be 


provided all of the lead available is spread. The value of h from 
Equation [21] is seen to be about four times that obtained 
from Equation [11a] as it should be inasmuch as only about '/, the 
real area is covered with lead. If dis 10~‘in., as we have assumed 
previously, then h will be 0.35 X 10-%in. Thus, the mean thick- 
ness of the layer of lead that is spread out on the high points of the 
surface of the chip is seen to be exceedingly small, being only some 
25 atom layers in thickness. 


TABLE 3 REAL AND APPARENT AREAS OF CONTACT 


Material AR, 8q in. 
Steel 6.... 23.2 
Pure lead 40.0 x 10% 


A, sq in. 

1700 
1300 x 
3200 10-8 


The real and apparent areas of contact between chip and tool 
are given in Table 3 for the three tests of Table 2. In computing 
Ap we have assumed the shear stresses at points of contact to 
correspond to the theoretical strengths of the metals (G/2r = 2 
X 108 psi for steel and 0.1 X 10° psi for lead). The values of Ap 
for lead and steel No. 5 were computed as follows 


F 


= -—... 


while the values of Ax for steel No. 6 were obtained from Equation 


[14]. The apparent areas of contact were computed as follows 


A 


The values of A/A,g are reasonable and what we might expect 
in metal cutting. In ordinary friction sliders, the ratio A/A, is 
much larger (frequently as large as i0*) than in metal cutting 
owing to the very much lighter normal stresses to which ordinary 
friction sliders are subjected. In order that it be possible for a 
cutting fluid to penetrate between chip and tool it is necessary 
that A/Agp be considerably greater than 1. If the value of Ag 
for steel No. 5 is recomputed based upon a tool-face shear stress 
equal to the shear stress on the shear plane (74,000 psi) then we 
obtain 


54.5 


A = 
74,000 


= 737 X 10~* sq in. 

When this value is compared with the value of A for steel No. 5 
we obtain A/Ap = 2.3. This value is considered to be too close to 
1 to allow sufficient area for fluid penetration and it can be con- 
cluded that the shear strength (7) at the points of actual contact 
must be considerably greater than the shear stress on the shear 
plane and probably close to G/27. 


CuttinG Fivuips 


Resultant force values are shown plotted to scale in Fig. 6 for 


md’ 
56.0 
80.0 
and hence » « . 
pia 
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a number of cuts with and without a fluid and for steels with and 
without lead. The well-known effect that a cutting fluid has is to 
cause a decrease in the resultant force and to rotate it upward into 
a position more nearly normal to the tool face. This action may 
be observed by comparing the positions of the resultant force 
vector for steel No. 5 in Figs. 6(a) and 6(c). The presence of lead 
in steel is observed to have the same effect on the resultant force 
as a fluid. This may be seen by comparing the resultant 
force vectors for steels Nos. 5 and 6 in Fig. 6(a). The reason that 
carbon tetrachloride ceases to be effective at increased speeds 
with steel No. 5 but not with steel No. 6 will be discussed later. 


b. AIR 
V#10 fom 


Fic. 6 CHANGES IN AND DrrEcTION OF RESULTANT CUTTING 
Force Dve To a CutTtina FLuip anp TO LEAD IN STEEL 


(Tool material, 18-4-1 HSS; rake angle, 15 deg; feed, ¢ = 0.005in.; depth of 
cut, 6 = 0.100 in.; cutting speeds, 0.5 and 10 fpm as indicated.) 


OT2345678 
CUTTING FLUID 
ner 


12345678 123485678 1234585678 


CUTTING FLUID 
(a) (b) 


Fic. 7 Vatves or Face Friction (F) anp Tota, ENERGY 
Per Unit Votume (u) ror Dirrerent Cuttina Fiuis WHEN 
Curtine (a) NoNLEADED RESULPHURIZED Steet No. 5; (b) LEapED 
RESULPHURIZED STEEL No. 6; anp (c) Pure Leap 
(Tool material, 18-4-1 HSS; rake angle, 15 deg; feed, t = 0.005 in.; depth of 
cut, 6 = 0.100 in.; cutting speeds, 0.5 and 10 fpm as indicated.) 


Description of Fluids 


1—Carbon tetrachloride 

2—Dodecyl mercaptan 

3—0.1 per cent Aerosol OT in water (wetting agent) 
4—3 per cent commercial cutting fluid (A) in water 
5—Dodecy] chloride 

6—Water 

7—Air 

8—Benzene 


Cutting speed, fpm 
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Results of a large number of low-speed tests using different 
cutting fluids are presented in Fig. 7. Here it is evident that in 
general the same fluid may exhibit a different relative effectiveness 
as well as a different sensitivity to cutting speed on one material 
than on another. In interpreting these data it is important to 
recognize that in order for a fluid to be effective it must first pene- 
trate between chip and tool and then react or adsorb on the surface 
of the chip to form a low shear-strength film. Lead to be effective 
must be capable of being readily spread over the steel surface into 
a very thin film. There are two major influences of increased 
cutting speed which have opposing effects: 


1 Less time for welds to form. 
2 Less time for a cutting fluid to act. 


Let us first consider the actions of the several fluids on steel 
No. 5. Carbon tetrachloride is seen to be very effective at low 
speed, but much less effective at the higher cutting speed. This is 
thought to be due to the relatively long time required for carbon 
tetrachloride to react with steel to form low shear-strength iron 
chloride. Benzene is found to be less effective than air owing to 
the fact that air is in fact a good cutting fluid and the benzene 
largely excludes air from the freshly cut surface. The slight im- 
provement with increased speed in the case of benzene is to be ex- 
pected since there is less time available for welds to form at the 
higher speed. Air is an extremely rapidly acting fluid and there is 
essentially no difference in the thickness of the film that is formed 
with cutting speed. Hence, as in the case of benzene, the shorter 
time available for welds to form in air is responsible for the im- 
provement observed at the higher cutting speed. 

When we study the variation in the values of F obtained with 
different fluids when cutting pure lead, Fig. 7(c), it is evident that 
carbon tetrachloride is unusually poor, air is also poor, and dodecy! 
chloride is somewhat poor. All other fluids, including benzene, 
are of approximately equal effectiveness. The lead chloride that 
is formed with carbon tetrachloride has a higher shear strength 
than the lead itself, and there appears to be some adverse chloride 
formation also in the case of dodecyl chloride. When lead is cut 
in the presence of air, the lead oxide that is formed is insoluble in 
the lead and undoubtedly will increase the shear-flow stress at 
the surface of the lead. All other materials, including benzene, 
are thought to be effective by excluding air from the tool point 
and thus preventing the formation of lead oxide. 

The principal influence of lead in a leaded steel in decreasing F 
will be due to the decrease in the number of steel welds that must 
be sheared. The effect of fluids upon the shear strength of pure 
lead (as observed in Fig. 7) should not be expected to have an im- 
portant influence upon the values of F for steel No. 6 for two rea- 
sons: 


1 The shear strength of lead is small compared with steel. 
2 The lead area to be sheared is usually smaller than the steel 
area to be sheared. 


The most important influences of a fluid in the case of a leaded 
steel will be upon the lubrication of the steel areas that remain and 
upon the spreading characteristics of the lead. It is also not in- 
conceivable that the presence of lead will alter the reaction rate of 
fluids with steel. 

The results for the fluids on steel No. 6, Fig. 7(b), show that the 
presence of lead makes the steel less sensitive to changes in cutting 
speed. This is particularly noticeable in the case of carbon tetra- 
chloride. This improvement in cutting-fluid performance when 
lead is present might be attributed to the following causes: 


1 A catalytic or synergistic action of lead on the reaction be- 
tween carbon tetrachloride and steel. 
2 A decrease in the time required for fluid penetration be- 
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tween chip and tool due to the increase in A/Ag that results 
when lead is used. 


It is not known which of these items is primarily responsible. 
It is of interest, however, to note that the materials that give dis- 
_tinetly better results on steel No. 6 than on steel No. 5 (i.e., carbon 
tetrachloride, air, and dodecyl chloride) are those which give the 
poorest results on pure lead. This would be explained if lead 
; containing lead chloride or lead oxide on its surface would have a 
greater tendency to wet and spread over a surface of iron than 
would pure lead. 


In every case the values of F and u in Figs. 5 and 7 are less for 


steel No. 6 than the corresponding values for steel No. 5. The 
presence of lead in steel is thus seen to be very effective when 
cutting in the low speed range from 0.5 to 10 fpm. 
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Discussion 


F. W. Boutcer.? The authors are to be congratulated on this 
interesting and stimulating article. Their conclusions about the 
_ size, distribution, and effect of lead particles seem logical in view 
of the assumptions on which they were based. The assumptions 
_ probably appear reasonable to physicists and mechanical engi- 
neers even though they are based on very scanty published data. 
To a metallurgist, however, it appears that some of the assump- 
tions should be reconsidered. Some of the reasons for this 
opinion can be enumerated briefly: 


(1) Many of the lead particles found in steel are microscopic 
rather than submicroscopic in size. By newly developed tech- 
niques, the lead particles can be seen at magnifications as low as 

(2) The method of Wragge quoted by the author is of doubtful 
accuracy for estimating the size of the lead particles. When using 
the procedure of Wragge, the metallographer looks at the holes 
formerly occupied by lead rather than at lead particles. Metal- 
lographers familiar with the difficulties of polishing specimens 
so that they are free of artifacts would recognize the limitations of 
this dubious practice. 

(3) The authors assume that the lead particles are uniformly 
distributed, a point justifying some discussion. Since lead is 
practically insoluble in steel, it is concentrated in the liquid 
metal, probably as a dispersoid or vapor, during solidification. 
Presumably it condenses rather than precipitates with the last 
metal to freeze. Consequently a metallurgist expects lead to 
segregate as do sulphur, hydrogen, molybdenum, manganese, and 
other elements. It has been shown that much of the lead occurs 
in the same locations as sulphides. Alumina is an example of a 
nonmetallic compound which is not uniformly distributed in steel. 


7 Chief, Ferrous Metallurgy Division, Battelle Memorial Institute, 
Columbus, Ohio. Mem. ASME. 


The degree of uniformity of the lead distribution in steel would 
be expected to be influenced by ingot size, pouring temperature, 
and other factors. 

(4) Finally, the authors point out that the proportion of plane 
area occupied by lead is statistically independent of the size and 
shape of the lead particles. They then proceed to show that the 
lead acts as an antiwelding agent. Do the authors believe that 
the size and shape of the lead particles have no effect on machin- 
ing quality? That this is not true for sulphides in resulphurized 
steels has been shown by Boulger, Oswald, and Moorehead, and 
later in greater detail by Van Vlack. Furthermore, the available 
data on cast irons and on graphitic steels suggest that the size and 
shape of graphite particles also influence machining properties. 


The possibility that the authors’ assumptions suffer from these 


a SY) limitations is suggested for consideration because the factors in- 
fluencing machinability are of interest to metallurgists as well as 


to physicists and mechanical engineers. Theories on metal cutting 
must take into account pertinent information from related fields if 
they are to be complete enough to be useful. 


EK. 8. Nacutman.® It would be proper now to carry out an ex- 
perimental determination of the distribution of lead in steel. It 
would be most interesting to investigate the relationship between 
lead distribution and the distribution of other inclusions in steel. 

_ The effect of sulphur and sulphides on the distribution of Pb would 
be most informative. 

I believe that a paper such as this, with such a plausible 
theoretical solution of the lead distribution in steel, would be 
sadly incomplete if it does not trigger experimental investigation 
of some of the problems mentioned above. 

AvuTHORS’ CLOSURE 

The authors wish to thank Messrs. Boulger and Nachtman for 
their helpful comments. Asa metallurgist,.Mr. Boulger objects 
to Mr. Wragge’s technique for making lead particles visible in 
steel on the grounds that holes are looked at rather than the lead 
particles themselves. When specimens containing holes in the 
surface are polished and then examined, the holes are apt to 
appear too large due to a rounding of the edges. However, Mr. 
Wragge carefully polishes his surfaces with the lead present. 
When such polished surfaces are examined under the microscope 
the lead particles cannot be distinguished nor can they be re- 
vealed by etching. The polished specimens are then treated in a 
vacuum so as to remove the lead from the surface and hence make 
the spaces originally occupied by lead visible. It is thought that 
this technique offers little chance for enlarging the lead cavities 
as might occur in a mechanical or electrolytic polishing operation 
on a surface containing empty holes. While better methods of 
making lead particles visible may exist, Mr. Wragge’s technique 
appears to be the best that has been published and of which we 
have knowledge. 

The authors acknowledge that simplifying assumptions have 
been made in their treatment but do not feel they need apologize 
for this since it is well known that in all engineering theory a 
model that is somewhat simpler than the actual system must be 
adopted in order to obtain a useful solution. 

The authors agree with both Messrs. Boulger and Nachtman 
that lead distribution is a very important variable and hope that 
they will have the opportunity in the future to study this problem. 


® Director of Research, Product Engineering Laboratory, LaSalle 
Steel Company, Chicago, Ill. Assoc. Mem. ASME. rk 
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Transfer of radioactive material from a cutting tool to 
the chips produced in facing the end of a steel tube is used 
as a means of measuring tool-wear rate. The lathe is 
operated at commercial feeds and speeds. This technique 
permits accurate tool-wear evaluation with very short 
machining time and a consequent small consumption of 
stock. Protection of personnel against radiation requires 
simple precautions. Evaluation of a cutting oil may re- 
quire consideration of the roughness of the cut surface or 
the cutting temperature in addition to the tool-wear rate. 
The properties of the material cut influence the type of 
tool wear experienced and may affect the choice of varia- 
bles which must be considered in addition to toocl-wear 


rate. Results for typical compound and mineral oils in 
the machining of both 1015 and 1045 steels are reported. 


INTRODUCTION 


( pee fluids improve machining operations through a 
complex cooling and lubricating mechanism which affects 
life of the cutting tool and the finish of the cut surface. 

Since the action of the fluid is complex, measurement of specific 

properties of the fluid does not provide an adequate representa- 

tien of its effectiveness under machining conditions. Therefore 
the evaluation of a cutting fluid involves actual metal-cutting 
tests. 

Metal-cutting research has provided a number of laboratory 
test methods which can be adapted to cutting-fluid evaluation. 
The more prominent of these are (1) measurement of tool-wear 
rate, (2) determination of chip-length ratio and coefficient of 
friction, (3) measurement of surface finish, and (4) determination 
of cyfting temperature. Tool-wear rate has been determined by 
running to tool destruction under abnormally severe machining 
conditions, by microscopic measurement of tool-wear lands, and 
by use of radioactive-tracer techniques. Each test has advan- 
tages and limitations which must be considered in relation to the 
ultimate purpose of the test. 

Machining to the point of tool destruction under severe con- 
ditions gives a rapid, direct measurement of tool life. However, 
extrapolation to the milder conditions of commercial practice is 
subject to considerable error. In particular, the changing effect 
of a cutting fluid with changing conditions makes extrapolation 
very questionable. 

Microscopic measurement of tool-wear lands under normal cut- 
ting conditions has been shown to correlate satisfactorily with 
tool life in the case of carbide tools and with high-speed-steel 
tools under some circumstances. However, in many machining 
operations wear-land measurement is completely unreliable. 

Measurement of total tool wear by sensitive radioactive-tracer 
techniques overcomes the objections of the two previous methods 
and also provides a high degree of accuracy. This procedure has 
been adopted as the best means of evaluating tool-wear rate. 

1 Assistant Project Engineer, Standard Oil Company (Indiana), 
Assoc. Mem. ASME. 

Contributed by the Research Committee on Metal Processing and 
presented at a meeting of the Chicago Section of THe AMERICAN 
Society oF MECHANICAL ENGINEERS on March 7, 1956. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, June 
26, 1956. 
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itting-Fluid Evalua 


_ By H. W. HUSA,! WHITING, IND. 


J 


Both chip-length ratio and coefficient of friction provide some 
understanding of chip formation and cutting mechanics. They 
are applicable only at slow speeds, however, and have little sig- 
nificance at commercial cutting conditions. 

Surface finish of the cut stock is a measure of the quality of the 
machining operation. It is not satisfactory as the sole criterion 
of cutting-fluid effectiveness because of its sensitivity to proper- 
ties of the stock, the speed and feed, and the tool geometry. 

Temperature at the interface between the tool and the work- 
piece correlates roughly with tool-wear rate. Like surface finish 
it is sensitive to cutting conditions; hence it is an -inadequate 
criterion alone. 

Research on cutting-fluid evaluation at the Standard Oil Com- 
pany utilizes the radioactive method of measuring tool-wear rate 
as the principal criterion. This is supplemented, in many cases, 
by the use of surface finish and temperature measurements to 
provide a more critical discrimination between fluids. The use 
of these several tests in combination avoids anomalous results 
which have been characteristic of previous cutting-oil studies. 


RADIOACTIVE MEASUREMENT OF TooL WEAR 


During machining, an unstable, irregular wedge-shaped layer 
of chip comprising the built-up edge is pressure welded to the 
face of the tool. Separation of chip from work occurs ahead of 
the tool and is accomplished by this built-up edge as illustrated in 
Fig. 1. In passing over the tool face the chip scours or scrapes 
the tool surface and in time forms a crater behind the edge. At 
the same time, the work, using fragments of the built-up edge as 
an abrasive, scours the flank of the tool. Which type of wear is 
predominant depends upon the actual conditions of operation. 


pam OLD SURFACE 
[ 


4 
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Fic. 1 Mecnanisms or Metat Cuttinc anp Too: WEAR 
The amount of tool material scraped off during the passage of 
one chip is too small to be detected accurately by any ordinary 
means, such as weighing. However, if the tool is radioactive, 
this wear may be measured by monitoring the radioactivity trans- 
ferred to the cut metal chips. Merchant, Ernst, and Krabacker? 
found from their work with radioactive cutting tools that over 


2 ‘Radioactive Cutting Tools for Rapid Tool-Life Testing,’’ by 
M. E. Merchant, H. Ernst, and E. J. Krabacker, Trans. ASME, 
vol. 75, 1953, pp. 549-559. 
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95 per cent of the tool-wear material adheres to the chip and the 
remainder is contained in the oil. 
The radioactive method has the following advantages: 


1 Very small amounts of wear may be determined accurately. 

2 Metal-cutting tests may be conducted under conditions 
similar to those used in industry. 

3 Stock is consumed in very smail amounts with correspond- 
ingly small machining times. 

4 Only two or three gallons of test oil are necessary for an oil 
evaluation. 


Apparatus, The principal test equipment employed to deter- 
mine wear includes the following: 


Fig. 2 shows the experimental setup. Cutting speed is indi- 
eated on meter A and is controlled by rheostat B. The average 
speed during cutting is calculated from data supplied by micro- 
timer C and revolution counters D. The timer and counters are 
operated electrically by microswiteh E which is adjusted to close 
at the start of the cut and open when cutting is completed. 

The cutting oil under test is stored in 1'/2:-gal sump F attached 
to the carriage and is circulated by pump G at a rate of about 4 
gpm. 

Procedure. Orthogonal machining, as illustrated in Fig. 3, is 
conducted on the end of a 1'/:-in-outside diameter X '/,-in-wall 
tube with a radioactive high-speed-steel tool at the selected and 
carefully controlled machining condition. Particulars of the 
cutting geometry, tool chemistry, and stock are listed in Table 1. 

To insure rapid break-up of the chip into relatively uniform 
segments of a size that will pack in the well-type geiger counter 
both a chip breaker and filled slot in the workpiece are provided. 


1 A 16-in. X 54-in. lathe with a d-c motor drive. ~| a. 

Lead box shielding the radioactive tool. 
3 A well-type geiger tube with a preset counter. 


CHIP GOLLECTING 
BASKET 


CHUCK 


When the slot passes over the tool, the chip is broken and each 
revolution of the stock produces one chip in the ideal case. Metal 
of the same or similar chemistry as that of the tube is used for 
slot fill. 

A wire basket is inserted into the lead-shielded box after the 
first third of the run is completed and while the test is in progress. 
This divides the chip sample into two parts: The first part repre- 
sents transitory conditions wherein the tool is coming up to tem- 
perature; the second part represents chips cut under constant- 
temperature conditions 
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TaBLeE 1 Data AND ConpiITIONS 


( A) High-Speed-Steel Tool 
1 Angles, deg 
Back rake 
Side rake 
Side relief. . 
Side cutting edge... 
Chemistry 


Si Mn 
0.26 0.25 
Va Mo 
1.93 0.80 
Radioactive level 
2 millicuries: Fig. 4 
7 millicuries: Figs. 5, 6, 7 
4 Weight: 2 grams 
(B) Stock 
1015 steel tubing; random lengths; 
scale 
1045 steel bar stock; hot rolled, shop drilled, and turned 
to tubing; 88 to $1 Rockwell B scale 


(C) Cutting Conditions 
Speed: 120 sfm except Fig. 7 


Feed: as indicated 
Depth of cut: 0.250 in. 


0.010 


87 to 90 Rockwell B 


2 

Several measurements of counting rate - a chip sample are 
made in the well-type geiger counter. Background rates are 
measured between sample rates. Both are averaged and the 
difference is divided by the weight of the chip sample. The result 
_ is reported as the tool-wear rate in counts per second per gram of 


chips—eps/g. A sufficient number of counts is made to insure a 


counting error of less than 2 per cent as estimated from the con- 


fidence limits of the data. 

Safety Precautions. Certain precautions are necessary to in- 
sure the safety of personnel. The cutting tool is adequately 
shielded on the lathe and proper storage facilities are provided for 
tools not in use. The operators are furnished with Keleket 
pocket dosimeters to check daily radiation dosage and are given 
blood tests twice a year. Other laboratory personnel are not 
permitted in the limited area about the lathe. 

No special precautions are taken in handling an average chip 
sample because of the low level of radioactivity. 


Surrace RovuGuness AND CuTTING TEMPERATURE 


Anomalies in the data have pointed up the need for additional 
criteria. Under certain cutting conditions very poor cutting 
oils will produce only a fraction of the tool wear obtained with 
very good oils. An oil evaluation based on the narrow limits of 
tool wear at one set of cutting conditions ignores benefits that may 
be derived through improved surface finish and is no measure of 
the capabilities of the oil over a variety of machining conditions. 
Measurements of surface roughness or temperature or both, in ad- 
dition to tool wear for a series of cutting conditions, give the best 
basis for judging oil performance. 

Apparatus and Procedure. In order to preserve a cut surface 
on the end of the tube which is typical of cutting conditions, the 
test is abruptly terminated by a rapid withdrawal of the tool. 
Surface roughness is measured with a standard profilometer. 

Chip-tool temperatures are measured by the method of Shore* 
in which the interface between the chip and tool form the hot 
junction of a thermoelectric circuit. The dissimilar metals, of 
tool and workpiece, in contact during machining provide the 
thermoelectric indication. Temperature curves are traced on 

2 By H. Shore, SM thesis, Massachusetts Institute of Technology, 
Cambridge. Mass., 1924. 
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the photoelectric strip-chart recorder shown in the foreground of 


Fig. 2. 


EvALuaTIon 


Oil evaluations are comparative in nature with a good com- 
mercial cutting fluid serving as the standad. Usually one or two 
unknown oils and the reference oil are run simultaneously for a 
number of cutting conditions. Test sequence is determined 
from a table of random numbers and analysis of the data is 
on the basis of a factorial design of experiment. 

Accuracy of the data plotted in Figs. 4, 5, and 6 averaged about 
+15 per cent as estimated from the pooled data (95 per cent 
confidence). 

Analysis of Typical Data. Examples of the test data obtained 
are shown in Figs. 4, 5, 6, and 7. 

Fig. 4 is a bar graph of wear-rate and surface-roughness data 
obtained on 1015 steel tubing with both mineral and compound 
oils. Crater wear was evident on the tool face but very little 
wear was observed on the tool flank. Under mild cutting con- 
ditions the apparent tool life for mineral oil was about 2'/: times 
that for compound oil. A change to moderate cutting conditions 
raised both wear rates but apparent tool life for mineral oil 
dropped to 1/. that for compound oil. Further testing showed 
the mineral oil to give lower wear rates only under mild conditions 
and only with a reasonably sharp tool. 

Surface finishes produced when using compound oil were better 
under both sets of machining conditions and improved with the 
change from mild to moderate cutting conditions. Finishes pro- 
duced when using mineral oil started rougher and deteriorated 
with the change to more severe operation. 
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Fic. 5 or Errects or O11 DiLvTIOoN ON CUTTING 
PERFORMANCE 


Compound oils achieve better cutting performance and 
smoother surface finishes through the formation of boundary lu- 
bricants. Extreme pressure (EP) agents, usually oil-soluble 
compounds containing chlorine or sulphur, react with the nascent 
metal surfaces to form an “easily sheared’’ surface layer. While 
ordinary boundary lubricants interpose some kind of thin film 
between rubbing surfaces, and thus protect the surfaces against 
attrition, EP agents by their very action, which is chemical, de- 
stroy the metal surface of both tool and work. 

Tool wear, therefore, involves a balance between chemical 
attack, abrasion, and welding when the work is flooded with a 
compound oil. Under mild conditions, chemical attack might 
outweigh abrasion and welding and in this manner result in low 
tool-wear rates with mineral-oil floods. Under more severe con- 
ditions, welding of cut metal to the tool face governs and EP 
agents are essential. Beaubien and Cattaneo‘ also report in- 
stances where mineral oils give greater tool life than compound 
oils. 

No satisfactory correlation of tool life and temperature for 
1015 steel was obtained because of experimental difficulties. 

Fig. 5 is a bar graph of data obtained on 1015 steel tubing with 
compound oil full strength and diluted 8 to 1 with base stock. 
The effect of dilution is very apparent. 

Longer tool life was obtained with the diluted oil under mild 
cutting conditions but fell rapidly with a change to heavier duty. 
Machining at feeds beyond 0.011 in/revolution (ipr) with the 
diluted oil introduced the risk of seizure, as the cut metal piled 
up on the tool face and refused to form free flowing chips. No 


4“A Study of the Role of the Cutting Fluid in Machining Oper- 
ations,” by S. J. Beaubien and A. G. Cattaneo, Lubrication 
Engineering, vol. 10, 1954, pp. 74-79. 


Wear Rate ~ counts per second per gram of chips - cps/g 


Cutting Speed - 120 sim 
Tool Activity - 7 millicuries 
- 1045 steel tubing 


Mineral Oi) 


Compound Oi) 


0.005 0,006 
Feed in inches per revolution 


Fic. 6 Errecr or Cutting Fiurp on Toor-Weark Rate 


Cutting Speed - 80 to 120 sim 
Tool Activity - 7 millicuries 
Stock - 1045 steel tubing 


@ Compound Oil (——) 
© Mineral Oil 


ond per gram of chips 


Wear Rate ~ counts per sec 


800 900 1000 1100 1200 


Temperature - “F 


CorrRELATION OF Toot-WeaR Rate anv Cuip-Too.- 
INTERFACE TEMPERATURE 


Fie. 7 


» 
50 
= 
> 


1176 


chip-flow difficulties were encountered with the full-strength com- 
pound oil. 

Excellent surface finishes were obtained with the compound-oil 
flood until severe cutting conditions were encountered. The 
diluted-oil surface finishes were never as good and deteriorated 
with the change to more severe cutting conditions. 

Data were obtained for 1045 steel with essentially the same 
physical setup used for 1015 steel. This was not the best cut- 
ting geometry for obtaining a good surface finish with 1045 steel, 
and all surface finishes were poor. A small improvement was 
noted with compound oil but this was masked by data scatter. 

Fig. 6 is a bar graph of data obtained from metal-cutting tests 
conducted dry, with a mineral-oil flood and with a compound-oil 
flood. Both crater and flank wear were evident on the tool. 

Dry cutting was possible only up to 0.002 ipr feed, and the tool 
life was prohibitively short. Mineral oil appears best at 0.005 
ipr feed, but is inferior to compound oil at the other test con- 
ditions. No machining is practical at feeds in excess of 0.006- 
0.007 ipr with mineral oil. Compound oil performs well until 
severe cutting conditions are encountered. 

All of the data from the 1045 series are plotted in Fig. 7. Tem- 
perature appears to be a good correlating criterion. No tem- 
perature below 650 F was obtained, possibly because this may be 
the minimum temperature in the shear plane “awe the chips 
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separate from the stock. Below 800 F lower tool-wear rates 
were observed with compound oil than with mineral oil or dry 
cutting. In the temperature range about 900 F the lowest 
tool-wear rates were obtained with mineral-oil floods. Above 
1050 F the curves appear to blend and tool-wear rate appears to 
be a function of temperature alone. The EP agents present in 
this particular compound oil apparently lose effectiveness above 
this temperature and the curve degenerates into a simple cooling 
curve. 

Cutting temperatures produced when using compound oil were 
lower than when using mineral oil for the same cutting conditions. 
Presumably the reduction of friction at the chip-tool interface 
effected by the EP agents in compound oil is responsible. 


CONCLUSIONS 


(a) The radioactive-tool technique permits rapid and 
accurate measurement of instantaneous tool wear under cutting 
conditions comparable to industrial machining practice. 

(b) No unique criterion of oil merit has been found, but 
tool-wear rate supplemented by surface-roughness or tempera- 
ture data or both is a good index of oil performance. All three 
criteria should be considered at the start of an oil analysis. 
However, as the test proceeds it may be possible to subordinate 
one measure in the interests of economy. | - 


> 
We 


An Effort to Use a —— atory Test as 
Index of Combustion 


F. J. CEELY! ano R. I. WHEATER,? NEW YORK, N. Y. 


This paper discusses results of a study in progress to de- 
termine if the CRL’ reactivity test can be applied as an in- 
dex of combustion performance in pulverized fuel-fired 
steam generators. Before undertaking an extensive pro- 
gram of correlating laboratory data against actual com- 
bustion experience, it was necessary to conduct the study 
on a limited basis to establish whether or not the results 
would justify an extensive effort. The authors present 
some significant data accumulated during this study phase 
and conclude that further investigation is warranted on 
a larger scale. 


INTRODUCTION 


HERE are various properties of coal, and the solid deriva- 

tives of coal and petroleum, which are of foremost im- 

portance in each of the applications of these fuels. If we 
confine our remarks to the burning of pulverized fuels in suspen- 
sion, then the most important properties are those comprising a 
general characteristic which may be called combustibility. 

We sometimes conceive of combustibility as involving, first of 
all, the ignitibility of the fuel, and secondly, the nature and extent 
of the subsequent burn-out process. This simple analysis will suf- 
fice for the purposes of this paper. Both of these phases of com- 
bustibility are important and should be measured by any labora- 
tory test (or tests) designed to predict behavior in large-scale 
equipment. In the United States, combustibility has been pre- 
dicted almost exclusively from data provided by the standard 
proximate and ultimate analyses, together with a mass of accu- 
mulated experience. However, the necessity of designing equip- 
ment for fuels from new coking and charring processes and foreign 
coals of unknown behavior has emphasized the need for reliable 
laboratory-scale combustibility tests. 

Considerable ingenuity has been expended in devising com- 
bustibility tests and an extensive literature exists on the subject 
(1, 2,3). Of the many tests described, few have been applied to 
the practical problem of prediction with which a design engineer is 
faced. There have been no published accounts, of which the 
authors are aware, of applications of any of the combustibility 
tests as design criteria in the important field of pulverized-fuel 
firing. 

The authors’ company has followed with interest many at- 
tempts to devise such methods and was particularly interested in 
the activities and reports of Subcommittee XVI of ASTM Com- 
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mittee D-5 on Coal and Coke. This subcommittee investigated 
the CRL reactivity test originally devised at the Coal Research 
Laboratory of the Carnegie Institute of Technology, by Sebastian 
and Mayers (4). Its investigation was reported to the ASTM an- 
nual meeting in 1941 and was summarized up to that date in an 
outstanding report by Sherman, Pilcher, and Ostborg published 
later that year (5). The subcommittee was generally optimistic 
with regard to the ability of this test to measure a temperature, 
called the “reactivity index,” and the application of this index 
to practical predictions when additional correlation data became 
available. 

It was evident that anyone desiring to use the test for design 
purposes would have to collect both reactivity data and combus- 
tion experience with a wide variety of fuels to determine if a re- 
liable correlation were possible. One also would have to decide 
whether or not the test, which was conceived as an ignitibility 
test, yielded significant information regarding the burn-out phase 
of combustion, and modify or supplement the test if it did not. 

A year ago, we initiated a program to resolve the problems as 
outlined. This interim report will give the results to date to- 
gether with some indication of our future course of action. 


Equipment Usep For CoRRELATION StuDy 


We will not discuss the CRL test apparatus or method as this 
has been done adequately in the papers previously cited (4, 5, 6). 
It is important, however, to note that the CRL test in its present 
form, unlike other combustibility tests, seems to determine an 
independent property of the fuel (6). This property, known as 
the reactivity index, is a temperature at which the rate of oxidation 
of a sample attains a prescribed value under standard conditions. 
Specifically, the term reactivity index as used in this paper is 
known as 7';5 and is the temperature in degrees centrigrade corre- 
sponding to an adiabatic self-heating rate of 15 deg C per min. 
From this definition, it will be seen that the higher the reactivity 
index 7'\5, the less reactive, or less ignitible, is the fuel. 

The combustion characteristics of the various fuels included 
in this study were determined by observing or testing steam 
generators when actually firing these fuels. For the anthracite 
fuels, we used the type of steam generator shown in Fig. 1. 
In this design, many carefully conceived provisions have been 
made to achieve good combustion of low-volatile fuels in a dry- 
bottom furnace. Pulverized fuel of high fineness is supplied to 
separating-type burners located in the two opposed arches, The 
burners vent a portion of the primary air, thus providing a rich 
mixture at the burner nozzles. After ignition is established, 
secondary air is admitted along the U-shaped flame path through 
air ports in the walls below the arches and a relatively large fur- 
nace is provided for ample residence time. 

For the fuels other than the anthracites, we have used steam 
generators of various designs and taken into consideration those 
design factors which influence combustion characteristics. 


CorRELATION OF ComBusTIBILITY WITH Reactivity InpEx 


American experience has generally established the composition 
and amount of volatile matter in solid fuels as the major criteria 
for combustibility. Except in rare instances the composition of 
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the volatile matter has been ignored because of its consistency. 


_ The most important applications of these criteria are, of course, in 


some cokes and chars, which are difficult to ignite and burn. 


Many successful units have been designed, and operating ex- 


perience in this country confirms the close relationship between 
the volatile content and combustibility. Furthermore, work done 


coal, and for cokes having the same carbonization history, the 


reactivity index 73 was predictable with fair accuracy from the 


dry, ash-free volatile content alone. Formulas eventually were 


given in the literature for the calculation of 7:5 from volatile con- 


tent (7, 8). This apparently established a general relation be- 


tween 75 and combustibility. 


However, our present study shows that the composition of the 
volatile matter cannot be neglected and that the combustibility of 


a fuel cannot be closely correlated with the amount of volatile 


matter alone. It also has revealed that the reactivity index can- 


matter in these fuels is quite consistent. 


- accuracy required to justify establishing a formula. An illustra- 
tion of these points follows. 


Many units of the type shown in Fig. 1 have been designed for 


jor combustibility criterion since the composition of volatile 


Fic. 1 A Typrcat Steam GENERATOR FOR ANTHRACITE FIRING 


Without exception, the 


performance of these units verified the correctness of the predic- 
tions. However, when virtually this same design was used for a 
French anthracite of approximately the same volatile content, 
predictions based upon the volatile content criterion were not 
valid since this fuel was clearly much more difficult to ignite and 
burn to completion than the Pennsylvania anthracite. 

Laboratory test data for the fuels in question are shown on 
Table 1. It is most striking to note that the volatile content on a 
dry, ash-free basis is 11.4 per cent for the foreign fuel, and is only 
8.55 per cent for the Pennsylvania anthracite. The measured 
reactivity indexes are 411 C and 310 C, respectively, showing 
the reactivity index is, as it should be, higher for the fuel which 
experience showed to be more difficult to ignite and burn. The 
comparison of measured and calculated values of 7, shows the 
formula from reference (8) to hold well for the Pennsylvania an- 
thracite, but to diverge badly from the measured value for the 
French fuel. 

There are several other points of interest in these data which 
should be considered briefly. The hydrogen content of the French 
anthracite is much lower, the ash content considerably higher, 
and the composition of the volatile matter quite different from 
that of the Pennsylvania anthracite. While the analysis of the 
volatile matter of the French fuel does not report the oxygen, 
carbon dioxide, and condensable vapor present, the inclusion of 
these constituents would only further reduce the hydrogen and 


| 
—- 
| 
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methane reported. The condensable volatile matter present in 
the French coal is not found in Pennsylvania anthracites. Various 
checks on the heating value of the volatile matter of the French 
anthracite, aside from the foregoing data, have shown it to be in 
the order of 25 per cent of that of Pennsylvania anthracite. The 
heating values, as calculated by Dulong’s formula, also are shown. 
It will be noted that the measured and calculated values of the 


Pennsylvania anthracite check closely, but the measured value 


is 4.5 per cent below the calculated value for the French coal. 
This fact has been noted on several other fuels which have high 
reactivity indexes. 

In again considering only the correlation of volatile content 
with reactivity, we have found that the measured reactivity of 


many other fuels failed to agree with the formulas for coal and 
coke in the existing literature. Fig. 2 shows the comparison of 
the measured and calculated reactivity index 75 as a function of 
dry, ash-free volatile content for a number of coals of widely dif- 
ferent rank and source, and for some chars and cokes. Referring 
to the two anthracites just discussed, it will be observed that the 
reactivity of the French fuel (Sample 8) is well above the curve, 
but that the American fuel (Sample 10) agrees well with the curve. 

Other particularly interesting fuels whose reactivity is plotted 
in Fig. 2 are foreign anthracites (Samples 1 through 8), an Ameri- 
can graphitic anthracite (Sample 13), fluid coke from the first 
commercial-seale fluid-coking unit (Samples 17, 18), a typical 
petroleum coke from a delayed-coking unit (Sample 19), and a 
low-temperature bituminous-coal char (Sample 20) More re- 
lated data for these fuels may be found in the summary tabula- 
tion of Table 2. None of the anthracites is of meta-anthracite 
rank according to ASTM D388-38. However, many of those 
diverging must widely from the curve, for example, Samples 1, 2, 
7, 8, and 13, occur in isolated lenses or pods and often exhibit a 
relatively soft structure and graphitic texture which one might 
associate with meta-anthracite. With regard to combustibility, 
all require special consideration for ignition and completion of 
combustion, and qualitatively substantiate the reactivity index 
as a criterion for predicting large-scale behavior. Those with the 
highest value of 7' are extremely difficult to burn. 

Two samples of the fluid coke used in a series of large-scale 
burning tests (9) showed reactivity indexes of 348 C and 374 C. 
From the authors’ observations during these tests, we consider 
these reactivity figures in accordance with the combustion charac- 
teristics noted. 

The delayed petroleum coke (Sample 19) has a higher reactivity 
index than predicted for coke of the same volatile content derived 
from coal but approximately the same as coal of equal volatile 
content. Experience has shown that some supplemental fuel 
is required to maintain ignition of this fuel and achieve combus- 

tion characteristics equal to those of bituminous coal of the same 
reactivity when subjected to the same firing conditions. 

The low-temperature bituminous-coal char (Sample 20) has a 
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PROXIMATE ANALYSIS (@) 
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MEASURED | OULONG | CONTENT | GRINDABILITY 
FORMULA (c) HARDGROVE 


VOLATILE REACTIVITY INDEX (d,e) 


OBSERVED | CALCULATED 


ANTHRACITE 4.10 61.47 


11942 972 4.79 214 352 


ANTHRACITE 4.17 $9.73 
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ANTHRACITE 7.16 59.44 
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reactivity index lower than coal of the same volatile content, 
and about equal to high-volatile Pennsylvania or West Virginia 
coals. Our experience with this char is limited to several short 
tests under conditions of low primary and secondary-air tem- 
- perature, and pulverized-char fineness averaging 70 per cent 
through 200 mesh. Under these conditions, it was difficult to 
maintain ignition without suppiemental fuel and the unburned 
combustible loss was high. When coals of the same reactivity as 
_ this char are fired under the same conditions in this equipment 
_ without supplemental fuel, the ignition is stable, and the un- 
_ burned combustible loss is low. 
From an ignitibility viewpoint, it would seem that the reac- 
- tivity index of the low-temperature char and delayed petroleum 
coke is deceptively low, indicating an apparent ease of ignition 
= found in actual experience. It is equally plausible, however, 
- to say that coals of the same volatile content as the coke and 
char ignite much more readily than their reactivity index would 
indicate. It is important to recall that the CRL test measures 
= rate of oxidation at the surface of a sample at low tempera- 
- tures. Thus, in almost all cases, the sample is virtually unaltered 


_ by the test, and certainly there is no appreciable evolution of vola- 


tile matter. Because of this, one might expect that solid fuels 
which ignite in furnaces with little evolution of volatile matter 
and little or no change in surface area or surface characteristics 
would be correlated accurately with regard to ignitibility by the 
CRL test. If, on the other hand, a fuel does evolve volatile 
combustible matter or undergoes surface increase or activation at 
low temperatures, its actual ignitibility may be better than pre- 
dicted by the CRL test. The CRL test probably does not ac- 
count adequately for the “torch effect’”’ of volatile combustible 
matter on ignitibility. This tentative conclusion is supported by 
the flat characteristic of the coal curve in Fig. 2 between volatile 
contents of 15 and 35 per cent, since experience indicates increas- 
ing ease of ignition as volatile content increases throughout this 
range. 

Sample No. 13 is a graphitic anthracite from Rhode Island. 
The reactivity index of 551 C is the highest value of any of the 
raw-coal samples tested. There have been several attempts made 
in the past to burn Rhode Island anthracite, notably the tests re- 
ported in the ASME Transactions for 1924 (10). The present 
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authors have consulted freely with one of the engineers responsible 
for carrying out the test program (11). 

The tests clearly demonstrated that the Rhode Island anthra- 
cite could not be burned without supplemental fuel even in a 
furnace with refractory walls. Efforts to burn this fuel alone 
were unsuccessful even when tests were started using a mixture 
of this fuel and New River bituminous coal. Whenever, the 
bituminous-coal supply was depleted, the furnace began to cool 
and ignition was lost in all cases within 2 hr. It is evident from 


’ the available reports that the observed combustion characteristics 


of the Rhode Island anthracite are consistent with its high reac- 
tivity index. 

In considering the burn-out phase, our study has indicated that 
the reactivity index can be correlated qualitatively with the 
burn-out characteristics of coals, cokes, and chars providing op- 
timum ignition conditions are achieved. Additional data must 
be accumulated and evaluated to a common base before firm 
conclusions can be made as to usefulness of the index for pre- 
dictions. 


CorRELATION OF Reactiviry INDEX WitH OTHER FUEL 
PROPERTIES 


A close correlation of reactivity index with one or more of the 
other fuel properties would provide a valuable check on determina- 
tions of 7, and also would permit approximating 7’; without a 
fuel sample where the other property is already known. At- 
tempts have been made by the authors and others to find a rela- 
tionship between reactivity index and almost all known fuei 
properties. Our efforts to establish a relationship between reac- 
tivity index and other fuel properties have indicated that some 
relation exists between hydrogen content and reactivity index on 
all of the various fuels tested. While it has been reported pre- 
viously (8) that an approximate correlation exists between dry, 
ash-free volatile content and reactivity index, our study reveals 
that such a correlation does not exist on many of the fuels tested. 

When the reactivity index of the fuels shown in Table 2 is 
plotted versus the hydrogen content on the dry basis, and the hy- 
drogen content on the dry, ash-free basis on Figs. 3 and 4, some 
relationship is evident and curves may be drawn. It is interesting 
to note that the hydrogen content on the dry basis provides a 
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curve with less scattering of points than found when the dry, ash- 
free hydrogen content is used. The figures adjacent to the plotted 
points in Fig. 3 denote the ash content on the dry basis and it 
may be seen that samples of equal ash content are not con- 
sistently above or below the curve drawn. The maximum devia- 
tion of all reactivity data checked against this curve, including 
cokes and chars, is less than 45 deg C, thus showing th y- 
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drogen content on the dry basis may provide a usable approxima- 
tion of 715 as more data become available. 

Any conclusions relative to the apparent ash effect may be con- 
sidered premature, since the role of ash in the reactivity test has 
not been definitely established as yet. Some speculations (12) 
have been made regarding the relative effect of ash acting as 
thermal ballast and as a catalyst. 
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In Figs. 5 and 6 the reactivity index of many fuels has been 
plotted versus the volatile content on the dry basis and the dry, 
ash-free volatile content, respectively. Since many additional 
data are available from the literature, they were used to supple- 
ment the data given in Table 2. These curves reveal that there is 
a good correlation between reactivity index and volatile content 
on both the dry and dry, ash-free basis of coals in the 15 to 35 
per cent volatile range. However, in the low-volatile range, many 
anthracites of the same volatile content have reactivity indexes 
varying as much as 240 deg C, making correlations impossible. 
The chars and cokes tested seemed to correlate much better than 
the anthracites. Again, as was the case with hydrogen content, 
volatile content on the dry basis shows less scattering of points 
than found when the volatile content on the dry, ash-free basis is 
used. 


CoNCLUSIONS 


“a Laboratory data and actual firing experience in steam genera- 
rs using coals of all rank and several solid fuels from coking 
and charring processes permit us to make the following conclu- 
sions: 


1 The volatile content alone does not provide either accurate 
predictions of combustion characteristics of all of the fuels tested, 
or reliable values of the reactivity index 7's. 

2 The reactivity index 75 alone does not provide accurate 
predictions of the ignition characteristics of all of these fuels. 

3 Additional performance data and firing experience are re- 
quired on fuels having 7'5 values exceeding 350 C to establish the 
practical application of the reactivity index in predicting burn-out 
characteristics on large-scale equipment. 


Our studies to date have also permitted us to make the follow- 
ing tentative conclusions: 

1 The reactivity index 7's will only provide accurate predic- 
tions of ignition characteristics for those fuels which do not evolve 
appreciable combustible volatile matter at low temperatures. 

2 The reactivity index 7; can be approximated with reason- 
able accuracy from the hydrogen content (dry basis) of the fuel. 

3 The reactivity index 7); will provide accurate predictions of 
the burn-out characteristics of the fuels when they are ignited 
under optimum conditions. 

4 The CRL reactivity test will prove valuable to designers in 
predicting combustion characteristics of anthracites, petroleum 
cokes, and chars as its capabilities and limitations are established. 


The results of this study to date are gratifying and warrant 
further effort to resolve some problems encountered in the quanti- 
tative application of the CRL reactivity test as a criterion of 
combustion characteristics. 
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R. C. Corey.’ This paper is a welcome contribution to a neg- 
lected, though important, phase of combustion technology: the 
relationship between the combustion characteristics of coals, 
cokes, and chars in a commercial-size boiler furnace, and the 
results of laboratory tests of the same fuels to determine their 
relative combustibility. The authors used the “reactivity index,” 
which is based on a test developed in the Coal Research Labora- 
tory, Carnegie Institute of Technology, as a measure of the com- 
bustibility of the solid fuels that were studied. 

This writer contends that any test to determine, a priori, 
the combustibility of pulverized fuel must simulate to some degree 
the conditions that exist in a furnace, especially with respect to 
the rate of heat transfer to and through the particle, and the air- 
fuel mixing characteristics. Such a test should respond to the 
physical and chemical reactions associated with pyrolysis of the 
particle, the gas-phase burning of the volatile matter, and the 
solid-phase burning of the remaining carbon. 

The pyrolytic reactions, from which the volatile matter is 
derived, are exceedingly complex and as yet not clearly defined. 
It is essential to understand that volatile matter does not exist as 
such in the fuel, as does the mineral matter. When coal is heated 
certain bonds in the coal molecule are broken, and the resulting 
molecular fragments interact and decompose to form a mixture 
of gaseous and tarry hydrocarbons, hydrogen, carbon monoxide, 
carbon dioxide, carbon, and water vapor, which is known as 
volatile matter. Although the mechanism and the kinetics of the 
formation and evolution of volatile matter are not clear, it is 
known that its chemical composition is determined largely by the 
chemical composition and structure of the fuel from which it is 
formed; by the rate of heating of the fuel particle; by the tem- 
perature at which it is formed; and by its rate of escape from the 
particle. In addition, the combustibility of volatile matter is 
determined by its chemical composition, other things equal. 

These considerations raise a serious question concerning the 
value of the composition of the volatile matter as an index of 
combustibility in a furnace. Presumably, the volatile matter of 
both the French anthracite and the Pennsylvania anthracite was 
generated from a charge in a crucible, heated under specified 
conditions. If the volatile matter of each coal had been produced 
under other conditions, its composition might have been quite 
different. 


Discussion 


5 Chief, Division of Solid Fuels Technology, Region V, U. 8. 
Bureau of Mines, Pittsburgh, Pa. 
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With regard to the burnout phase, much remains to be learned 
about the rate of combustion of nearly or completely devolati- 
lized particles, especially with regard to the effects of: (a) the 
geometric and internal surface areas of such particles, (6) the 
amount and distribution of the ash, and (c) the heat-transfer 
characteristics of the particles. 

There is clearly a need for more emphasis on fundamental 
studies of the physical and chemical reactions associated with the 
pyrolysis of coal particles; measurement of the rate of devolatili- 
zation of coal particles under controlled conditions would be a 
valuable step in this direction. Studies are needed also of the 
combustion kinetics of certain coals, cokes, and chars, to ascer- 
tain the reasons for unexpected combustion characteristics in 
furnaces. 

The following questions may be asked the authors: 


1 Under what conditions was the volatile matter produced 
for samples 8 and 10? 

2 Have the anthracite samples that appeared to be graphitic 
been examined to determine if this structure existed, say, by 
means of x-ray diffraction? 

3 Relative to the delayed coke, was the fluid coke easier to 
burn? What might be said about the combustion characteris- 
tics of delayed coke, relative to anthracite and bituminous coal? 

4 Where comparisons were made of the combustion charac- 
teristics of foreign and Pennsylvania anthracites, were the heat- 
release rates, air-preheat temperatures, fuel-air ratios, and other 
significant operating variables comparable? 

5 Other things equal, the combustible content of the fly ash 
from the various anthracites might provide a useful correlation 
factor. Are these data available? 

6 Other than the need for supplementary fuel, and high car- 
bon losses, associated with fuels that burned with relative diffi- 
culty, what other operating factors, especially those with quanti- 
tative significance, are available to compare performance? All 
clues of this kind are valuable in planning controlled, laboratory- 
scale experiments. 


M. A. Mayers.® It has been interesting to learn that the sub- 
ject of ignitibility of solid fuels is again arousing interest as a po- 
tentially significant characteristic. 

It should be noted that the CRL method discussed in this and 
the companion paper’? had a more limited objective than the 
measurement of ignitibility in the broad terms in which it was de- 
fined by Subcommittee XVI of ASTM Committee D-5. This 
limited objective was to measure the rate of the oxidizing reaction 
in a way that is characteristic of the coal material. 

It was subsequently pointed out* that the effective ignition 
temperature in a fuel bed depended on the conditions existing 
within the bed. These conditions include mean particle size, rate 
of air flow, effective conductivity of the bed, and rate of fuel flow 
through the bed. For a particular set of conditions an attempt 
was made to estimate effective ignition temperatures from 
measurements of 7’; and 73. The estimates so arrived at were of 
the right order but there was no objective method available for 
determining whether they were, in fact, correct. 

The large-scale ignitibility test reported by Nelson and Pilcher 
in Figs. 1 and 2 of their paper? may or may not correlate with the 


* Chief Mechanical Engineer, Burns and Roe, Inc., New York, 
N. Y. Mem. ASME. 

7 This discussion also pertains to ‘‘Ignitibility Testing as a Measure 
of the Burning Characteristics of Solid Fuels,’”’ by H. W. Nelson and 
J. M. Pilcher, ASME Paper No. 56—FU-2. 

*“‘Some Factors Affecting Combustion in Fuel Beds,”’ by M. A. 
Mayers, American Institute of Mining and Metallurgica) Engineers 
Technical Publication No. 771, 1937. 


CRL method. Since the large-scale method does not compensate 
for the extraneous factors described in the previous paragraph, 
the relationship between reaction rate and rate of temperature 
rise upon which the CRL method is based is an approximation to 
the complete expressions for heat flow in fuel beds given in another 
paper.® 

The CRL method eliminates the effect of thermal transport 
within the bed by establishing uniform temperature throughout 
the sample being tested and by limiting severely the rate of air or 
oxygen flow. When these quantities are not negligibly small, the 
simple relationship’ between reaction rate and rate of temperature 
rise no longer holds. 

Messrs. Ceely and Wheater call attention to differences in 
behavior under firing conditions of fuels having substantially the 
same values of 75. Was any attempt made to correlate these dif- 
ferences with differences of E-value or with the difference in 
temperature between 7; and 7? These quantities measure 
the rate of change of reaction rate with temperature and might 
be expected to point to differences under other operating condi- 
tions of fuels having the same value of 75 under CRL test con- 
ditions. 

A. A. OrninG."© The authors have shown that there are coals, 
in the low volatile-matter-content range, having reactive proper- 
ties that cannot be predicted from their proximate analyses. 
Further experience may show that ultimate analyses and data on 
character of the volatile matter are adequate for prediction of 
reactive properties. 

It appears that chars and cokes have combustion properties 
differing from those of coals with similar proximate analyses and 
reactivity indexes. The authors indicate that reactivity indexes 
correlate with burn-out characteristics “providing optimum igni- 
tion conditions are achieved.’”’ This optimum demands rapid 
heating of the fuel as it enters the combustion chamber, achieved 
by an intense flame held close to the burner mouth. Thermal 
changes in the solid residue, which must be burnt out, differ with 
rapid heating in the flame from those produced by slow heating 
in the carbonization process. These basic differences between 
coals and chars and cokes must be recognized in any broad cor- 
relation of combustion properties of solid fuels. 

The CRL reactivity test has been recommended as a research 
tool in so far as reactive properties can be predicted with suf- 
ficient accuracy from proximate analyses. The present data show 
that this position must be modified. As applied toa wide range of 
low-volatile fuels, the proximate analysis is not adequate. 

The reactivity test requires special equipment and skills. It 
cannot be justified unless the alternatives are equally difficult. 
Determination of ultimate analyses and qualitative examination 
of the volatile matter appear as possible alternatives. Correla- 
tions should be continued with special emphasis on low-volatile 
fuels. 


R. A. SuHerman.'! To the writer, who was Chairman of Sub- 
committee XVI on Ignitibility of Coal and Coke of Committee 
D-5 of the ASTM during the several years of the life of the Sub- 
committee, the resurgence of interest in this subject is of con- 
siderable interest. Although the work done by the Subcommittee 
indicated that the CRL test so nicely developed by Mayers and 
his associates was one capable of giving reproducible results and 


*“*Temperatures and Combustion Rates in Fuel Beds,"”’ by M. A. 
Mayers, Trans. ASME, vol. 59, 1937, pp. 279-285. 

10 Member of the Staff, Coal Research Laboratory, Carnegie Insti- 
tute of Technology, Pittsburgh, Pa. Mem. ASME. 

11 Technical Director, Battelle Memorial Institute, Columbus, 
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one of more than an empirical significance, yet the ability to in- 
terpret the results of the test in terms of the performance of a fuel 
in use led the Subcommittee to vote a recommendation for its 
dissolution some time before this was officially approved. 

The paper by Nelson and Pilcher’ is a good introduction to the 
symposium as it discusses the concept of ignitibility, the basis for 
the CRL test and its larger-scale counterpart as developed at 

Battelle, for the critical-air-blast method found so useful in 
Britain, and for the stoker-ignition test. It also presents such 
_ data on correlation as were available to the authors. 

The Ceely-Wheater paper is particularly valuable because of 

the new data by the CRL method on a considerable variety of 

- coals. These new data show that the volatile-matter content is 
not an accurate indication of the ignitibility. The data on the 
composition of the volatile matter of various coals is of interest 
but the ignitibility test is not a measure of the characteristics of 
the volatile matter but of the solid fuel before the volatile matter 
is formed and released. 

The data given in the paper are, presumably, those obtained on 
-—40 +60 mesh coal, Inasmuch as the interest of the authors 

- was on the performance of the coal in pulverized form, the ig- 

- nitibility of the coals in the sizes as pulverized for burning might 
be a better index of the relative expected performance. Cer- 
tainly, the coals would have been pulverized to different degrees 
of fineness as indicated by experience. 

That some degree of correlation between ignitibility and burn- 
out is anticipated by the authors is of interest. Inasmuch as the 
final burn-out is of a carbonized, highly heated residue, its degree 
of burn-out would not be expected to be affected by the initial 
ignitibility of the coal except in so far as this fixes the time avail- 
able for combustion in the furnace. A delay in ignition will de- 
crease the time available for combustion. 

If this renewed interest in ignitibility is maintained with further 
data correlating the results of laboratory tests with performance 
in the furnace, it might well be profitable to reestablish the 

ASTM Subcommittee with fresh leadership sy new blood. 


Avutuors’ CLOSURE 

The authors wish to extend their thanks to the discussers for 
the opinions and comments expressed on the subject matter of 
this paper. Some of the detailed questions cannot be answered 
at the present time since our study is not complete. It is ex- 
pected however that work in progress may form the basis for 
replies to some of the unanswered questions. 

Mr. Corey indicates that any test for combustibility must 
simulate to some degree the conditions of heat transfer and mixing 
that exist in a furnace. While the authors agree that such tests 
would probably provide useful measures of combustibility, it 
must be remembered that the major purpose of their study was 
to determine whether or not the CRL test, which is relatively 
simple, and is independent of burner and furnace types, can yield 
equally useful results. The many design and operating variables 
present in actual practice necessitate a test which measures a 
characteristic of the fuel itself independent of other influences. 

Regarding Mr. Corey’s comments on the pyrolysis of coal, the 
volatile matter for Samples 8 and 10 was evolved and measured 
under the same conditions. Our intent in introducing this data 
was merely to point out that some fuels of comparable volatile 
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content, but with widely different reactivity indexes, also had 
marked differences in composition of the volatile matter. 

The specific questions asked by Mr. Corey are answered as 
follows: 


1 In general, the procedure followed was that published by 
the U. 8. Steel Corporation in their, ‘Methods of Chemists for 
Sampling and Analysis of Coal, Coke, and By-Productions.” 

2 None of the apparently graphitic samples reported in this 
study have been examined by x-ray diffraction methods because of 
the difficulty of assigning quantitative significance to such re- 
sults. Other experience of the authors with regard to x-ray dif- 
fraction procedures indicate that only rough differentiation is 
possible between samples of different graphitic content. 

3 From our observations and data, we believe that the fluid 
petroleum coke is more difficult to ignite and burn than the de- 
layed petroleum coke. The delayed coke is definitely more dif- 
ficult to ignite and burn than bituminous coals and is easier to 
burn than anthracite. 

4 In most cases the significant factors mentioned were com- 
parable. In a few cases where these factors were not comparable 
we took the difference into consideration. 

5 The combustible content of the flyash is available and has 
been used as far as possible to correlate burn-out characteristics 
with reactivity index. However, as pointed out in the paper the 
existing variations in those factors affecting burn-out make it 
extremely difficult to evaluate this data to a common base. 

6 Other important operating factors such as range of stable 
burner operation, furnace exit-gas temperature, and permissible 
range of excess air may be used to compare performance when all 
other influencing variables are maintained constant. 


Mr. Mayers has emphasized that the CRL test was originally 
devised to measure a low temperature oxidation rate in a way 
which is characteristic of the material itself. The purpose of the 
present study was to extend the significance of the CRL results, 
if possible, by determining if they correlate with actual burning 


characteristics. 
An attempt was made to correlate E-values with firing be- 
havior of fuels having substantially the same values of 7's. 


While such a correlation is not apparent at present, it is hoped 
that additional data will resolve this question. 

Dr. Orning, who has done so much work with the CRL reac- 
tivity test, is certainly correct in his position that this test cannot 
be justified unless the alternatives are equally difficult. We are 
continuing our efforts to correlate the reactivity index with some 
more easily measured property of the fuel. Results on many 
samples tested since the presentation of this paper continue to 
indicate a reasonable correlation of 713 with hydrogen content 
(on the dry basis). 

With reference to Mr. Sherman’s comments, we understand 
that the reactivity test is not a measure of the characteristics of 
the volatile matter, but introduced the data showing composition 
of the volatile matter of Samples 8 and 10 only for the reasons 
outlined in the foregoing. 

The reactivity indexes given in the paper were obtained using 
a —40 +60 mesh sample. For the purposes of this study, we 
did not want to introduce any variable, such as particle size, 
which by itself would affect the oxidation rate, since we were 
mainly interested in comparing fundamental characteristics of 
the fuels, 
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Turbulent Free-Conve 


Heat-transfer rates are reported for turbulent free con- 
_vection in a finite-length horizontal pipe containing so- 
dium. Heat is added at one end and removed at the other. 
A generalized equation which correlates the data is pro- 
Posed giving the ratio of heat transfer with turbulent con- 
vection to that on pure conduction in terms of the L/D 
ratio, Prandt!] number, Grashof number, and Reynolds 

number. The solution is extended to inclined pipe with 
one or both ends open to plenums. 


NOMENCLATURE 


The following nomenclature is used in the paper: 


> 


= arbitrary constant 
= expansion coefficient, deg F~ 
specific heat, Btu/lb deg F 
diameter, ft 
eddy coefficient of momentum, sq ft/hr 
eddy coefficient of heat, sq ft/hr 
friction factor 
gravitational acceleration, 4.17 X 108, ft/hr? 
angle between pipe axis and horizontal = 
conductivity, Btu/hr ft deg F 
length of pipe, ft 
viscosity, lb/ft hr 
number of velocity heads loss 
= thermal driving-pressure difference, psf 
resistance pressure drop, psf 
heat-transfer rate with turbulent convection, Btu/hr 
heat-transfer rate with pure conduction, Btu/hr 
density, pef 
temperature, deg F 
= shear stress, psf 
velocity, fph 
axial distance, ft 


c = ratio of interface mixing length to diameter 
Gr = Grashof number — i 
L/D = ratio of length to diameter —_— 3a, 
Pr = Prandtl number 
~ Q/Qeona = ratio of forced free-convection ee transfer rate to 
pure-conduction heat-transfer rate 
Reynolds number 


Dimensionless Groupings 


1 The Knolls Atomic Power Laboratory is operated by the General 
Electric Company for the Atomic Energy Commission. The work 
_ reported here was carried out under Contract No. W-31-109 Eng-52. 
Analytical Engineer, Heat Transfer and Fluid Flow, Knolls 

Atomic Power Laboratory, General Electric Company. 

3 Engineer, Heat Transfer, Knolls Atomic Power Laboratory, 
- General Electric Company. Assoc. Mem. ASME. 

Contributed by the Heat Transfer Division and presented at the 
Fall Meeting, Denver, Colo., September 10-12, 1956, of Toe Ameri- 
can Society OF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, May 
9,1956. Paper No. 56—F-6. 
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INTRODUCTION 


The present investigation was begun to determine the heat- 
transfer capabilities of the 8-in-1D horizontal piping leading from 
the SIR (sodium-cooled intermediate reactor) vessel through the 
shielding. Such information was needed either to estimate the 
required heat sink to freeze-seal the pipe for isolation purposes 
or the length of time required for a heat source external to the 
shield to thaw the reactor by heat transfer through the exit pipe. 
Heat-transfer measurements were taken for only one pipe con- 
figuration filled with sodium which duplicated the reactor exit- 

7 piping geometry. 

Very few treatments of the unusual case of two streams .of 
fluid moving in opposite directions within a common channel 
appear to exist in the literature. The laminar and turbulent 
velocity and temperature profiles in a heat-generating fluid for 

a long vertical parallel-sided cell having isothermal walls have 
been evaluated analytically (1).4 The experimental investiga- 
- tion of heat transfer by free convection of a fluid in an iso- 


thermally heated vertical tube sealed at the lower end and open 
at the upper end to a cooled plenum has been reported (2). 


_ Findings were in close agreement with theoretical predictions of 

Lighthill (3). 

_ The flow pattern reported herein has no axisymmetry in con- 

trast with the previously referenced work. It is hoped that the 
generalized solutions will extend the usefulness of the test data; 
also that their derivation will suggest additional experimental 


ss. work clarifying the mechanism and providing the basis for an 


improved general solution. 


EXPERIMENTAL WoRK 


Test Setup. The test section was a 10-ft-long piece of 8-in- 
diam pipe with a heating unit at one end and a cooling section at 
the other. The bends were introduced to mock up the reactor 

piping. A plan view of the configuration can be seen in Fig. 1. 

The heating section was 14 in. long consisting of five 3-kw calrod 
_ heaters wrapped around the pipe. The heat exchanger consisted 

of a concentric section of 10-in. pipe, sealed to the 8-in. test 

section with graphite packing. The water chamber was 24 in. 
jong. 
To insure complete filling of the horizontal-pipe test section, a 
- 90-deg elbow and an 18-in. vertical section were welded to the 
horizontal section. At the heating section an expansion cham- 
ber was provided for the initial stages of thawing. 

The entire test section was insulated (except the cooling- 
water jacket), with 4-in-thick mineral wool. To minimize heat 
losses to the stands a '/:-in-thick transite piece was placed 
between the pipe and stand. ‘ 

Test instrumentation consisted of instruments to determine 
heat input, heat output, and temperature distribution within 
the sodium. Heat input was determined from voltage and 
current readings. Heat output was determined from water- 
flow rate and the temperature difference between inlet and out- 
let. Temperature distribution was measured with thermo- 
couples placed at the bottom of wells extending 1 in. into the 


4 Numbers in parentheses refer to the Bibliography at the end of 
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pipe, at top, bottom, and either side down the length of the test 
section. Fig. 1 shows the location of the thermocouples. 

Test Procedure. The test section was preheated to about 
350 F with heating-wire circuits and then filled with liquid 
sodium. The sodium level in the vertical standpipe was above 
the level in the horizontal pipe. The entire assembly was 
allowed to cool to approximately room temperature and then 
heat was applied by only the tubular heaters. When the thermo- 
couples indicated the entire test section was molten, cooling water 
was passed through the water jacket and steady-state conditions 
established. 

"est Results. Ten runs were made including the initial trial 
run. A summary of the test data is shown in Table 1. Fig. 2 


TEST DATA FOR HORIZONTAL PIPE 


Heat 
output 
Btu/hr 


TABLE 1 


Average 
temp, 
deg F 


(T2 — Ts)aveg, 
deg 


x 

1.1 5 
1. 0 
2. 5 
2. 5 
2. 0 
3. 2 
3. 5 
5 
4. 5 


(T% T2)aveg, 
deg F 
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shows measured heat-transfer rate as a function of the adjusted 
average temperature difference between streams. The heat 
transfer was observed to vary as the temperature difference raised 
to the three halves power as would be expected for turbulent 
free-convective heat transfer. Typical measured axial tem- 
perature distributions along the top and bottom of the pipe cross 
section are shown on Fig. 3. 

The measured heat input, based on voltage and current read- 
ings, exceeded the measured heat output by 18 per cent on the 
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Fic. 2 Measurep Heat-Transrer Rates P.iorrep AGAINST 
AVERAGE ApJUSTED TEMPERATURE DIFFERENCE BETWEEN STREAMS 


average. Because the heat outputs were based on low water- 
flow rates (small pressure drop) and smal] temperature differ- 
ences, the heat-input measurements are considered more reliable. 


ANALYTICAL PREDICTION OF HEAT-TRANSFER RATES 


Since the flow and temperature patterns are not axisymmetric, 
the labor of a precise mathematical treatment appears unjusti- 
fied if not impossible. Therefore the physical flow pattern 
will be reduced to a simple mathematical model retaining the 
principal features of the heat-transfer mechanism. The three 
geometries shown in Fig. 4 have been treated analytically, but 
the complete analysis will be developed for case (a) only. 
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CASE 


CASE B 


Fic. 4 Geometries For Wuicn Heat-TRANSFER-Rate Expressions ARE DEVELOPED 


The following assumptions are made: 


1 The flow pattern is independent of axial position except 
the ends. 
2 The flow and temperature patterns are symmetrical about 
_a horizontal diameter through the pipe center line. 
3 The heat is added or removed over a small fraction of the 
pipe length. 
4 The inner wall of the pipe is perfectly insulated. 
5 The “centroids” of flow and temperature are ascribed 
- to points 0.196 D above and below the pipe center line. The 
flow is said to be roughly equivalent to a flow of uniform velocity 
through a rectangle having a width of one diameter and a cross 
section half that of the pipe-flow cross section. The centroid is 
said to be at the center of this rectangle. 
6 Velocity and temperature vary linearly between the upper 
and lower centroid locations. 
7 The temperature distribution about the centroid path is a 
_ parallelogram, Fig. 3. 
= "he 8 All fluid properties are constant and correspond to the 
average fluid temperature in the pipe except the density which is 
considered temperature-dependent when it contributes to the 
thermal driving head. 

7 9 The ratio of the effective value of the mixing length at the 
. _ interac to the pipe diameter is constant. 

‘ 10 The flow resistance for each stream arises in two parts. 
‘The first results from wall shear over half the pipe periphery 
_ and may be computed on the basis that the effective hydraulic 

diameter of the semicircular flow section may be written in the 

conventional form wh 


4 area 
D, = 


& 


0.184 


The second part of the flow resistance is caused by eddy diffusion 
across the free surface interface between the two opposing 
streams. The turbulent shear at the interface is a function of 
eddy coefficient of momentum which is left as a function of the 
scale of mixing length to be determined from experiment. 
11. ‘~Frictional resistance at the pipe periphery is not materially 
affected by substitution of a free-surface interface for a fixed 
_ boundary along a plane through the pipe center line. 
12 The eddy coefficient of heat is equal to the eddy coeffi- 
cient of momentum. 


Thermal Driving Head. With the assumptions as back- 
ground, the thermal driving pressure difference may be written 


(T; + Ts) —(T2 + 
2 


+ pBL sin (7: — 73) 


Flow Resistance. The resistance pressure drop is composed of 
three contributions. The first arises as a result of turning losses 
or losses through the heat exchangers and is expressed as 


AP, = p8(0.392 D cos @) | 


The second is the frictional pressure drop developed by wall 
friction. The applicable hydraulic diameter and friction factor 
are given under assumption (10) by Equations [1] and [2]. 
The second contribution is written 


AP; = 


The first term in parentheses of Equation [5] estimates the 
frictional pressure drop around the free-convection loop if there 
were a fixed boundary at the interface. The second term in 
parentheses reduces this pressure drop to that which may be 
charged to half the pipe periphery. It is reasoned that having a 
free interface does not greatly affect the shearing forces at the 
pipe wall. 

The third is the contribution to pressure drop developed at 
the interface. This shear stress is a function of scale of turbu- 
lence at the interface. The average shear stress may be 


0.184 pV? 2L 
Re? 29 0.611D 


0.368 pV? L 
Re®-? 29 D 


expressed (4) 


p 2V 


—— = 
g 0.392 


5.10 


(7) 


Based on the interface shear stress given by Equation [7], the 
resistance pressure drop developed at the interface may be written 


The total resistance pressure drop about the loop is given by 
the sum of the contributions represented by Equations [4], [6], 


AI 
. 
2 
9 
or 
The friction factor is given by dV 
AP, = N+ + 52.0 


Transverse Heat Transfer. The temperatures which appear 
in the thermal driving head, Equation [3], are affected by trans- 
verse heat transfer owing to mass transport and conduction. In 
treating this heat transfer, the eddy coefficient of heat will be 
used with no mention of molecular conduction since turbulent 
diffusion is, for many fluids, the dominant mode of heat transfer. 
Setting up an energy balance on an axial increment of the upper 
stream, one obtains 


T: — 


0.392D%pVC, d7 (ApC,6) 


Ddz.... [10] 
where A is an arbitrary undetermined constant. The effective 
conductivity is given by 


Integration of Equation [10] over the pipe length gives 


Ae(T: — 


where | is the characteristic mixing length. The ratio of the 
effective characteristic mixing length at the interface to the pipe 
diameter has been assumed constant or 
c = cons 


had 
The velocity gradient at the interface is written 


a 2v 
dy interface 0.392D 


> Substituting mixing length and velocity gradient as given by 
Equations [14] and [15] in Equation [13] 


Em = & = 5.10 c?7VD 


since the eddy coefficients of momentum and heat have been 

assumed equal. The value of c? must be determined from test. 

Axial Heat-Transfer Rate. The relationship between the axial 

and transverse temperature gradients is found by substituting 

the eddy coefficient of heat, Equation [16], in Equation [12] 
giving 


By equating the thermal driving pressure difference, Equation 
[3], to the total resistance pressure difference, Equation [9], sub- 
stituting the eddy coefficient of momentum, Equation [16], and 


TRANSACTIONS OF THE ASME 


making use of the relationship between axial and transverse 
temperature gradients, Equation [17], flow velocity may be 
related to the temperature difference across the heat sink 


23 (Ts — T,) sin 6 + 13.0 Ac? cos 0 


L (0.368 
gD N+ — ( + 2656") 


D \ Re®? 


.. [18] 


The rate of heat transfer may be written 


co? = D%C,(T: — 


The axial heat-transfer rate may be calculated on a pure con- 
duction basis as 


for comparison. The ratio of the heat transfer with turbulent 
convection to that which would be calculated on a conduction 
basis, a Nusselt number, is found by dividing Equation [19] by 
Equation [20] and substituting solution of Equation [18] for 
velocity into quotient, yielding 


= 0.706 PrGr'/{L/D)** 
Qeond 


sin 0 + 13.0Ac? cos 0 


4 
L / 0.368 


where 


— T)p* 
r= 3 — 
The temperature difference across the heat sink has been chosen 
as the reference temperature difference rather arbitrarily. 

Re-Examination of Assumption That Flow Pattern Is Independent 
of Axial Position (reference Fig. 5.) It is recognized that con- 
stant-velocity flow cannot exist in two directions in a common 
horizontal channel. Therefore flow distribution will be cal- 
culated approximately so that the differences between actual 
flow and the flow assumed in the analysis may be appreciated. 

To do this, the pressure differential across an axial increment 
of each stream will be expressed in terms of frictional drop and 
velocity change. (The role of buoyancy forces will be omitted 
as secondary away from the ends.) Then the pressure differ- 
entials for the two stream increments will be equated under the 
assumption that the axial pressure gradient does not vary across 
the section. 

It will be assumed that pipe-wall frictional resistance may be 
neglected in comparison with the turbulent shear resistance at 
the interface. The interface shear stress given by Equation [7] 
will be assumed independent of axial position when written in 


+> 


1 
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AXIAL DISTANCE IN PIPE DIAMETERS 


Fig. 5 Estimatep Patrern Horizonta Pipe Basep on Equation [33] 


D? 
Eddy Coefficie sth concept 
‘ : (4), the eddy coefficient of momentum may be written 
. 
f 
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TABLE 2 EVALUATION OF CONSTANTS FROM TABLE 1 TEST DATA 


Avg. heat- 
transfer Adjusted? Ac* 

rate, (T: — Ta)ave, (Ti — Tadave, (Eq. [17]) 

Btu/hr X 10*4 deg F d x 10-4 


45.5 
TS) test avg (see Fig. 6). 


terms of velocity and eddy coefficient of momentum based on 
Equations [18] and [7] giving 


Tinterface = 5.10 


where | 


Then the differential pressure changes due to interface shear 
become 

6P; = —26.0 c? — V.2D — 
1 c 9 
for the upper-stream increment and 


6P; = 26.0 2 V 
g A 


for the lower-stream increment. Flow cross section is desig- 


nated by A. 
The pressure increments due to axial momentum changes are 


_ The total axial pressure differentials for the hot and cold 
streams are found by adding Equations [25], [27], [26], and [28], 
respectively, giving 


Vi dA 
dP, = = 


d 
aP, = 6.022 
g A 


By equating [29] and [30] and recognizing that 
= 
A dA, 

4%, 


and 


dA; A, \? 
Ds (2) 


Fig. 5 is based on Equation [33] using a value of the constant c* 
determined from test data. The calculated flow distribution 


Velocity 


(19). 


Kett 
(Eq. [11 


Reynolds ) 
Btu/hr deg F ft 


number 


(Eq. [18]) 
x1 


N 

(assumed) 
10. 

>. 

6 

suggests that eddy diffusivity should bé treated as a function of 


axial position; also that the value of c? recommended from test 
data should be dependent upon the length-to-diameter ratio. 


5 
1 
8 
6 


4 
2 
0 
4 
0 
7 
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EVALUATION OF Constants Usine TaBLe 1 Test Data 
The three constants—Ac?, c*, and been calculated 
according to the sequence shown in Table 2. The average of 
measured heat input and removal rates has been used. Runs 1 
and 2 have been omitted because of the scatter shown in Fig. 2. 
Fluid properties of the sodium used in calculations (5), corre- 
sponding to a 250 F temperature, were 


p = 57.6 pef 


8 = 1.416 X 10-*deg 
v = 2.48 X 10-? sq ft/hr 


The measured temperature difference between the two streams 
has been reduced by a factor of 0.75 according to the assumed 
vertical temperature distribution of Fig. 6. This curve is highly 


TEMPERATURE 
MEASUREMENT 
LOCATION 


BOTTOM OF PIPE 


0.875 DIA: 


(Te-T3 


ASSUMED 
FLOW AND 
TEMPERATURE 

“CENTROID" 
LOCATION 


0.75 (p-Ts 


| 
4 


Fie. 6 Assumep Re.atTionsHie BeTween 
MEASURED TRANSVERSE TEMPERATURE D1F- 
FERENCE AND THAT EMPLOYED IN ANALYSIS 


Run > 
4 2.77 25.9 39 3.90 ' 
5 3.22 27.0 14 4.16 
6 4.13 30.6 +4 3.69 . ‘ : 
7 4.17 29.6 49 4.28 
8 4.83 38.6 19 3.29 
8A 4.83 37. 
a® 
K = 49.0Btu/hrftdegF 
ee 
...... 
g A, 
73 J 7) ind 
Cre 
| 
fl 
the 


—. 


arbitrary; it is included to illustrate the difficulty of defining an 
effective temperature difference. 

Since the range of the Reynolds number covered in the test 
runs was so small and the test-data scatter so great, values of 
Ac?, c?, and Ke have been averaged for the seven test runs of 
Table 2 to give 


Ac? = 3.83 X 107% 
c? = 9.28 X 10~* 
Kew =°92.9 Btu/hr ft deg F 


The effective conductivity (Equation [11]) used in the analysis 
assumed that the ratio of molecular conductance to conductance 
by eddy diffusion is small. Based on test results, this ratio is 
calculated, using a velocity of 400 fph, as 

K 49 
= 2.07 


pC, 23.7 


The analysis of Martinelli of heat transfer in molten metals (6) 
would give a predicted ratio of about 6.1 based on flow in one 
direction. Since the opposed flows reported herein may be ex- 
pected to increase the scale of turbulence, the ratios of 2.07 and 


6.1 do not appear to be inconsistent. 
If the conductivity were retained in Equation [11], it becomes 


Kee = A(K + pC,&) = 92.9 
Substituting the previous values of K and pC,¢, 
A = 1.28 


This value is close to a value of unity which would be expected 
with a perfect mathematical model. 

If the fluid involved has a very low thermal conductivity, so 
that 

pc pth 
K 

and the scale of turbulence is assumed to be that measured with 
sodium, the recommended value is 


Ac* = 1.28 (9.28 X 10~*) = 1.19 X 107% 


SumMMARY oF RESULTS 


Analytical expressions have been developed for turbulent free- 
convection, heat-transfer rates in an inclined pipe having zero 
net flow for the three geometries shown in Fig. 4. The axial 
temperature difference is related to the transverse temperature 
difference for Cases (a) and (6) by 


while, for Case (c), the temperature difference between plenums 
is related to the transverse temperature difference by 
™1—T; 
T:—T; 
Velocity is related to driving temperature difference by the 
following expressions: 


L 
1 + 33.2 Ac D 


— Ts) sin + 13.0 Ac? cos [18] 


“TRANSACTIONS OF THE ASME 


yp? 


Case (b) 


ee 
0.196 cos 6 
L/D 


L { 0.368 
N « 2 
+ D 


L et; 


D (T; 7's) 


Reynolds number for all three cases is defined by 


Re 


The rate of heat transfer to the heat sink for Cases (a) and (6) 
and to the upper plenum for Case (c) is given by 


sin 6 + 13.0Ac? cos 6 + 


— = 


0.392 cos 0 
L/D 


265¢*) 


sin 0 
1 + 33.2 Ac?*L/D 


0.368 
N+L/D ( Ree 


_ 0611 DVp 


i us 
Appropriate values of the constants Ac? and c? for sodium are 


Act = 3.83 X 1073 


and c? = 9.28 10-* 


based on heat-transfer measurements in a horizontal 8-in-ID 
pipe closed at both ends (Case a) which was 14.7 diameters in 
length and contained sodium at 250 F. Measurements covered 
a Reynolds-number range from 4000 to 7000. 

For liquids having a low conductivity, so that eddy diffusion 


controls heat transfer, the values 


Ac? = 1.19 X 1073 
c? = 9.28 XK 10~* 
appear appropriate based on the same test data. 

The solutions may be written in the form of a Nusselt number, 
the ratio of the heat-transfer rate to that calculated on the basis 
of pure axial conduction. 

For Case (a) 


and 


— 0.706 PrGr D 


sin 6 + 13.0Ac? cos 6 Ve 


L GS + 265 


D \ 


For Case (b) 


0.706 PrGr 
6 + 13.0 Ac? 6 + = 
sin 6 + c* cos L 7D 


a. 
- 1190 
- 
j 
. [36] 
7 
vel. (21) 
hey 
= 28 = ( {38} 
gD D (= pe N 4 L + 265 
D Red-2 L D Re®-? 
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Problem. 


0.392 cos 


L/D 


sin 6 
1. + + 33.2 A ActL/D 


L (0.368 
N + ( od + 265 c? 
D 


Re®-? 
For Cases (a) and (b) 


- DK om 
4 


Qeond = 


Gr 


Ge — Toe? 


EXAMPLE OF APPLICATION OF RESULTS 
Two plenums are connected by a 20-ft pipe of 1 ft 
ID inclined at 30 deg to the horizontal. The plenums and pipe 
contain water at 500 F and 2000 psia. The water temperature 
in the lower plenum is 5 deg F higher than the temperature in 
the upper plenum. What is the rate at which heat is added 
to the upper plenum? 

Solution. The physical properties of water at 500 F and 2000 
psia are taken as 
ee “ly p = 49.6 pef 
= 0.260 lb/ft hr 

MM om K = 0.356 Btu/hr ft deg F 


C, = 1.153 Btu/lb deg F 


1.04 X 10-3 deg 


& Equations [34] and [36] are needed for solutions. Values for 
the constants Ac? and c? appropriate for water are 
c= 9. 28 X 


Ac? = 1.19 X 107° and 


" -§ Substituting in Equation [34] 


V = 1730 


(T: — Ts) _ 
(7, — Ts) 


or (T; — T;) = 0.56 (7; — T3) = 2.80 F 


Assume that entrance and exit-velocity head losses make up 
three velocity heads. Assume Re®*? = 11.5. Making sub- 
stitutions in Equation [36] : 


2 = 2(1.04 X 10-*) (20) (5) 


0.392(0.866) 
20 


1 + 33.2(1.19 X 10-%) (20) 


3 + 20 [ 2208 + 265 (9.28 X 10- 9] 


fph = 0.481 fps 


1 + 33.20.19 X 10- 
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Reynolds number may now be calculated (Equation [37]) as 


0.611 VDp _ 0.611(1730)(1)(49.6) 


0.260 


Re = 


= 202,000 


Re®? 
as assumed. 
The rate of heat transfer to the upper plenum is given by 


Equation [19] as 


@-= = (1)? (1730) (49.6) (1.153) (2.80) = 108,700 Btu/br 


CoNcLuSIONS 


A vigorous, single, turbulent, free-convection loop may be set 
up in a horizontal large-diameter pipe containing liquid sodium 
by adding heat at one closed end and removing it at the other 
closed end. The rate of heat transfer, which varies approxi- 
mately as the diameter raised to the five-halves power, may be 
much greater than expected. The ratio of the measured rate 
of heat transfer compared to that calculated on the basis of 
axial conduction was of the order of 600 for the test data re- 
ported. 

First estimates of the magnitudes of turbulent, free-convection, 
heat-transfer rates within a horizontal or inclined pipe having no 
net flow may be calculated based on the analysis and test data 
reported. 

The resistance to flow at the interface appears to be of the 
order of five times greater than the frictional resistance to flow 
at the pipe periphery. 

The correlations presented have little experimental support. 
Additional experimental and analytical efforts are needed to 
clarify such matters as: 


(a) Actual velocity and temperature profiles across the pipe 


cross section. 


(b) Criterion for turbulent flow. 

(c) Possibility of mixed flow—part laminar and part turbulent. 

(d) Effect of buoyancy forces on interface scale of turbulence. 

(e) Manner in which solution would change if actual flow- 
distribution variation along pipe length were factored in. 


The same general approach should be extended to laminar 
flow, and to laminar and turbulent flow with some small super- 
imposed net flow. 
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Moller Diagrams for Water 


Near Bubble Point 


By ANDRE VAN HAUTE! ano B. H. 


In many problems of engineering interest a knowledge of 
the thermodynamic properties of water in the heterogene- 
ous region near bubble point is of value. A 
Mollier diagrams for water at states from bubble point toa 
quality of 0.05 was prepared and similar diagrams relating 
to the behavior of the condensed liquid were included. 
The Mollier diagram was employed because of its utility in 
connection with graphical operations of a thermodynamic 
nature pertaining to the flow of homogeneous and hetero- 
geneous fluids near bubble point. An example of the 
application of the diagrams to the solution of the sir simple 
problem of flow in short tubes was included. 


series of 


NOMENCLATURE 


The following nomenclature is used in the paper: —_ oi 

specific enthalpy, Btu/Ib 

residual entropy, Btu/lb (see Equation [5]) 

friction associated with a differential change in state, 
Btu/lb 

quality, weight fraction gas 

pressure, psi 

specific entropy, Btu/(lb) (deg R) 

thermodynamic temperature, deg R 

specific volume, cu ft/lb Se 

coefficient (see Equation [3]}) 


INTRODUCTION 


n 
S 
T 
Vv 
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The thermodynamic properties of water have been investigated 
adequately for many conditions of engineering interest. Keenan 
and Keyes? presented a satisfactory tabulation of the properties of 
water in the gaseous and liquid regions which supplements the 
earlier compilations of Marks and Davis.* The data are partic- 
ularly useful because they include a detailed tabulation of proper- 
ties of the saturated gas, known also as dew-point gas, and the 
saturated liquid, known as bubble-point liquid, at low tempera- 
tures. Such information is directly applicable in problems 
relating to cavitation,‘ and the performance of ejectors, injectors, 
and air-conditioning equipment involving the flow of water as a 
heterogeneous fluid at relatively low quality. 

1 Department of Chemical Engineering, California Institute of 
Technology. 

2 “Thermodynamic Properties of Steam,” by J. H. Keenan and 

_ F.G. Keyes, John Wiley & Sons, Inc., New York, N. Y., 1936. 
_ §*Tables and Diagrams of the Thermal Properties of Saturated 
and Superheated Steam,” by L. 8S. Marks and H. N 
Green and Company, New York, N. Y., 1929. 
‘Fluid Mechanics, With Engineering Applications,” by R. L. 
~ Daugherty and A. C. Ingersoll, McGraw-Hill Book Company, Inc., 
New York, N. Y., fifth edition, 1954. 
o Contributed by the Heat Transfer Division and presented at 
_ the Fall Meeting, Denver, Colo., September 10-12, 1956, of Tue 
AMERICAN Society OF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 


. Davis, Longmans 
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There appears to be little reason to dwell upon the accuracy of 
the data pertaining to the thermodynamic behavior of the dew- 
point gas and the bubble-point liquid because they have been care- 
fully reviewed by Keenan and Keyes.? However, in the liquid 
region at pressures above vapor pressure the data are not pre- 
sented in detail. Often it is convenient to evaluate changes in 
enthalpy and entropy associated with changes in state in the 
homogeneous-liquid region in much the same fashion as is done in 
the homogeneous-gas region. 

To establish with precision the effect of temperature and pres- 
sure upon the properties of the liquid phase, the formulations pro- 
posed by Keenan and Keyes? were employed to evaluate the small, 
isothermal changes in enthalpy and entropy with pressure in that 
region. Isothermal changes in enthalpy were established from 


oH oV 
(22). (2%). 


Changes in entropy were determined in the following way : =} 


Isobaric changes in volume with temperature were determined 


from the formulations of Keenan and Keyes,? supplemented by 
residual graphical operations. 
_ saturated liquid and gas were taken directly from tabulations 
_available.? 
enthalpy and entropy with those obtained earlier? was realized. 


The enthalpy and entropy of the 
Agreement of the calculated isothermal changes in 


Such agreement is only an indication of the precision of the 
two sets of calculations since the same data? were used in both 
cases. The enthalpy and entropy were computed for pressures 
up to 2000 psi. 

The primary purpose of the present discussion was to present 
thermodynamic data in a form suitable for the graphical solution 
of problems involving the flow of heterogeneous and homogeneous 
fluids near bubble point. In problems involving homogeneous or 
heterogeneous flow under adiabatic conditions it is convenient 
to define the path of the flow process by the following differential 
expression 


TdS = + adH =j 


The term j represents the friction associated with the flow proc- 
ess. For many situations involving relatively short tubes, the 
quantity @ is a more convenient quantity to correlate by the 
methods of fluid mechanics with flow conditions than is friction.® 
The value of @ varies widely, depending upon the nature of the 
process. For example, the heterogeneous flow of water through 
a diffuser sometimes yields values of @ as high as 0.25 whereas 
the convergent flow of a homogeneous liquid may give a value of 
a as low as 0.02. It is beyond the scope of this discussion to con- 
sider means of predicting the magnitude of the friction associated 
with a specified flow process. In many instances the flow process 
is of such a nature that the value of a varies markedly along the 
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path. In such cases the process should be treated in two or more 
steps. It should be emphasized that the use of Equation [3] to 
describe the path of the process involves a number of limitations. 
Among these limitations consideration of the flow process as one- 
dimensional and inclusion of all forms of entropy gain in a single 
term are perhaps the most important. However, when the ex- 
changes between internal and kinetic energy are large, the path 
of the process may be described by Equation [3] with an accuracy 
adequate for many purposes even though the coefficient a@ has 
been established with poor accuracy by empirical methods. 

It is desired to present Mollier diagrams for water upon which 
flow problems may be solved when a knowledge of the friction or 
of ais available. Equation [3] may be rewritten in the following 


In this instance, each member of the equation represents the 
slope of a line describing the path of a process upon a Mollier 
diagram and thus makes the latter form of presentation partic- 
ularly useful in the solution of flow problems. Figs. 1 and 2 
present such diagrams for water in the heterogeneous region upon 
which a series of lines of constant value of a have been placed. 
The values of a used were chosen arbitrarily for illustrative pur- 
poses. As would be expected, Fig. 1 shows that when a is equal 
to 0.05 the paths are much more nearly isentropic than those in 
Fig. 2 with a value of 0.25 for a. Arrows are shown upon the 
paths because the entropy increases regardless of whether the 
enthalpy increases or decreases during the process. The number 
of curves shown in the heterogeneous region has been limited in 
order to avoid undue complexity of these illustrative diagrams. 


Mo DIAGRAMS 


Mollier diagrams in the heterogeneous region are characterized 
by a linear isothermal or isobaric change in enthalpy with 
entropy and with but small change in enthalpy with pressure or 
temperature at constant entropy. For this reason it is necessary 
to employ relatively large scales to yield the desired precision of 
representation, particularly at low temperatures and pressures. 
This fact is illustrated in Fig. 3. It is an enthalpy-entropy 
diagram for qualities on'y as low as 0.1 since at lower qualities 
the isobars are too close together for proper representation. Iso- 
bars and lines of constant quality were included on this diagram. 
A single line directly relating the temperature to the enthalpy 
at bubble point was shown for reference purposes. From a 
knowledge of either a temperature or a pressure it is possible 
to establish the enthalpy and entropy at bubble point. No 
difficulty results from linear interpolation between the isobars in 
the heterogeneous region. The appropriate values of the slope 
dH /dS expressed in degrees Rankine may be obtained from Equa- 
tion [4]. The slope is a single-valued function of @ and the 
temperature. 

Figs. 4, 5, and 6 present residual Mollier diagrams for progres- 
sively increasing temperatures in the heterogeneous region. Upon 
each diagram lines of constant pressure, quality, and enthalpy 
were included. The residual enthalpy reported as the ordinate 
was evaluated from the following expression 


The relationship of the entropy of the bubble-point liquid to 
temperature is shown in addition. These diagrams overlap 
sufficiently so that in many cases the same state may be found on 
two of the figures. It should be emphasized that the slopes 
dH /dS obtained from Equation [4] are not directly applicable to 
paths on these residual diagrams. It is necessary to construct a 
path to the accuracy desired by a suitable step-wise process if 


7 DisGram ror WaTeR 1N CoNnDENSED-LiIQuID 
ReGIon aT TEMPERATURES BETWEEN 32 anv 400 F 


Fic. 8 Diacram ror WaTER IN CONDENSED-LiquID 
ReaGion at TEMPERATURES BETWEEN 375 anv 705 F 


the path is not isentropic. This can be done readily with a set 
of parallel rules, and the following expression 


dH dH 
= = + 
dS dS 

Figs. 7 and 8° are residual Mollier diagrams for water in the con- 
densed-liquid regions showing lines of constant temperature, 
pressure, volume, and enthalpy. In these diagrams the residual 
enthalpy also was established from Equation [5]. 


ILLUSTRATIVE Use or D1aGRAmMs 


A schematic diagram of a diffuser handling a heterogeneous 
mixture of water is presented in Fig. 9. The fluid enters the 
diffusing section at a pressure of 6 psi and discharges at a pressure 
of 600 psi. The conditions assumed at the entrance to the diffuser 
at D are set forth in one column of Table 1. A value of a@ of 0.15 


* Large-scale copies of Figs. 4 to 8, inclusive, may be obtained from 
the authors for the cost of reproduction. These diagrams are 
arranged to facilitate the graphical solution of flow problems directly 
upon the charts supplied. 
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was assumed to apply in the heterogeneous region and of 0.05 
in the homogeneous region within the diffuser. It was assumed 
that the average velocity of the liquid and gas phases was identical 
in computing kinetic energy. From the information submitted 
in Figs. 5 and 6, the path of the process assuming local equi- 
librium was estimated from the initial state to bubble point, 
Fic. 9 Scuematic D1iacRaM OF DiFFUSER as shown in Fig. 10. The conditions at bubble point are recorded 
in Table 1. The remaining part of the diffusion process was fol- 
lowed upon Fig. 7, which applied to the condensed liquid region. 
The latter part of the path is also shown in Fig. 10 and exit con- 
ditions are set forth in Table 1. The curves shown in Fig. 10 were 
computed by the step-wise solution of Equation [4] utilizing the 
information submitted in Figs. 6 and 7 to establish the actual path 
Sune POINT of the process. For persons interested in the details of this exam- 
177.6 LB. PER SQ.IN. ple, the states at a number of points along the path are presented 

+ in Table 2. These calculations illustrate the utility of graphical 
representation of thermodynamic data for low qualities upon a 
Mollier diagram. 
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Discussion 


K. M. TREADWELL’ AND R. E. Bruckner.’ The authors are 
to be complimented for their work in making available to engi- 
neers Mollier charts in the low-quality region, which is becoming 
1 of increasing importance not only in commercial air conditioning 
but also in certain phases of nuclear-power plant development. 
At the Westinghouse Research Laboratories, when it was found 

AREA that existing steam charts did not extend below qualities of 50 

° 
per cent, it was decided to construct a large-scale chart showing 
the properties of wet steam down to 0 quality. This work was 
| embodied in Research Report 60-8-05-24-R21, entitled ‘‘Proper- 
—— 200 300 — 500 ties of Wet Steam at Low Pressures,’’ by T. C. Tsu and D. T. 
PRESSURE LB. PER SQ.IN Beecher. Preliminary studies of different ways of plotting such 

a chart compared: 


Fic. 10 Pats or Process Dirrvuser 
1 Entropy versus pressure. 
2 Entropy versus enthalpy (Mollier chart), as in the present 


TABLE 1 INLET, BUBBLE-POINT. AND OUTLET CONDITIONS pans, 
d FOR A DIFFUSER pape 


Quantity Inleta Bubble point Outlete 3 Pressure versus entropy. eu 


Pressure, psia 
we Velocity: tps. 10 


"Weight rate of flow, ln/eee. = 50 50 Mollier chart was considered undesirable because ‘“‘near the 
_ Cross-sectional area, sq ft.. 0.091 saturated liquid region, all the lines of constant pressure con- 
4 a. 0.05 verge toward a point and are quite congested.’”’ Further study 
ey: oe of other methods of plotting resulted in the choice of Method 1 
3 “entropy versus pressure’ with lines of constant entropy and 
q Entropy, / : constant quality. This gives a chart as open and readable as 

a the familiar Mollier chart of the high-quality region. 


Heterogeneous. .. f,: t 0.5310 0.5311 he paper, the heavy-print H in th 
"ie volume, cu ft/lb Again referring to the pape y-p e 
mal, 0.01827 0.1822 


61.98 7 Atomic Power Divisicn, Westinghouse Electric Corporation, 
10.86 Pittsburgh, Pa. Assoc. Mem. ASME. 


: * Research Engineer, Atomic Power Division, Westinghouse Elec- 
= Bi 
liqu on = 0.15 in heterogeneous and 0.05 in homogeneous- trie Corporation, Pittsburgh, Pa. Mem. ASME. 


TABLE 2 PATH OF FLOW PROCESS IN DIFFUSER 
Pressure, psi 
100 


Entropy, Btu/(Ib) (deg R) 
Enthalpy, Btu/lb 
ality (fraction vapor) 
coefficients a, dimensionless 
Specific volume, cu ft/lb 
(a Velocity, fps +5 fps 
Area, 
Radius, f 
Weight of flow,¢ lb/sec 


a Established conditions. 


q 

=> 
5 
20 
\ 
1.0 

0.5 

| 
0.1 100 ks 
00s 
f 
0.01 
005 
0.002 
: 
» 
» 
e 
177.6 400 
335.6 339 4.8 345.4 346.6 
0.15 0.15 0.15 0.15 0.05 0.05 0.05 
1.137 0.621 0.237 0.01826 0.01824 0.01822 
bi DEERME 740 610 435 300 245 10 
0.414 0.0767 0.051 0.0272 0.00305 0.00372 0.0911 
0.362 0.156 0.127 0.093 0.0306 0.0344 0.170 
, 50 50 50 50 50 50 
x 


, 


nomenclature should, of course, read “residual enthalpy’’ not 
“residual entropy.’’ Equation [3] is not the usual form of the 
differential equation for compressible flow. It would appear 
to be true for a constant-pressure process for which Vdp would 
be O—unless the authors intend that the new term “alpha’’ 
should include the Vdp quantity. This point should be clarified. 

Analysis of Table 2 shows that the total energy (enthalpy 
plus kinetic energy) remains constant at 346.6 Btu/lb through- 
out flow. However, the total pressure (static pressure plus dy- 
namic pressure) varies widely, even in the homogeneous all- 
water part of the flow beyond the bubble point. Here the static 
pressure rises from 177.6 to 600 psi. The total pressure is 708 at 
the 177.6 static psi point, 755 at the 400 static psi point, and 
601 at the 600 static psi point Z. It is possible that these large 
random variations in total pressure result from the aforemen- 
tioned converging of the lines of constant pressure in the Mollier 
diagram of Fig. 7 on which this part of the flow in Table 2 was 
based. If so, this would indicate further the desirability of pre- 


senting the data in the form of an enthalpy-pressure chart. 


G. L. West, Jr. The authors have supplied curves which 
should meet one of the comments on a paper by M. W. Benjamin 
and J. G. Miller.“ It is possible by choosing a@ easily to avoid 
making the common assumption of an isentropic-flow process. 
By choosing several a’s, the effect of the flow process can be 
estimated in order to find a range of uncertainty. Although it is 
outside the scope of this paper some criteria for the determi- 
nation of a@ would be a beneficial addition. It is true, however, 
that with large flows and high pressure drops the exact 
value of the friction factor does not have a large cect; therefore, 
the exact determination of @ is not important. 

The authors assume that the velocity of the gaseous and 
liquid phases is the same. This assumption appears to be 
justified for most engineering calculations. However, this 
question previously has been raised and should be resolved. 
Even though the exact determination of the friction factor is 
not important for high flows and pressure drops, the thermo- 
dynamic process is important. The use of the equilibrium states 
for the foregoing condition is open to question. Since the pres- 


* Newport News Shipbuilding and Dry Dock Company, Newport 
News, Va. 

%” “The Flow of a Flashing Mixture of Water and Steam Through 
Pipes,” by J. G. Miller and M. W. Benjamin, Trans. ASME, vol. 
64, 1942, pp. 657-669. 
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ent paper contains no experimental work, it is not being sug- 
gested that these data should have been included, but that future 
work should consider the flow mechanisms. 

The paper is a worthy addition to the literature on the proper- 
ties of water. There have been numerous times when the writer 
could have made good use of these diagrams. 


AvutTuors’ CLOSURE 


The authors agree with Messrs. Treadwell and Bruckner that 
an enthalpy-pressure diagram will satisfactorily display the ther- 
modynamic properties in the heterogeneous region adjacent to 
bubble point. However, in the authors’ opinion the enthalpy- 
entropy diagram possesses certain advantages for the descrip- 
tion of nearly adiabatic frictional processes. It was for this 
reason that these residual diagrams were prepared. The limita- 
tions of Equation [3] as stated by Treadwell and Bruckner are 
valid in treating the system from a macroscopic standpoint but 
the approach can be materially extended by microscopic con- 
siderations following the principles of irreversible thermody- 
namics as set forth by de Groot" and Denbigh.'? The variations 
in total pressure cited by Treadwell and Bruckner may result 
from a somewhat arbitrary choice of path for the flow process in 
this diffuser, rather than from the convergence of the isobars 
on the Mollier diagram. 

Equation [3] appears applicable to any one-dimensional, 
macroscopic flow process wherein the only exchanges in energy 
encountered are those between the internal energy of the 
system and the kinetic energy of the flow. The expression is in 
no way limited to constant pressure processes as indicated by 
Treadwell and Bruckner. The term VdP mentioned by them is 
included in this evaluation of the energy exchanges along with the 
other derivative of the pressure-volume product. 

The assumption of equal velocities for the liquid and gas phases 
mentioned by West was made in the example employed, other- 
wise some deviation from the kinetic energy indicated would 
result from the differing speeds of the two phases. In regard to 
deviations from equilibrium, the authors’ experience shows that 
subcooling of the gas phase does not persist for more than a few 
microseconds in flows normally experienced in nozzles. Somewhat 
greater deviations may be realized in the evaporation of liquid 
into the gas phase. 

11“*Thermodynamics of Irreversible Processes,”” by S. R. de Groot, 
Interscience Publishers, Inc., New York, N. Y., 1952. 


12*The Thermodynamics of the Steady State,’’ by K. G. Denbigh, 
John Wiley and Sons, Inc., New York, N. Y., 1951. 


The temperature on the flat side of a semi-infinite solid 
is suddenly raised to a certain value. Then at two stations 
inside the solid, the temperature variations with time are 
recorded by means of thermocouples, a string galvanome- 
ter, and synchronized photographic equipment. Both the 
thermal conductivity and specific heat can be determined 
in the same experiment. The time for measurement is 
only 30 sec. The result is estimated to be accurate to 
within 2 per cent for certain metals. 


INTRODUCTION 


JY ARIOUS methods (1-18)? have been devised in the past 
\ for measuring the thermal conductivities of metals at 
ordinary or higher temperatures. Fundamentally they 
can be classified into two categories; namely, the steady methods 
and the transient methods. The former usually determine the 
conductivities while the latter give the diffusivities. The steady 
methods often involve the measurement of heat quantity which 
results in a real problem on the elimination of heat loss. The time 
required for testing is also rather long. In transient methods, 
_ the changing temperatures instead of heat quantity are measured. 
But for the several methods developed in recent years, the testing 
specimens are mostly in the form of long rods or wire, which are 
not always available in certain metals. Furthermore, they 
usually require much longer time for the measurement. 
It has been a difficult task to maintain a constant temperature 
at the end of a rod or wire, or on one side of a plate for the dura- 
tion of the test. This problem is solved in this method by bring- 


ing two plates together so that the temperature at the contact — 


plane remains constant during the testing period. 


TEMPERATURE CHANGES INsIDE SEMI-INFINITE SoLips 


Let us consider a semi-infinite solid which has a plane z = 0 on 
the left and extends in all other directions to infinity. If the solid 
is initially kept at a uniform temperature of @ deg C and the tem- 
perature at the plane z = 0 is suddenly raised to J» and main- 
tained there throughout the period of measurement, then the 
temperature # inside the solid at various distances z from the 
plane z = O will change with time according to the following 


equation 
z 
= G(z) =G (. 
(4at) 


1Chairman, Mechanical Engineering Department, University of 
Dayton. 

2 Numbers in parentheses refer to the Bibliography at the end of 

the paper. 

Contributed by the Heat Transfer Division and presented at the 
Fall Meeting, Denver, Colo., September 10-12, 1956, of Tae Amenrti- 
CAN Society OF MECHANICAL ENGINEERS. 

Norte: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, June 19, 
1956. Paper No. 56—F-11. 
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Determination of Thermal Conductivities of 


Metals by Measuring Transient 
Temperatures in Semi-Infinite Solids 


By S. T. HSU,! DAYTON, OHIO 


where 


2 (4at) 

G = Gauss error integral —- f e~ "dP 


0 
= time in hours 


= density, Kg/m!* 
= specific heat, Keal/Kg C 


Were it possible to maintain the temperature & for a certain 
length of time in practical experiments, the value a could be de- 
termined by measuring 8 and the corresponding time at a certain 
station z distance from the plane z = 0. Attempts made in the 
past to secure this constant temperature were not very successful. 
This is the first time that an answer has been found by the use of 
two semi-infinite plates simultaneously as shown in Fig. 1. 


Fig. 1 


Assume that the plate at left has an initial uniform tempera- 
ture of 0’ and that at right 6”.. If they are suddenly brought into © 
perfect contact with each other, then the temperature at the | 
plane z = 0 will stay at, say, Jo constantly, so long as the plates — 
are insulated. 

Under these conditions 


and for rz > 0 


1197 


NS 
Yy 
= 


Initial Temperature 8 


Temperature [°c] 


w 


Temperature 


25 
23.7 ” 
Initial Temperature GO 


therefore 


Likewise 
ov 


” 


ox 


_ 


V (at) 


When Equations [5] and [6] are substituted in Equation [2], the 
result is 

— 0” 
The term +/(Ayc) = bis called the coefficient of heat penetration- 
This is based on the assumption that J remains constant during 
the process of heat transfer. 

In case the two semi-infinite plates are made of the same ma- 
terial, the temperature at the contact plane will then be equal to 
the arithmetic mean of the initial temperatures of the two plates. 
If the temperature at a distance z from the contact plane is 
measured at a certain instant, a’ can be determined with known 
values of z, t, 6’, 3’ and &. The values y’ and c’ are usually 
known or can be determined easily by simple experiments. There- 
fore \’ can be computed. This plate of known properties is then 
to be used as a standard specimen for testing unknown metals. 

When the standard specimen and a metal plate of unknown 
properties are brought together into contact, the temperature J) 
at the contact plane will assume the value as indicated in Equa- 
tion [7]. With the data from experiment, the temperature dy is 
determined by the graphical method. Starting from the moment 


qu 
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when the contact begins, if the temperatures are measured in both 
testing specimens at various predetermined distances from the 
contact plane at various time intervals, the data can be plotted in 
curves as shown in Fig. 2. Theoretically, all these curves should 

‘meet in one point at the contact plane with perfect contact. So 
_ the point of intersection of all these curves will indicate on the 
‘temperature scale the contact temperature &%, which will lead to 
the determination of \ through Equation [7] if 7 and c are known. 

Otherwise Equation [7] will give the value b = +/(Ayc). At 
the same time, every point on the curves of Fig. 2 indicates a 
value of temperature J and the corresponding values of zr and ¢. 
With known values of 6 and >, the thermal diffusivity a can then 
determined. Since a = it is evident that the product of 
ab? = \* and the ratio of b/\/a = yC. As 7 can be measured 
rather easily, the specific heat C can therefore be calculated. In 
consequence, this method can be used for measuring not only 
but also C of a metal. 


DuRATION AND ACCURACY 
Since er method i is based upon the principle of a semi-infinite 


1 But if the time of measurement is limited to a very short 
- duration, the temperature wave penetrates into the solid only a 
small depth so that the metal affected by the temperature varia- 
_ tion will have a thickness of at most a few inches. It is important 
however, that heat be confined to flow in one direction. As 
_ shown in the arrangement of Fig. 4, a nickel plate of 70 mm thick- 
ness will act just the same as a semi-infinite solid if the time of 
os, asurement is kept so short that the value of L/+/(4at) does not 
below 1.77. 

It can be seen later that the accuracy of this method depends 
upon the accuracy of the simultaneous measurements made on 
_ temperature, time, and distance. Since the Gauss function does 

not change appreciably for value of z > 1, it is important to ad- 
just the measurement so that the values of z will be relatively 
smaller than 1. 


HeaAt-TRANSFER RESISTANCE AT THE CONTACT PLANE 


It has been assumed so far that the contact between the two 
semi-infinite bodies is perfect. In case a very thin layer of air, 
liquid, or other substance exists between the two surfaces, the 
solution of this problem would certainly be more complicated. 
In the equation 


the initial condition is 
z>0, t<0: 3 = @ = constant 


For the simple case when the two semi-infinite plates are made of 
the same material, the temperature distribution on both sides 
naturally will still be symmetric as before. The boundary condi- 


tion is 
ov 
z=0, ¢>0: —r + — = 0 = 


where A is the coefficient of heat transfer at the contact plane. 
Assume that / is constant throughout the period of measurement, 
z 


then (19) 
G 
(Sim) 


(52,5 + | 


In order to reduce this equation to a ou form, let 


< 
| 60 
| | | 
45 
ky 
= 
ae 
: 


y =hvV(at) and gq=yt+z 


V (4at)’ 


+ = —2 + (2+ =—2+¢@ 
and Equation [9] becomes 


vo 
6— 


Tables (20) are available for the factors G(z), e~ 


For every value of 


a series of values g and z or a and k may be assumed and found so 
that the function a = f(h) can be plotted and the intersection of 
such curves will give the required values of a and h. In actual 
cases, h is not constant and the curves will not intersect at one 
point. As a result, the solution is not definite. Furthermore, 
when the two plates are made of different materials, Equation [9] 
becomes so complicated that the method will be of very little 
practical value. This necessitates the elimination of this re- 
sistance at the contact plane during the measuring period. Then 
the contact can be assumed to be perfect in the evaluation of ex- 
perimental results. After a series of experiments, this objective 
was finally achieved by the application of a thin layer of grease 
mixed with graphite powder on both sides and a considerable 
amount of pressure from a hand-operated arbor press to force the 
two surfaces together. The pressure was approximately 500 psi. 


= Gz) + [1 — G(q)) 


2 2 
#, and 


DESCRIPTION OF MEASURING AND RECORDING APPARATUS 


The temperature variations inside the specimen were trans- 
formed by means of thermocouples into microvoltage fluctuations 
which produced various degrees of deflections on the fine golden 
string of a string-galvanometer. The thermocouples were made 
of copper and constantan wires of 0.3 mm diam and installed in 
the holes of 1 mm diam. Quartz tubes of 0.9 mm OD were used 
for insulation. The holes, drilled radially from and perpendicular 


to the center line of the cylinder, extended from the center line 


of the cylinder to the outside surface. They were spaced at 90 deg 
from each other. 
The shadow of the string created by a beam of light from a 


strong arc lamp was cast on the sensitive photographic paper of a 
The arrangement is shown diagram-_ : 


rotating-drum camera. 


~~ 


matically in Fig. 3. The two coils of the galvanometer have a 


combined resistance of 1.80hm. The golden string has a diameter 


the arc lamp, cooled by the water-filled lens, passed through the 
condenser lens and struck the golden string. From there it — 


traveled through the objective lens, a round hole, a narrow open- 


ing, and finally fell on the sensitive paper when the camera shutter 


was opened. Since the temperature changed with time, the 


deflection of the string and hence the position of its shadow on the — 


photographic paper changed accordingly. As the paper drum 


rotated at a certain previously set speed, the enlarged curve of 


. automatically. 


The specimens were insulated as shown in Fig. 4. An electric 


oven was used for heating one specimen and a refrigerator for 
cooling the other. The thermocouple leads were left outside the 


oven and refrigerator so that the temperatures inside the speci- 


mens could be checked for their uniformity before the measure- 
ment was made. 
inside the testing specimens. 

Since the holes for the thermocouples are 1 mm diam and 25 mm 
deep, the cross-sectional area of the hole is 25 mm*. The speci- 
men has a cross-sectional area of 1960 mm?. 
mocouple hole occupies about 1.27 per cent of the total cross-— 
sectional area of the specimen. Some perturbance of heat flow 
doubtlessly occurs near the thermocouples, but the error can be 
neglected, 


ComPuTATIONS AND RESULTS 

The photograph from the rotating-drum camera shows nine 
parallel calibration lines. The space between two lines indicates 
0.2 millivolt. The dotted straight line below the last calibration 
line is a measure of time. Each space and dash corresponds to 1 
sec. The picture shows two bands of curves. The upper band 
of four curves represents the temperature variations at four sta- 
tions inside one nickel specimen (later on used as standard speci- 
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men) and the lower band of two curves represents the tempera- 
ture variations at two stations inside the other nickel specimen 
(the testing specimen). Here tea 

6’ = 69.9 


6” = 23.7 


The various distances from the temperature curves to the zero 
calibration line can now be measured. The computed values of 
the corresponding temperatures are shown in Table 1. When 
these values are plotted, the intersection of the curves gives the 
temperature at the contact plane as illustrated in Fig. 2 


= 46.7 Cc 


which proves to be very close to the arithmetic mean of 0’ and 6”. 

- Now the temperature difference (« — J) can be calculated. 
With the differences between the initial temperatures and the 

temperature at contact surface i. 


6’ — = 69.9 — 46.7 = 23.2C 
— 9, = 


the temperature ratios 


can be determined. 


he 


int TABLE | TEMPERATURES IN DEGREES C 


z 


TABLE 2 THERMAL DIFFUSIVITY a = 4tz? IN M?/H 


NS" 


\ 


\ Heles for 
“nermo- 
couple 


According to Equation [1] 

the values z can be found with the aid of Gauss error integral 


tables. Then the required values of a can be solved (see Table 


2). 
The mean value of a for the standard specimen (20 points) is 


a’ = 0.0558 m*/h 


= Gz) with z= 


V (4at) 


in the temperature range 46.7 to 69.9 C, and for the testing speci- 
men (10 points) 


a” = 0.0568 m*/h 


in the temperature range 23.7 to 46.7 C. 


The mean value of all the 30 points is 
a = 0.0561 m?/h 


The error from the mean value for the standard specimen is 0.5 
per cent and for the testing specimen is 1.2 per cent. 


With 
= 8870 Kg/m? 


0.109 Keal/KgC 


the coefficient of heat conductivity is \’ = 53.9 Kcal/mh C for the 
standard specimen, in the temperature range 46.7 to 69.9 C; \” 
= 54.9 Keal/mh C for the testing speci- 
men, in the temperature range 23.7 to 46.7 
C; and their mean value \ = 54.2 Kcal/ 
mh C. 

The nickel used was commercial nickel 
with guaranteed purity of at least 99 per 
cent. According to Table 3 the value 
would be very close to 54.2 if the purity 
happens to be 99.1 per cent. It would be 
interesting to check the result with that 
from a steady method as used by the 
Bureau of Standards. 


and 


ain m*/h 
Standard 


specimen 


Testing 
specimen 


A specimen of stainless steel also was 
tested. The composition was as follows: 
C, 0.18 per cent; Cr, 13.5 per cent; Ni, 
0.7 per cent. The same nickel standard 
specimen was used 
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= 
q 
| 
and 
q 
t Uo — 0 
(7 in mm 
114.95 69.9 64.6 60.85 
Standard specimen 8.92 69.9 59.0 55.65 
5.01 69.9 53.9 51.85 
2.09 69.9 49.85 48.9 
—2.69 23.7 42.75 43.8 
Testing specimen {=3:$8 23.7 33.7 37.1 
i 
4 
} 0 5 10 15 
in mm 
14.95 0.0554 0.0554 0.0550 
8.92 0.0562 0.0549 0.0557 0.0. 
5.01 — 0.0568 0.0570 0.0560 0.0545 0.0 
2.09 0.0537 0.0555 0.0586 0.0559 0.0. 
i | f —2.69 0.0557 0.0519 0.0575 0.0545 0.0. 
—9.96 0.0576 0.0593 0.0578 0.0586 0.0. 


es 


TABLE 3 HEAT CONDUCTIVITY OF NICKEL (A) 


Conductivity Temp, 
in Keal/mh C deg C 


78.0 
61.5 
59.0 


50.4 


Purity of nickel, 
per cent 
99.9 
99.5 


Reference 
(22) 
Sawyer 


6’ = 64.0C 

6” = 26.95 C 

= 50.4C 
According to Equation [7] 


6’ — _ 13.60 _ 
V(A'y'C’) 2345 
= (0.580)? = 17,600 K cal?/m‘h C? | 


= 0.0227 m*/h 


” = 20.0 Kceal/mh C 


in the temperature range 26.95 to 50.4 C, and 
= 880 Kcal/m* C 


= 7690 Kg/m* 


C = 0.114 Keal/Kg C 


As measured 


Therefore 


According to Koch, a similar grade of steel has the following 
properties at 20 C: 
= 7760 Kg/m', C = 0.11 Keal/Kg C, 
= 27 Keal/mh C 


10 per cent Cr: 


= 7670 Kg/m', C = 0.11 Keal/Kg C, 


= 20 Kceal/mh C 


20 per cent Cr: 


The value of specific heat is very close to the result of the test. 
While the testing temperature was about 30 deg higher than 20 C, 
the conductivity could vary with temperature. It also could be 
influenced by the different contents of Si and Mn in the steel. 

As definite data on the metals used in these experiments are 
not available at present, it is not easy to figure out the accuracy 
of this method. However, with some improvements in the tech- 
nique of handling the specimens, an accuracy within about 2 per 
cent probably can be achieved. 

All experiments were performed within the temperature range 
of 20 to 80 C. The specimens were brought into contact at room 
temperature. However, if special mechanisms are designed to 
handle the specimens, the experiments can be carried out inside a 
controlled-temperature chamber. This will permit the measure- 
ment of thermal conductivity at any temperature range. 
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. Carslaw and J. C. 


P. J. Scunerwer.* The author is to be congratulated on adding 
still another technique to the long list of known schemes for 
measuring the thermal conductivity of solid materials. The new 
technique of maintaining a uniform and constant surface tempera- 
ture is indeed novel. 


3 Department of Mechanical Engineering, University of Minnesota, 
Minn. 
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instantaneous rise in surface temperature. 
conductances are achieved in the present method, this condi- 


As in many other innovations, however, the new approach 
might appear simply to trade one set of problems for another. 
One question which might arise in this connection is: ‘Why 
trade the steady method for a more difficult transient method if 


- thermal conductivities rather than thermal diffusivities are of in- 
 terest?’’ 


The transient method used here is difficult because it 
must satisfy a difficult initial and surface condition‘; namely, an 
Even if high contact 


tion can only be approximated at best. If it is not well satisfied, 
then the complete temperature history in the two solids is af- 
fected. Although Fig. 2° indicates (by extrapolation) that steady 
contact temperatures were achieved, no information is given with 
regard to the 5-sec transient preceding the first instantaneous tem- 
perature profile illustrated. A question also arises as to whether 
measurements at only two depths in the test specimen are suf- 
ficient to establish this instantaneous temperature profile. 

The actual contact conductance between the specimens is 
known to be sensitive to such things as surface roughness, joint 
pressure, hardness of the softer material, and the properties of any 
entrapped fluid. Unfortunately it also depends on the mean 
contact temperature and conductivities of the two materials, 


- both unknown. On the other hand an exact solution can be ob- 


tained which includes the effect of this interface resistance, and a 
separate experiment could be undertaken to evaluate it. The 
question naturally would arise (in regard to the final experiment) 
that if the contact resistance is strongly dependent on the con- 
tact pressure, how close to instantaneous can one apply the re- 
quired pressure by means of a hand arbor? 

Another question arises in connection with the testing proce- 
dure; since thermocouples were not installed to measure the 
contact temperature, one could not be absolutely certain that 
initial temperature gradients were zero. Further, if an initial 
temperature gradient did exist, it would be greatest in this region 
between the surface and first thermocouple. It also might be 
worth while to install thermocouples at several radii for the first 
measuring station to see if both initial and subsequent radial tem- 
perature gradients are zero. If one assumes a uniform surface 


uf temperature on an insulated circular rod, then no radial tempera- 


ture gradients can exist. However, if one specifies a uniform heat 


input over the contact face, then radial temperature gradients 


can exist. Under the latter condition, the assumption of one- 
dimensional flow no longer holds. 

_ There is, presently, an urgent need for conductivity data at 
elevated temperatures, and one naturally asks if the present 
method can be adapted to this need. Particular reference is 


_ made here to the problem of oxidation of the contact faces at 


higher temperatures. 
It is hoped that the author’s ambitious program of investiga- 


tion will be continued in an effort not only to explore the full 


potentiality of his new technique, but to obtain sufficient data to 


- compare with thermal conductivities obtained independently by 


J. R. Woo.r.* It appears that the author has practically 
eliminated the contact resistance so that the thermal diffusivity of 


- metals may be determined from the classical solution of the 


transient-temperature distribution in the semi-infinite solid. His 


4 The initial condition following Equation [8] of the paper is in- 


complete. 


6 This figure lacks an abscissa scale. 
_ © Professor of Mechanical Engineering, A. and M. College of Texas, 
College Station, Texas. Mem. ASME. 
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more and better thermophysical data on the materials which engi- 
neers encounter frequently. 

The method of reducing the contact resistance to an acceptable 
value seems to have been successful. It would be desirable, as 
the author notes, to compare results of exact duplicate alloys with 
values established by the methods previously considered the most 
accurate. The great variation of thermal conductivity with alloy 
composition makes comparison of data rather difficult and often 
meaningless. 

While reading this paper, one question kept occurring: ‘Is the 
interface temperature necessarily independent of time for any ex- 
perimental run?’’ Obviously it is for the case of both bodies 
being of the same material and having like properties y, C, and X. 
From consideration of the first law of thermodynamics, however, 
one finds that the final temperatures at thermal equilibrium are, 
for geometrically identical bodies, given by the following a - 

— 0’) = — dr) 
Solving for J, the interface temperature which, of course, would 
be the temperature of both bodies throughout 
= 
7c’ 


+ 


In the author’s case of measuring the diffusivity of a steel, using 
the nickel as a standard, the following values were used or de- 
termined 


3) = 50.4C = initial interface temperature 


Nickel 
= 64.0 
= .109 
= 8870 
= 54.2 


Steel 
deg C 6” = 26.95 
Keal /kg C Cc” = 0.114 
kg/m? ”" = 7690 
Keal /mh C ” = 20.0 


The equilibrium interface temperature is calculated as 


0.109(8870) 
: . 95 
- = 44.28C 


ig 0.109(8870) 
0.114(7690) 


The difference between the initial interface temperature and 
the equilibrium interface temperature is 16.6 per cent of the 
difference between the original temperatures of the two bodies. 
However, further consideration reveals that the initial interface 
temperature will hold until the temperature of the ends of the 
bodies changes from the original temperature. Therefore, the 
author’s calculations are valid since the specimen size and time of 
observations were prescribed by this same condition. It was felt 
that this point should be mentioned as a caution in conducting 
further experiments along this line. 

Frequently the end of such a project as the author has under- 
taken is the proof of the accuracy of the apparatus. Let us hope 
that, in this case, he will be able to use his apparatus for a useful 
purpose—the production of data on the conductivity and dif- 
fusivity of solids, particularly metals at moderately high tem- 
peratures. There is a need for these data and he has the ability 
and the interest to obtain them for us. 


AuTHOR’s CLOSURE 
All the comments and remarks appearing in the discussion are 
greatly appreciated. While Dr. Schneider pointed out that the 
initial condition following Equation [8] is incomplete, the only 
item which was left out is 
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which is actually independent of time. The abscissa scale of 
Fig. 2 is equal to 4 mm per space. 

Theoretically, a steady method would appear more simple than 
the transient method for the determination of thermal conductivi- 
ties rather than thermal diffusivities. Yet the problem of 
eliminating the heat loss and reducing the time of measurement 
has not been successfully solved. Here again the steady method 
involves usually the measurement of heat quantity which is well 
known to be very difficult. By cutting down the measuring time 
to a few seconds, the transient method offers many advantages. 
A close examination of the arrangement will show that the initial 
condition is well satisfied to give the results accurately enough for 
engineering purposes. 

If it is necessary, the temperature profile within the first 5- 
second transient period can also be plotted in the figure. To es- 
tablish accurate instantaneous temperature profile, it is not suf- 
ficient to have measurements at only two depths in the test speci- 
men. However, the important thing in this case is not the in- 
stantaneous temperature profile but the intersection of all the 
temperature curves. So far the portions of the curves near the 
contact plane assume fairly straight shapes; measurements at two 
depths are quite adequate. The drawback of having too many 
thermocouples inside the specimen is that the heat flow-pattern 
will be greatly distorted. 

It is obvious that the contact resistance cannot be completely 
eliminated. To apply contact pressure together with a thin coat 
of graphite will reduce this resistance to a value low enough to 
yield accurate results. In order to achieve an instantaneous ap- 
plication of the required pressure, a special arrangement of cer- 
tain mechanical devices would be desirable. The author used 
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two contact aeaiatil in conjunction with the hand press so that 
the measurement of zero time can be fairly accurate. 

For the purpose of determining whether an initial temperature 


gradient did exist inside the specimen, a separate test was made _ 


by inserting six thermocouples along the axis of a specimen and 
measuring the temperature at various depths with a rotary switch. 
The temperature was found to be uniform throughout the length 
of the axis of the specimen. With the insulations as shown in 
Fig. 4, it is doubtless that the flow of heat is one-dimensional at 
least around the area near the axis. 

This method can certainly be used for conductivity data at 
elevated temperature. In this case the author suggests that the 
specimen be heated together with another protective plate of same 
material. They should be clamped together during the heating 
process so as to avoid the oxidation of the specimen’s surface. 
Of course automatic mechanism must be designed for handling 
the specimen. 

Professor Woolf indicated that for geometrically identical 
bodies the final temperatures at thermal equilibrium are given 
by the relation 


r’c’ (Bo — 8’) = (0" — do) 


This is true only when & is the final uniform equilibrium tem- 
perature of the bodies. However, in this case, within a certain 
definite time interval, the heat wave travels farther in one body 
than in the other. Consequently, this equation can no longer be 
applied. This is in agreement with Professor Woolf's statement 
that the initial interface temperature will hold until the tem- 
perature of the ends of the bodies changes from the original 
temperature. In fact, the measurement of temperatures has to 
be completed before the heat wave reaches the end of the ~ 
specimen, or the value of L/(4at)'/? must be > 1.77 - 
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lights of the 1956 meeting of the American Nuclear Society are 
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the two volumes containing Selected Papers From the Ist Nuclear 
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